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This issue of the JOURNAL OF ENGINEERING FOR GAS TURBINES AND POWER contains two noteworthy
papers. ‘‘Combined Power Plants—Past, Present, and Future,”’ by Dr, John Horlock, was presented
as the Calvin Rice Award Lecture at ASME Cogen Turbo Power *94, held in Portland, Oregon,

October 25-27, 1994. ‘“The Role of Fuel Preparation in Low-Emission Combustion (ASME Paper
No. 95-GT-465),”” by Professor Arthur H. Lefebvre, was presented as the IGTI Scholar Award
Lecture at ASME Turbo Expo 95, the 40th Gas Turbine and Aeroengine Conference, Houston,
Texas, June 5-8, 1995. Biographies of these two authors are presented below.

The Rice Lecture was founded in 1934 to honor Calvin W.
Rice, who served as secretary of the ASME from 1906 to 1934,
The award is intended to increase understanding among engi-
neers worldwide, an activity for which Mr. Rice was well
known. The 1994 recipient, Dr. John Horlock, is an international
authority on power cycles and on gas turbine engine compo-
nents, including compressors and turbines. He is well known for
his numerous and useful technical books, papers, and lectures on
these subjects. He is very active as an author, lecturer, and
consultant. Dr. Horlock is also a renowned educator. Earlier in
his career, he served on the faculties at M.I.T. and Penn State
in the United States, and Liverpool and Cambridge in the United
Kingdom. At Cambridge University, he established the Whittle
Laboratory as its first director. In 1974, he accepted the post of
Vice Chancellor at the University of Salford and in 1981, he
began his decade-long leadership of the U.K.’s Open University.

Dr. John Horlock

Journal of Engineering for Gas Turbines and Power

The title of ‘‘International Gas Turbine Institute Scholar’® is
awarded to a person with a significant depth of knowledge
in some aspect of gas turbine technology. The 1995 Scholar,
Professor Arthur H. Lefebvre, is internationally known for his
work on gas turbine combustion and has recently retired from
the position of Reilly Professor of Combustion Engineering at
Purdue University. Previously, he was head of the School of
Mechanical Engineering at Purdue, and at the Cranfield Institute
of Technology in the United Kingdom. Professor Lefebvre spent
10 years working in industry with Rolls-Royce. The author of
three books and many technical papers on different aspects of
gas turbine combustion, Professor Lefebvre holds several pa-
tents on the subject. He was the honored recipient of the ASME
Gas Turbine Award in 1982 and the prestigious R. Tom Sawyer
Award in 1984,

Professor Arthur H. Lefebvre
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The 1994 Calvin Winsor Rice Lecture

Combined Power Plants—Past,

J. H. Horlock

Whittle Laboratory,
Cambridge, United Kingdom

Present,

The early history of combined power plants is described, together with the birth of

and Future

the CCGT plant (the combined ‘‘cycle’’ gas turbine). Sustained CCGT development
in the 1970s and 1980s, based on sound thermodynamic considerations, is outlined.
Finally more recent developments and future prospects for the combined gas turbine/
steam turbine combined plant are discussed.

1.0 Introduction

The Calvin Winsor Rice lecture was founded in 1934 to honor
the man who had served as Secretary of the American Society
of Mechanical Engineers for 28 years. Rice was born into a
Massachusetts family, which over the generations produced a
number of engineers. He graduated from MIT in 1890, and
after work as a consulting electrical engineer, was appointed
Secretary of ASME in 1906. The Council of the Society was
attracted to Rice because of his experience in the important
new field of electric power generation— ‘‘an engineer of high
standing in practical engineering work’’—and his major contri-
butions to the ASME are well illustrated in the centennial his-
tory of the Society. This lecture was established to further the
objective for which Calvin W. Rice was well known, increased
understanding among engineers of various countries.

There can be few better illustrations of a major international
engineering activity than the development of the combined
power plant. Although it has not been a collaborative effort, it
has involved parallel development in many countries, calling
on expertise from other engineering fields, such as the aircraft
engine industry.

2.0 Early History

The history of the combined power plant goes back to the
early part of this century. In a seminal ASME paper, Emmet
(1925) described substantial development work on a mercury—
steam plant. He called the system °‘the Emmet mercury—vapor
process’’ but referred back to an earlier presentation to the
American Institute of Electrical Engineers in 1913, linking the
name of Charles Bradley to the basic principle of the combined
cycle. Figure 1 shows a combined temperature—entropy dia-
gram, based on ideal vapor cycles, taken from his 1925 paper
(the steam entropy has been scaled ). Emmet initially considered
superheating of the lower steam cycle and ideal regenerative
heating within that cycle, but the figure shows his second more
conventional proposal, with similar pressure and temperature
levels, a Rankine steam cycle with no feed heating, and conse-
quently a slightly lower overall efficiency (yet still 54 percent).

The early development of the gas/steam turbine plant came
somewhat later and was described by Seippel and Bereuter
(1960). They showed seven possible combinations of gas tur-
bine and steam turbine plant, two of which are illustrated here.
The first (Fig. 2) has developed as the major form of CCGT
plant, although not now with supplementary heating of the gas
turbine exhaust. The second (Fig. 3) shows the original concept

Contributed by the International Gas Turbine Institute and presented at ASME
Cogen Turbo Power '94, Portland, Oregon, October 25-27, 1994, Manuscript
received by the International Gas Turbine Institute November 1994. Associate
Technical Editor: H. L. Julien.
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of the pressurized boiler in which the gas turbine compressor
charges the steam boiler (the Velox system developed by Brown
Boveri in the 1930s). Other proposals by Seippel and Bereuter
were not developed, but a useful more modern classification
has been given by Wunsch (1978) and is shown in Fig. 4.

By the 1970s the so-called ‘‘recuperative’’ plant [a higher
level gas turbine, exhausting to a heat recovery steam generator
(HRSG), which supplies steam to the lower (steam turbine)
cycle, with no supplementary heating of the exhaust] had be-
come well established, primarily by General Electric and Wes-
tinghouse in the United States and by Brown Boveri in Europe.
Wood (1971) was able to give a list of some 40 such plants
(mostly small, in the range 15-20 MW) installed in the United
States, mainly with unfired exhausts and with single pressure
steam cycles. But one of the biggest, a combined heat and power
plant for Dow Chemical in Texas, produced 63 MW (43 MW
from the gas turbines and 20 MW from the steam turbines) was
an exception in that it used supplementary firing of the gas
turbine exhaust to provide steam at 1200 psia, 950°F, exhausting
to process at 185 psia; Wood quotes its nominal efficiency as
41 percent. In Europe the original Brown Boveri Korneuberg
A plant in Austria was the biggest in service about that time
(75 MW at nearly 33 percent overall efficiency) and this was
also an example of a plant with supplementary firing of the
HRSG.

The fully fired system, primarily replacing a conventional
steam boiler with a main boiler in which the gas turbine exhaust
was ‘‘supplementary fired,”” was less well advanced at this time,
but major development followed in the mid-70s, for peak and
base load operation.

T 884 °F
M \
517 °F
417 °F Nep =0.54
ST
79 °F
0 SMs BSsT
Fig. 1 Emmet’'s combined mercury {M) and steam (ST) cycle
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Fig. 2 Seippel/Bereuter combined cycle

Key:
{a) boiler
{c) air heater
(d) combustion chamber with burner
(e) steam part of boiler
(f) steam turbine
{g) generator
(h) condenser
(i) feed water pump
(k) feed water heater and de-aerator
(/) compressor
(m) combustion and swirl chamber
(n) gas turbine
1,2, 3. . . state points in higher cycle

Here we shall concentrate mainly on the recuperative system
(unfired HRSG—the left-hand side of Fig. 4) and its variations.
This is essentially the combined ‘‘cycle’” gas turbine or CCGT
(although the gas turbine is almost invariably an open plant
rather than of closed-cycle form).

3.0 Some Elementary Thermodynamics

Before describing recent major CCGT developments, we con-
sider the elementary thermodynamics of the combined power
plant without supplementary heating [more detailed analyses
are given in Horlock (1992)]. Figure 5 shows diagrammatically
a higher cycle (H) receiving heat Qy, doing work W, at a
thermal efficiency of ny (n, = Wi/ (Q4), and rejecting heat Qug
(Qur = Qs{1 — ny}) to a lower cycle (L), which has a work
output of W, at a thermal efficiency of n,. However, between

[~
e
(W

i-f

Fig. 3 Seippel/Bereuter Velox type combined cycle

the cycles there is a heat loss Qyy to the surroundings, so that
the heat received by the lower cycle is

QL= Quz — Qun
= Qull — 4l — Quw
= Oull — nu] — vunQs (n

where v,y is the ratio of the unused heat Q. y to the heat
supplied Q.
The efficiency of the combined plant is therefore

WH + WL
s

_ Qs + 0061 — 7] — vunQs]
- 0,

=Nat N~ Nufl — Vo

Ner =

(2)

[A form of Eq. (2) was given in an ASME paper on the Field
combined cycle (Horlock, 1957) but it is now understood by
the author that a similar form had been derived earlier by Meyer
of Westinghouse, and no doubt Emmet and his colleagues at

Nomenclature

t = tax rate
T = temperature
Y = unit cost
w, W = work

¢, = specific heat at constant pres-
sure
c[i, N] = defined in text
CAP = annual capital cost

DT = referring to Daudet and Trimble
e = equity
E = electricity

EX = wrbine exit

C, = initial capital cost
CV = calorific value
F = fuel energy
H = utilization, h/year
i = interest, discount rate
k, K = const
M = annual fuel costs
n = referring to nth year
N = total years
P = price
q, Q = heat
OM = annual operational and main-
tenance cost
r = pressure ratio

a = fraction (of capital)

[ = capital charge rate

v = ratio of specific heats

€ = plr=biy

{ = fuel price per unit of energy
n = efficiency

# = temperature ratio

v = ratio of heat quantities

Subscripts
B = supplied (heat), boiler
C = compressor
CP = combined plant
CPE = for pressure ratio at maximum

R = miscellaneous charge rates efficiency
(on capital ) CR = credit rate
S = fuel price per unit mass d = debt

H = higher cycle
HE = for pressure ratio at maximum
efficiency
HR = rejected (heat)
HW =for pressure ratio at maximum
specific work
L = lower cycle
max = maximum
min = minimum
O = overall (efficiency)
P = pinch point
T = turbine
UN = unused (heat)
W = referring to Williams

Superscripts

" = nondimensional
+ = rate

Note: Specific quantities are denoted by lower case.

Journal of Engineering for Gas Turbines and Power
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GE were well aware of the relationship between the two cycle
efficiencies].

This expression for the thermal efficiency of the combined
cycle plant may also be written in terms of a ‘‘boiler efficiency’’
(ns) of the heat exchange process between the two cycles (the
heat recovery steam generator, or HRSG, for the gas turbine/
steam turbine plant). We may define 7, as

ny = 2 = Qoe = Qo _ | [0/
"T 0w Om [/ O]
Vun
[l — 7] 3

Equation (1) may then be written as
Nee = N + (MQ1)/ Qs
= Ny + N15(Qrr/ Op)
= Nn + NeN. — NeNNu
=7y + (o) — Mu(No)L

(4a)
(4b)
where (1), = nn. is the overall efficiency of the lower plant,
including the HRSG.

We may illustrate this elementary thermodynamic analysis
for a practical operating station, the Brown Boveri 125 MW

combined gas turbine/steam turbine plant, Korneuberg B (Czer-
mak and Wunsch, 1982). The gas turbine develops some 81
MW and the steam turbine about 49 MW. The efficiency of the
gas turbine, with a *‘heat supplied’’ of some 276 MW (based
on the lower calorific value of the fuel), is about 0.29.

The temperature of the gas turbine exhaust is 491°C, and this
gas raises steam in the HRSG for a two pressure level steam
turbine cycle. It leaves the HRSG at the low temperature of
96°C, which is permissible for the natural gas fuel with low
sulfur content, and the energy loss in the exhaust is therefore
restricted to about 34 MW. The ratio

Heat unused 34
vgy = —— ~ — = 0.12,
Heat supplied 276
and the HRSG boiler efficiency is
0.12 0.12
=]—-————=1-—=10.83,
e [1 — 0.29] 0.71

The steam plant thermal efficiency is approximately 0.32 and
the overall lower plant efficiency is therefore

(no)L = 0.32 X 0.83
=027,

Combined
gas/steam
turbine plant

[

Unfired heat
racovery boiler

]
Supplemaentary
firing in
heat recovery boiler

Supplementary firing

Suppiementary firing

for peak load for base load

[ J

[ |

Dilferent in
gas turbine and boiler

Same in gas turbine
and boiter

[ ]

l

Sleam cycle

L |

Single~pressuré boiler

Dual~pressure boiler

Triple~pressure boiler

J

Healting in
direct-contact {feedheater

r

By bleed from the
steam turbine

]

By steam from the boiter

Fig. 4 Wunsch’s classification of CCGT plants
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{QB
)

Y QHR

Qun<+—

Y QL

®

lQLR =0a

Fig. 5 Simple combined cycle

__.).WH

s0 the combined plant efficiency is
Nep = Mu + N — Nalle — Yol
= 0.29 + 0.32 — 0.29 x 0.32 - 0.12 X 0.32
= 0.61 — 0.093 — 0.038
= 0.48,
or

Ner = Na + (Node — Nu(7o)e
= 0.29 + 0.27 — 0.29 x 0.27
= 048

This discussion may be used to illustrate the important ther-
modynamic features of the combined power plant, and conse-
quently the way it has been developed. Referring back to the
mercury steam plant, it had two major thermodynamic advan-
tages:

(i) most of the heat supplied was near the maximum tem-
perature T, (mainly to the mercury boiler);

(ii) most of the heat rejected was near to the lowest (ambi-
ent) temperature 7y,.

The overall efficiency of this form of combined power plant
should therefore approach Carnot efficiency (for the particular
maximum/minimum temperature ratio). There was little heat
loss between the mercury and steam cycles and little additional
irreversibility (low loss of exergy) because of temperature dif-
ference between the two fluid streams in the condenser/boiler.
It was a very attractive plant thermodynamically; the great Swiss
engineer Stodola was enthusiastic about the Emmet cycle in his
book on steam and gas turbines (1924).

These mercury/steam plants were magnificent engineering
achievements [ for example the Schiller plant in New Hampshire
(Hackett, 1951)]. But they proved to be uneconomical in com-
parison with conventional steam plants, which were gaining in
efficiency as steam pressures and temperature were increased.

The developing gas turbine/steam turbine CCGT plant was
more feasible practically. It shared with the mercury/steam
plant the feature of low-temperature heat rejection, but its
‘“‘heat’” supply was not all near the maximum temperature.

Journal of Engineering for Gas Turbines and Power

There were also irreversibilities in the heat exchange in the
HRSG (due to large temperature differences between the two
fluid streams), and there was energy loss in gases discharged
from the exhaust stack.

4.0 More Recent Developments

We next discuss the ‘‘recuperative’’ combined ‘‘cycle’” gas
turbine [CCGT] plant in more detail, noting the emphasis
placed on necessary developments, highlighted by the earlier
discussion of the basic thermodynamics:

(i) raising the mean temperature of heat supply;

(ii) minimizing the irreversibility within the heat recovery
steam generator;
(iii) keeping the heat loss between the two plants as low

as possible.

These main themes of development have been apparent since
the 1970s, and we consider them separately here.

4.1 Increasing the Mean Temperature of Heat Supply
in the Gas Turbine. Increasing the mean supply temperature
can be achieved in three ways: by raising the top temperature
(at entry to the gas turbine); less effectively, by supplementary
heating after the full turbine expansion; by reheating within the
turbine expansion. The first has been the dominant feature,
partly through the use of aircraft engine technology in the cool-
ing of the gas turbine blading. The second was a feature of
early development, but as the turbine entry temperature has
been raised, so the benefits of supplementary heating of the
turbine exhaust have lessened [see Davidson and Keeley
(1990)] and it has not been used widely in recent plant designs.
The third has been advocated strongly by Rice (1980), and
it has recently been put into practice (in the ABB GT24/26
plant).

Figure 6' shows how overall (net) efficiency of the basic
recuperative CCGT plant has improved with increasing maxi-
mum temperature, over the past 2025 years; also shown is the
parallel increase in specific work of the higher (gas turbine)
plant, which it has been argued [e.g., Timmermans (1978)] is
the important feature in increasing overall plant efficiency. Fig-
ure 7, from Davidson and Keeley, shows how the optimum
efficiency of a CCGT plant occurs quite close to the pressure
ratio for maximum specific work in the higher (gas turbine)
plant. There is ample evidence that designers have indeed
sought maximum overall efficiency by optimizing at a relatively
small pressure ratio (10—14), rather than the larger values re-
quired for maximum higher (gas turbine) efficiency. A plot of
pressure ratios used in various plants is shown in Fig. 8, together
with the values obtained from ‘‘air standard’’ cycle analysis
(for a constant ratio of gas specific heats, y = 1.4) to give
maximum efficiency and maximum specific work respectively
in the higher ( gas turbine ) plant. The design pressure ratios used
are much lower than those that would have given maximum
efficiency in the (higher) gas turbine plant (ryz) and closer to
those which would give maximum specific work (rgw).

The reason for this choice of low pressure ratio is illustrated
by an approximate analysis [Horlock (1995a), which extends
a graphic method of calculating gas turbine performance devel-
oped by Hawthorne and Davis (1956)]. If the higher plant is
assumed to operate on an air standard cycle (i.e., the working
fluid is a perfect gas with a constant ratio of specific heats, ),
then the compressor work, the turbine work, the net work out-
put, and the heat supplied may be written as

! Net [LHV ] efficiencies and maximum temperatures obtained from brochures
and journals, for ISO standard conditions. The maximum temperatures quoted are
usually first rotor inlet temperatures (i.e., burner outiet temperatures reduced by
cooling of the first stator row).

OCTOBER 1995, Vol. 117 / 611
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Fig. 6 Recent plants: overall net efficiency and specific work (various symbols indicate different manufacturers)

we = (e = 1)/nc(6 - 1) (5)
wi = nr8(e — 1)/e(8 — 1) (6)
Wh = Wwr — Wg (N
gn = (1 —we¢) (8)

respectively, where the primes indicate that all are have been
made nondimensional by dividing by the product of the gas flow
rate and ¢, (Tmax — Tmin). These quantities are plotted against ¢
= r”Y7 in Fig. 9, constant values being assumed for § =
(Thax! Tin) = 5.0, and compressor and turbine efficiencies (¢
= 0.9, nr = 0.889, ncny = 0.8).

Timmermans (1978) suggested that the steam turbine work
output (per unit gas flow in the higher plant) is given approxi-
mately by

wp = ch(TEX ~ Tp) )]

where Ty is the temperature at gas turbine exit, T is the temper-

Turbine intet
temperature
0.36 — 1400 °C
% 1300 °C
S o34t 1200 °C
5 1100 °C ﬁ 0.55
2 oazi- 1000 °C = Turbine inlet
@ g /Nmperamre
> 3
T o3[y g 1400 *C
>
2 400 Z osof
P £ o 1300 °C
e 1400 °C 2 £
§ | oz :
& 1305 c—a00 5 2 1200°C
& e g
g S § £ ousl- 1100 °C
> 1100 °C 2 T
Q /\ Q o
100gec |20 @ g 1000 *C
1

10 15 20 30 10
Pressure ratio
Gas turbine plant

16 20 a0
Pressure ratio
Combined plant
(non~reheat)

Fig. 7 Efficiency of gas turbine and combined plants
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ature in the HRSG at the lower pinch point, and X is a constant.
The (nondimensional) steam turbine work may then be written

wi = K(Tgx = Tp)/ (Tax — Tinin) (10)

and the total (nondimensional ) work output from the combined
plant becomes

wep = (1~ K)wh + Kqy — k (11)
where k = K[(Tp/Tyn) — 11/(8 — 1) is a small quantity and

26 i

24

o) -

|™—PRESSURE RAT{O FOR
20 - - -MAX] GAS TURBINE
FFICIENAY

18 - ¥

16 —

14 A = N A
7 (PRESSURE RATIO) o D,E,fég? VALRUEIS'ISP/

12 1

® @/
10 o
8 A
/
6 [~ PRESSURE RATIO FOR
M M GAS ] R
SPECIFIC WDRK
i
4 i
!
; i . I
200 700 800 900 1000 1100 1200 1300

TURBINE INLET TEMPERATURE  °C

Fig. 8 Combined plants: pressure ratios (various symbols indicate dif-
ferent manufacturers)
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may for an approximate analysis be taken as constant (k = 0.06
has been assumed in Fig. 9).

As for the gas turbine cycle, the pressure ratio for maximum
efficiency in the combined plant (rcpg) may be obtained by
drawing a tangent to the work output curve from a point on the
€ axis, where € = 1 + ne(8 — 1), i.e., € = 4.6 in the example.
It is seen that because the curve for wip lies above that for
w};, the optimum pressure ratio for the combined plant (7cpz =~
18) is less than that for the gas turbine alone (ryz =~ 30) al-
though it is still greater than the pressure ratio, which gives
maximum specific work in the higher plant (ryw =~ 11). How-
ever, the efficiency n¢p varies little with e about the optimum
point, and design pressure ratios may be set close to ryw with
little penalty on overall efficiency.’

The latest ABB GT24/26 CCGT represents a departure from
this practice of designing for relatively small pressure ratio in
the higher plant. It employs reheat between the HP and LP
turbine, which together expand through a much larger pressure
ratio (30:1). There are two thermodynamic features of this
type of design. Firstly the staged expansion through the larger
pressure ratio means that the temperature leaving the LP turbine
is not increased substantially in comparison with nonreheated
plants (about 600°C cf 530°-500°C); and second that the pres-
sure ratio for maximum 7¢p becomes closer to that for maximum
efficiency in the higher plant alone. An extension of the approxi-
mate analysis outlined above suggests that the pressure ratio
for both the combined and higher level plants should now be
about 48, for unchanged values of maximum to minimum tem-
perature ratio and turbine and compressor efficiencies, and as-
suming reheat to the maximum temperature. However, the effi-
ciency curves are very flat and there is little penalty on effi-
ciency in choosing lower design pressure ratios.

4,2 Minimizing the Irreversibility in the HRSG. Min-
imizing the irreversibility in the HRSG has also been a dominant
feature in the development of CCGT plants, through double
pressure and even triple pressure steam raising. [It is of interest
to the thermodynamicist that the basic expressions for combined
plant efficiency (Egs. (2) and (4)) are still valid even when
there are such exergy losses due to temperature differences
within the HRSG, although the efficiency of the lower plant
appearing in the equations is now smaller]. It is, however,
somewhat surprising that the degree of sophistication associated
with triple pressure steam raising has been worthwhile, because
thermodynamic calculations illustrate that the gains in overall
efficiency are not very large. For example, the initial work of
Manfrida and Manucci (1986) suggested that the gain in overall
efficiency in going to double pressure steam raising from a
single pressure steam plant was not substantial, although their

21t may also be noted that by differentiating Eq. (4b) with respect to  (or €)
and setting

Once
Liek _ p,
e
it follows that
Oy (1 —7mm) 8(nols
— = = m—r 12a
O [1 - (no)] Oe ¢ )
and
On . _ 9ok (12b)

Oe B¢

since 77 and (7o), are little different in most cases. Hence the maximum combined
cycle efficiency [7¢p] occurs when the efficiency of the higher cycie is increasing
with r at about the same rate as that of the lower cycle is decreasing. Clearly this
will be at a pressure ratio less than that at which the higher cycle reaches peak
efficiency, and when the lower cycle efficiency is decreasing because of the
dropping gas turbine exit temperature.

This approach was suggested to the author by Cumpsty and Young (1994) and
is well illustrated by Briesch et al. (1995), who show separate plots of 74, (70).,
and 7cp against pressure ratio, for given Ty, and Tpy,.
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subsequent calculations indicated a somewhat greater benefit.
Tomlinson et al. (1993) suggest that while a gain of nearly 4
percent comes from changing from single to dual pressure steam
raising, the further gain by moving from dual pressure to triple
pressure yields only about 1 percent.

The Kalina cycle, in which a mixture of ammonia and water
is used in the lower cycle, offers worthwhile reduction in the
irreversibility in the heat transfer from the higher plant [see
discussion in Horlock (1992)].

4.3 Reduction of the Heat Loss Between the Two Plants.
Relatively high ‘“‘boiler” efficiency in the HRSG has been
achieved by the use of natural gas, the low sulfur content of
which has allowed low stack temperatures to be employed,
while still avoiding corrosion of the water tubes. The loss term
[vuanc] in Eq. (2) for overall plant efficiency is thus kept small,
and the need for extensive feed heating in the steam cycle has
also been obviated. (We may note the thermodynamic reserva-
tion expressed by Wood in the early fifties about the probable
loss of low temperature feed heaters and air preheaters for the
boiler in the use of supplementary fired gas turbines for the
conversion of conventional steam power plants, a concern sub-
sequently withdrawn.)

In the recuperative plant it is the product of steam cycle
thermal efficiency and HRSG ‘‘boiler efficiency’’ that is im-
portant—lower steam thermal efficiency can be accepted if
boiler efficiency can be increased by reduction of stack loss.
An excellent discussion of this balance between exhaust stack
temperature, HRSG boiler efficiency, and feed heating is given
in Kehlhofer’s book (1991).

5.0 Economics

A simplified way of assessing the economics of a power plant
is to calculate the unit price of electricity produced by the plant
[e.g., in pence or cents per kilowatt hour), the method adopted
by Williams (1982), Daudet and Trimble (1980), and Wunsch
(1985)].

The annual cost of electricity generation [P] is given by

P:=CAP + M + OM (13)

where CAP is the annual cost of capital (interest and debt
repayment), M is the annual cost of the fuel supplied, and OM
is the annual cost of operation and maintenance.

The levelized unit cost for the plant is then given by

Py _ ﬂCo M oM
WH WH WH = WH

where C, is the capital cost of the plant, 8(i, N) is the capital
charge factor, related to a discount rate (i) on capital and the
life of plant (N years), W is the rating of the plant (kW), and
H is the utilization factor (hours per annumy}.

The annual cost of fuel (M) may be written as the product
of the cost of fuel (§ cost per unit of energy), the rate of
supply of energy (F), and the utilization factor (H). Then the
unit generation cost is

£ oM

CFH oM /300+ L oM
WH WH WH WH  ne  WH’

Ye = (14)

Yy = (15)
where 7¢p is the overall efficiency of the plant. [ The unit price
of fuel may be written as the price per unit mass S divided by
the calorific value (CV) so that { = §/(CV).] With appropriate
choice of units, Y is usually expressed in p/kWh [or cents/
kWh].

We may note that Williams adopts a weighted interest or

discount rate,
i = agd, + a1l — )iy (16)

where a, and «, are the fractions of equity and debt, i, and iy
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Fig. 9 Optimum pressure ratio: recuperative plant

are the corresponding interest rates, and ¢ is the tax rate. His
value of g is then

_ 1 . ___t__tCRC(i’N)
,Bw—(l s [c(z,N) N -——(1 ) ]+R, (17)

where 2z is an investment tax credit rate, R is the rate of charge
on capital for miscellaneous items, and

1 i 1
c(i, N) _E‘, 1+ "

(18)

An alternative expression, taking separate account of dis-
counting for debt and equity, based on the work of Daudet and
Trimble (1980) and Uhl and Hawkins (1971) is given by Hor-
lock (1995b) as

Bor

-3 L p [ad(cd — tig) + car, — 1%, - cJCR] +R, (19)

where ¢, and ¢, are values based now on i, and i, rather than
i. However, this gives little difference from the Williams ex-
pression in the numerical assessment of unit costs for most
practical cases.

It is of interest to compare approximate levelized costs for a
typical CCGT plant and a nuclear plant—a matter of major
significance in the review of the nuclear industry in the United
Kingdom at the present time.

The capital cost term for the CCGT plant is relatively low
(say £450/kW) and the fuel cost relatively high, so that Yy is
dominated by the second term in Eq. (15). Thus with (OM)
taken as, say, 0.4 p/kWh

Y ~ 08 + 14 + 04 = 2.6 p/kWh,

for an 85 percent utilization of a 54 percent efficient plant over
20 years, with C,/W = £450/kW and a discount rate of 11
percent, and with { = 0.75 p/kWh.

614 / Vol. 117, OCTOBER 1995

For the next pressurized water reactor nuclear plant proposed
in the United Kingdom (Sizewell C), capital costs are high
(£3.5b for a 2600 MW plant, or approximately £1400/kW),
whereas the fuel cost term is low (say 0.4 p/kWh). Then with
a higher OM at 0.6 p/kWh, the unit cost is given by

Yp=~ 19+ 04 + 0.6 = 2.9 p/kWh,

for an 85 percent utilization for 40 years, and a discount rate
of 10 percent.

Thus the strength of the case for the CCGT plant is related to
keeping the capital cost term low (high utilization and benefiting
from speed of construction), but also depends on obtaining high
efficiency 7n¢p (and of course on security of a continuing fuel
supply at noninflating fuel prices). Its advantages could be lost
if the basic simplicity of the CCGT plant were sacrificed in the
search for higher efficiency, and the capital cost substantially
increased as a result. This is illustrated simply by differentiating
Eq. (15) with respect to efficiency 7¢p, so that

=£%_ S (20)

WH Ince %

0Yx
Once

For unit cost to fall with increasing efficiency ((8Yz/0ncp) <
0) it follows that

B(Co/W) _tH
Once Bn Zp

In other words there is a limiting rate of increase of capital cost
for efficiency gain if unit cost is not to increase. The numbers
used in the example of CCGT prices given above suggest that
for a 1 percent gain in efficiency, capital cost should not increase
by more than about £20/kW. This is the basis of the earlier
comment in this paper—the author’s surprise that increase in
the complexity of the HRSG (to minimize internal irreversibil-
ity) has been worthwhile, in view of the undoubted increases
in capital cost.

(21)
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6.0 Future Developments

The efficiencies of the latest CCGT plants are already incredi-
bly high. The latest ABB GT24/26 plant has a claimed overall
efficiency of 58 percent (gross) compared with a Carnot effi-
ciency of about 81 percent based on the quoted (ISO equivalent)
turbine entry temperature of 1235°C and a heat rejection temper-
ature of 15°C. There cannot be much to come in terms of overall
efficiency.

However, innovative cycles of higher efficiency are being
considered. For example, Bannister et al. (1994) of Westing-
house have proposed a novel intercooled cycle with cooling of
the gas turbine by steam, which then enters the steam turbine
at low pressure. An overall efficiency greater than 60 percent
is anticipated if higher gas turbine entry temperatures become
possible in this way.

Other innovative proposals include the cascaded humid air
turbine (CHAT), and the intercooled thermochemical recupera-
tive cycle (Bannister et al., 1994), in which the gas turbine
only produces power, burning reformed recuperative fuel (CO
and H).

Steam injection in the mainstream flow of the gas turbine
(STIG, a form of CCGT in which the Rankine cycle is effec-
tively “‘hidden’” within the Joule cycle) is a proven technology
as Tuzson has pointed out in an excellent review (1992). How-
ever, Larson and Williams suggested in an earlier thermody-
namic and economic study (1987) that even for the more com-
plex ISTIG (intercooled steam injection gas turbine ) the overall
efficiency might be surpassed by the next generation of ad-
vanced ‘‘conventional’’ CCGT plants, and that prediction has
proved accurate. Tuzson’s conclusion, that the best application
for STIG may well be in cogeneration® plants when surplus
steam from process becomes available for injection, appears to
be valid, as does his philosophy of modifying existing gas tur-
bines for STIG rather than developing special plants.

As in due course gas prices rise, there will still be incentive
to reach for higher CCGT efficiency, to prevent unit generation
costs rising, and an overall efficiency of 60 percent may be
achievable (Kehlhofer, 1994). But such increased efficiency
will probably require increased capital cost and that in turn will
threaten unit generation costs, as indicated earlier,

One can perhaps identify two lines of recuperative CCGT
development. The first is based on pushing the gas turbine to
its limits, using aircraft engine technology to obtain even higher
turbine inlet temperatures (as in the Collaborative Advanced
Gas Turbine program), marketing those gas turbines mainly in
their own right as efficient prime movers and adding the lower
steam cycle for extra efficiency as occasion may require. The
second line involves thinking about the complete CCGT plant
as an integrated design from the beginning, but possibly for a
more limited market.

However, a new factor has recently entered into power plant
design: the environmental disbenefit of the exhaust gases pro-
duced, especially in relation to global warming. For CCGT
plants low sulfur natural gas has produced negligibly low SO,,
and major combustion development has also reduced NOy. Fur-
ther, the CO, produced per unit energy output (in kg/kWh) is
much lower than that from conventional coal-fired steam power
plants (Fig. 10). But the future status of coal-fired CCGT plants
is now much affected by these environmental issues (and inter-
national limitations on CO, production in particular).

There are many variants of coal-fired plants under discussion,
and some under development. An excellent review by Todd
(1993) compares the option of pressurized fluidized bed com-
bustion (PFBC) to that of the integrated gasification combined
cycle (IGCC), favoring the latter, which is ahead in develop-
ment. Todd argues that the combined cycle plant is now so

* Cogeneration is usually referred to in Europe as CHP [combined hear and
power [see Horlock (1987)].
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Fig. 10 Carbon dioxide emissions

efficient that an IGCC can absorb the fuel processing losses
and still deliver an efficiency (LHV) of some 43 percent.

The increased cost of the gasification part of the IGCC plant
obviously has an adverse effect on the economics. Oxidation
can either be by air (giving low heating values and hence large
plant size) or by oxygen (giving higher heating values, about
one third of natural gas, and lower plant size). But capital cost
comparison between the two forms of oxidation is difficult.

However, while the use of coal in an IGCC plant has been
demonstrated at Cool Water, and is now in hand at bigger plants
at Buggenhum and Puertollano, the CO,/kWh produced is not
reduced very much in comparison with conventional coal-fired
plants. The engineering achievement of the Cool Water plant
was convincing, even if the economic case is less so, but the
CO, problem remains.

The chemical engineering processes involved in separating
out the CO, may be feasible, but will lead to yet further capital
costs. For example, Hendriks et al. (1991) refer first to a chemi-
cal absorption process based on the reaction of monoethanolam-
ine (MEA) with CQ,, which could lead to removal of 90 percent
of the CO, from the exhaust gases. It is suggested by the authors
that this process would reduce overall efficiency from over 40
percent to below 30 percent and put up the cost of generation
by about 65 percent. But Hendriks and his colleagues favor a
second approach, that of removing CO, from the syngas before
the gas turbine (in a ‘‘shift reaction’’ between CO and steam,
producing the CO, early for separation and liberating hydrogen
for subsequent combustion). They suggest that this may drop
overall efficiency of an IGCC plant from some 44 to 38 percent,
and lead to an increased generation cost of less than 30 percent.

With either method there remains the problem of CO, dis-
posal (Hendriks et al. suggest the use of depleted underground
reservoirs, formerly holding natural gas). One is bound to con-
cur with the view of the UK Energy Technology Support Unit
(ETSU), which identified CO, removal as ‘‘an unpromising
technology’’.

7.0 Conclusions

The existing development of combined cycle gas turbines has
placed this type of plant at the forefront of power generation.
The new plants are the product not only of high class practical
engineering development but also good basic thermodynamics.
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If an academic engineer may add a thermodynamic comment,
it is most satisfying to see the increasing use of exergy in the
analysis of combined plant performance. The *‘exergoeco-
nomic’’ work of Tsatsaronis and his colleagues (1984) will
also become increasingly widely recognized as a useful ap-
proach. The development of exergy as a new and useful thermody-
namic tool has truly been an international one, with major contribu-
tions coming from engineers on both sides of the Atlantic.

Indeed the history of combined power plants is an interna-
tional story, and this would have given electrical power engineer
Calvin Winsor Rice much satisfaction.
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The Role of Fuel Preparation in
Low-Emission Combustion

The attainment of very low pollutant emissions, in particular oxides of nitrogen
(NO,), from gas turbines is not only of considerable environmental concern but has
also become an area of increasing competitiveness between the different engine
manufacturers. For stationary engines, the attainment of ultralow NO, has become
the foremost marketing issue. This paper is devoted primarily to current and emerging
technologies in the development of ultralow emissions combustors for application to
aircraft and stationary engines. Short descriptions of the basic design features of
conventional gas turbine combustors and the methods of fuel injection now in wide-
spread use are followed by a review of fuel spray characteristics and recent develop-
ments in the measurement and modeling of these characteristics. The main gas-
turbine-generated pollutants and their mechanisms of formation are described, along

A. H. Lefebvre with related environmental risks and various issues concerning emissions regulations

Reilly Professor Emeritus of and recently enacted legislation for limiting the pollutant levels emitted by both
Combustion Engineering, aircraft and stationary engines. The impacts of these emissions regulations on com-

Thermal Science and Propuision Center, bustor and engine design are discussed first in relation to conventional combustors
Purdue University, and then in the context of variable-geometry and staged combustors. Both these

West Lafayette, IN 47807 concepts are founded on emissions reduction by control of flame temperature. Basic

approaches to the design of ‘‘dry’’ low-NO, and ultralow-NO, combustors are re-
viewed. At the present time lean, premix, prevaporize combustion appears to be
the only technology available for achieving ultralow NO, emissions from practical
combustors. This concept is discussed in some detail, along with its inherent problems
of autoignition, flashback, and acoustic resonance. Attention is also given to alterna-
tive methods of achieving ultralow NO, emissions, notably the rich-burn, quick-
quench, lean-burn, and catalytic combustors. These concepts are now being actively
developed, despite the formidable problems they present in terms of mixing and
durability. The final section reviews the various correlations now being used to
predict the exhaust gas concentrations of the main gaseous pollutant emissions from
gas turbine engines. Comprehensive numerical methods have not yet completely
displaced these semi-empirical correlations but are nevertheless providing useful
insight into the interactions of swirling and recirculating flows with fuel sprays, as
well as guidance to the combustion engineer during the design and development
stages. Throughout the paper emphasis is placed on the important and sometimes
pivotal role played by the fuel preparation process in the reduction of pollutant
emissions from gas turbines.

Introduction tion performance was solved either by modifications to existing
fuel injector designs or by the introduction of new and some-
times revolutionary atomizer concepts. So today, when faced
with continuous and growing pressure to minimize pollutant
emissions from gas turbines, the combustion engineer regards
the fuel preparation process as one that must necessarily play
a key role in achieving this objective.

This paper is a review of recent and current research activities
in low-emissions gas turbine combustors. It describes research
and development work that is directly related to fuel injector
and combustor design and performance, as opposed to the more
fundamental aspects of atomization, fuel—air mixing, and com-
bustion. The subject matter is divided into seven main sections:

The gas turbine is often described as the prime mover of the
twentieth century. The tremendous advantages offered by the
aircraft gas turbine in terms of range, speed, fuel economy, and
passenger comfort have assured its preeminent position as the
power plant for aircraft. Also, it continues to find increasingly
wide applications as a power source in a wide variety of indus-
trial and transport applications. In particular, the gas turbine is
widely used for both mechanical drive and electrical power
generation within the oil and gas industry. Its advantages in
terms of high thermal efficiency and potential for low pollutant
emissions in the combined cycle mode will ensure that most
new utility power generation plants will also utilize the gas
turbine as the prime mover.

When faced with new and challenging problems, the combus-
tion engineer has traditionally looked to the fuel injector to
provide a solution. This is not merely a pious hope, because in
the past more than one problem that appeared at first sight to
constitute a fundamental barrier to further progress in combus-

¢ Anintroduction to the main components of a conventional
gas turbine combustor and their principal functions, along
with brief descriptions of the types of fuel injectors now
in widespread use.

® The properties of fuel sprays and recent developments in
the measurement and modeling of spray characteristics.

e A general overview of emissions concerns, their mecha-

Contributed by the International Gas Turbine Institute and presented at the 40th nisms of formation, and the methods employed to alleviate
International Gas Turbine and Aeroengine Congress and Exhibition, Houston, ‘et . .
Texas, June 5—8, 1995, Manuscript received by the International Gas Turbine pollutant emissions in conventional combustors.

Institute April 12, 1995. Paper No. 95-GT-465. Associate Technical Editor: C. J. o Th? u§e of Varial?le geometry and Staged combustion for
Russo. emissions reduction by control of flame temperature.
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¢ Basic approaches to the design of ‘‘dry’’ low NO, and
ultralow NO, combustors, with emphasis on the need to
feed the combustion zone with completely homogeneous
fuel—air mixtures, with the attendant problems of autoig-
nition and flashback.

e Alternative methods for achieving ultralow NO, emis-
sions, notably rich-burn, quick-quench, lean-burn, and
catalytic combustors, both of which combine high poten-
tial for very low levels of nitric oxides with formidable
mixing and mechanical design problems.

¢ Correlation and modeling of nitric oxides and carbon
monoxide emissions.

Throughout the paper emphasis is placed on the important
and sometimes pivotal role played by the fuel preparation pro-
cess in all efforts to reduce pollutant emissions from gas tur-
bines. Today the pollutant emission of primary concern is oxides
of nitrogen (NO,), and it is of interest to recall that combustors
designed specifically for low NO, first appeared on the scene
in the 1970s, but remained ‘‘on the shelf ** for another decade
due to a greater interest during that time in reducing the other
important emissions of carbon monoxide (CO), unburned hy-
drocarbons (UHC), and smoke.

An attempt is made to address both aircraft and stationary
gas turbines because neither one is more or less important than
the other in regard to their contribution to atmospheric pollution.
However, there are two compelling reasons why aircraft engines
should receive the most attention. One is that aircraft engines
employ liquid fuels, which must first be atomized and vaporized
before they can burn. These additional processes increase the
degree of difficulty in achieving low emissions by almost an
order of magnitude. The second reason is that natural gas—
the favored fuel for stationary gas turbines—has a peak flame
temperature around 140°C less than that of the distillate fuels
employed in aircraft engines. As the formation of NO; is expo-
nentially dependent on temperature, this lower flame tempera-
ture reduces NO, levels by a factor of around two. For these
reasons the emissions goals set for stationary engines tend to
be much more severe than for aero-engines.

Conventional Combustors

There are two basic types of gas turbine combustor: tubular,
or can, and annular. A tubular chamber is composed of a cylin-
drical liner mounted concentrically inside a cylindrical casing.
Most of the early jet engines featured tubular chambers, usually
in numbers varying from seven to sixteen per engine. For air-
craft applications, the tubular system is now regarded as too
long and too heavy and the annular system is now the automatic
choice for all new engines. However, tubular chambers do have
significant advantages in terms of easy accessibility and mainte-
nance, and they are still preferred for large stationary engines
in the 80-plus megawatt range, such as the General Electric
MS7001 engine, which has ten separate cans.

The annular combustor comprises an annular liner mounted
concentrically inside an annular casing. In many ways it repre-
sents an ideal form of chamber, since its ‘‘clean’’ aerodynamic
layout results in a compact unit of lower pressure loss than other
combustor designs. All modern aero-engines employ annular
combustors, which means that modern aero-derived industrial
engines, such as the General Electric LM6000 and the Rolls
Royce RB211, all have annular combustors.

The volume contained within the liner of a conventional com-
bustor may be divided conveniently into three main zones: pri-
mary, intermediate, and dilution. The function of the primary
zone is to anchor the flame and to provide sufficient time, tem-
perature, and turbulence to achieve essentially complete com-
bustion of the fuel. The hot combustion products issuing from
the primary zone flow into the intermediate zone, which pro-
vides a region in which combustion can proceed to completion
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upstream of the dilution zone. The role of the dilution zone is
to admit the air remaining after the combustion and wall-cooling
requirements have been met, and to provide an outlet gas stream
with a mean temperature and a temperature distribution that are
acceptable to the turbine.

The locations of the three main zones described above in
relation to the various combustor components and the air admis-
sion holes, are shown in Fig. 1.

Liquid Fuel Injection. The liquid fuels employed in air-
craft engines must first be atomized before being injected into
the combustion zone. Fortunately, atomization is easy to accom-
plish; for most liquids, all that is needed is a high relative
velocity between the liquid to be atomized and the surrounding
air or gas. Pressure atomizers accomplish this by discharging
the liquid at high velocity into a relatively slow-moving stream
of air. An alternative approach is to expose a slow-moving
liquid to a high-velocity airstream. The latter method is gener-
ally known as airblast atomization. Pressure atomizers are usu-
ally of the ‘‘dual-orifice’’ type, as shown in Fig. 2. As its
name suggests, this atomizer incorporates two orifices, arranged
concentrically. The inner primary orifice is small, while the
outer secondary orifice is of larger area. At low fuel flows, only
the primary operates and atomization quality is good because
injection pressures are fairly high. With increasing fuel flow,
the injection pressure rises and would soon become excessive
but, at a predetermined pressure, a valve opens and fuel is
then conveyed to the secondary orifice. This arrangement gives
satisfactory atomization over a wide range of fuel flows without
calling for excessive fuel delivery pressures. The principal ad-
vantage of dual-orifice nozzles is good mechanical reliability.
Their drawbacks include potential plugging of the small pas-
sages and orifices by contaminants in the fuel and an inate
tendency toward high concentrations of exhaust smoke at high
combustion pressures.

The most widely used type of airblast atomizer is illustrated
in Fig. 3. In this design the bulk fuel is first spread into a
thin continuous sheet, a process called ‘‘prefilming,”’ and then
exposed to high-velocity, swirling air streams on both sides of
the sheet. Prefilming airblast atomizers are capable of producing
fine atomization and a virtually smoke-free exhaust at high
combustion pressures. The main drawbacks of airblast atomiz-
ers are poor lean blowout performance and poor atomization
during engine startup when air velocities are low. These prob-
lems can be readily overcome by incorporating a pilot or pri-
mary nozzle. At low fuel flows, all of the fuel is supplied
through the pilot nozzle, and a well-atomized spray is obtained,
giving efficient combustion at start-up and idling. At higher
power settings, fuel is supplied to both the airblast and pilot
nozzles. The relative amounts are such that at the highest fuel
flow conditions most of the fuel is supplied to the airblast atom-
izer. By this means, the performance requirements of wide burn-
ing range and low exhaust are both realized.
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Fig. 2 Dual-orifice, pressure-swirl atomizer (courtesy of the Parker
Hannifin Corporation)

Gas Injection. For almost all stationary gas turbines the
fuel employed is natural gas. Some engines are fitted with dual-
fuel nozzles, which allow both liquid and gaseous fuels to be
used, but usually the liquid fuel is for backup purposes only.
The methods used to inject gaseous fuels tend to be simple as
there are no requirements for atomization and fuel evaporation.
They include injecting the gas through plain orifices, slots,
swirlers, and venturi nozzles.

The main problem with gas injection is that of achieving
the optimal level of mixing between air, fuel, and combustion
products in the combustion zone. Too high a mixing rate pro-
duces narrow burning limits. On the other hand, if the rate of
mixing is too low, the system may be prone to low-frequency,
combustion-induced pressure oscillations. On engines designed
to operate on both gaseous and liquid fuels, it is important that
the gas flow pattern be matched to that of the liquid fuel; other-
wise some variation in the temperature distribution of the com-
bustor outlet gases would occur during changeover from one
fuel to the other.

Fuel Spray Characteristics

The spray properties of most relevance to the formation of
pollutant emissions are mean drop size, drop size distribution,
cone angle, and patternation. Other properties of special impor-
tance for the successful modeling of spray characteristics in-
clude droplet and gas velocities, droplet trajectories, and mass
flux distributions.

Mean Drop Size. Various definitions of mean drop size
are available, of which the most widely used is the Sauter mean
diameter (SMD), which represents the volume/surface ratio of
the liquid in the spray. Unfortunately, the physical processes
involved in atomization are not yet sufficiently well understood
for mean diameters to be expressed in terms of equations de-
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Fig. 3 Prefilming airblast atomizer (courtesy of the Parker Hannifin Cor-
poration)
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rived from basic principles. In consequence, the majority of
investigations into the drop sizes produced in atomization have
resulted in empirical equations for mean drop size. Lefebvre
(1989) has reviewed the available equations for the mean drop
sizes produced by the types of atomizers employed in gas tur-
bine combustion. They show that mean drop sizes are largely
dependent on atomizer size, design features, and operating con-
ditions, and also on the physical properties of the liquids em-
ployed and the density of the surrounding gaseous medium,
Most of the equations for mean drop size published before
around 1970 should be regarded as suspect due to deficiencies
in the methods available for drop size measurements. Even
expressions based on accurate experimental data should only
be used within the ranges of air properties, liquid properties,
and atomizer operating conditions employed in their derivation.
Extrapolation to other conditions is fraught with risk because
changes in any of these variables could produce a change in
the mode of atomization, which could have a significant effect
on the manner and extent to which variations in the relevant
flow parameters affect the drop size distribution in the spray.

Drop Size Distribution. Owing to the random and chaotic
nature of the atomization process, the threads and ligaments
formed by the various mechanisms of jet and sheet disintegra-
tion vary widely in diameter, and their subsequent breakup
yields a correspondingly wide range of drop sizes. Most practi-
cal atomizers produce droplets in the size range from a few
microns up to several hundred microns.

As no complete theory has yet been developed to describe
the hydrodynamic and aerodynamic processes involved when
jet and sheet disintegration occurs under normal atomizing con-
ditions, a number of functions have been proposed, based on
either probability or purely empirical considerations, that allow
the mathematical representation of measured drop size distribu-
tions. The simplest expression for drop size distribution is that
of Rosin and Rammler (1933). It may be expressed in the form

1 -0 =exp—- (D/IX)* (1)

where Q is the fraction of the total volume contained in drops
of diameter less than D, and X and g are constants. Thus, the
Rosin—Rammler relationship describes the drop size distribu-
tion in terms of the two parameters X and g. The exponent g
provides a measure of the spread of drop sizes. The higher the
value of g, the more uniform is the spray.

Figure 4 shows frequency distribution plots for two sprays,
both having the same SMD of 50 pgm, but in one case the
distribution parameter g has a value of 2 and in the other case
a value of 3. This figure clearly demonstrates that knowledge
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of SMD alone is not sufficient to determine the spray evapora-
tion time. One spray contains no drops larger than 130 um
whereas the other contains drops up to 200 um in diameter.
This represents a difference in total spray evaporation time
of more than two to one. Differences of this magnitude must
necessarily have a pronounced effect on the formation rates of
all the main pollutants. '

Cone Angle. A major difficulty in the definition and mea-
surement of cone angle is that the spray cone has curved bound-
aries, owing to the effects of air interaction with the spray. To
overcome this problem, the cone angle is often given as the
initial angle as measured close to the nozzle where the spray
contour is still in the form of a perfect cone. Rizk and Lefebvre
(1987) used their own results and those of other workers to
derive the following expression in which the cone angle, as
measured close to the nozzle, is expressed as the product of
two dimensionless groups:

20 = 6K VP (AP d2p lud)! (2)
where K is the dimensionless geometric group A,/D,d,. A, is
the inlet port area, D, is the swirl chamber diameter, d, is the
diameter of the discharge orifice, AP, is the liquid injection
pressure, and p, and u, are the liquid density and absolute
viscosity, respectively.

This equation shows that spray cone angles widen with in-
crease in fuel injection pressure, corresponding to an increase
in fuel flow rate. This effect has been confirmed in a number
of experimental studies; for example, Chen et al. (1992). Equa-
tion (2) also suggests that ambient air or gas pressure has no
effect on cone angle, but this is only true in the region near the
nozzle. As the droplets move away from the nozzle they are
subjected to radial air currents generated by their own kinetic
energy, as described by De Corso and Kemeny (1957). These
air currents become stronger with increase in ambient air pres-
sure, with the result that although the cone angle as measured
close to the nozzle does not change appreciably as the pressure
is increased, the spray width further downstream contracts
markedly. This decrease in spray cone angle with increase in
ambient pressure is one of the main reasons why combustors
featuring pressure-swirl atomizers generate more soot and
smoke as the combustion pressure is increased.

Airblast atomizers are much less susceptible to variations in
fuel and ambient air pressure than pressure-swirl atomizers.
The liquid sheet or jet exposed to the atomizing air has little
momentum and the droplets formed in atomization are entirely
dependent on the kinetic energy of the atomizing air to transport
them away from the nozzle. This means that droplet trajectories
are dictated by the air movements created by air swirlers and
other aerodynamic devices, which form an integral part of the
nozzle configuration. Thus, airblast atomizers are characterized
by a lack of sensitivity of spray geometry characteristics to the
physical properties of both the liquid and the surrounding gas-
eous medium.

From tests carried out on prefilming airblast atomizers, Ort-
man and Lefebvre (1985 ) found that increasing the air pressure
differential across the nozzle caused the spray angle to contract
slightly. Custer and Rizk (1988) observed a similar effect. For
one prefilming atomizer, operating at an air/fuel ratio of 5, they
found that a large increase in air pressure differential from 1
to 4 percent caused the spray angle. to be reduced from 100 to
80 deg.

Circumferential Fuel Distribution, Drop sizes are, of
course, of great importance in low-emission combustion be-
cause of their strong influence on fuel evaporation rates and
droplet lifetimes. Of equal importance, however, is the symme-
try of the spatial distribution of fuel within the spray. Failure
to achieve a symmetric mass flux distribution can result in local
regions of mixture inhomogeneity in the combustion zone, a
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situation that is highly detrimental to low-emissions combus-
tion. The term adopted by the gas turbine industry for the pur-
pose of defining spray distribution is ‘‘spray patternation’” and
the instruments used to measure liquid flux distributions in
sprays are commonly referred to as ‘‘spray patternators.”’

The simplest form of patternator comprises a cluster of col-
lection tubes, which are located under the test nozzle. The noz-
zle sprays downward into the tubes and the duration of each
test is the time required for one of the sampling tubes to become
nearly full. After the level of fuel in each tube is measured and
recorded, the values are averaged to get a mean height. The
levels of the tubes are normalized against the mean, and the
standard deviation of the normalized values is calculated. The
normalized standard deviation provides a quantitative indication
of the symmetry of the distribution of fuel within the spray.
More sophisticated spray patternators have been devised that
are capable of high-resolution measurements of the mass flux
distributions produced by gas turbine fuel injectors (McVey et
al., 1987, 1989). These methods are not necessarily more accu-
rate than the simple patternators described above, but they do
allow a large amount of data to be collected in a relatively short
time.

Circumferential patternation is sensitive to the dimensional
relationships characteristic of a particular nozzle design. For
example, for pressure-swirl atomizers, patternation has been
correlated with the degree of eccentricity between the swirl
chamber and the final discharge orifice (Tate, 1960). Nozzle
quality is also important, and spray patternation may be im-
paired by poor surface finish, orifice imperfections, plugged or
contaminated flow passages, eccentric alignment of key nozzle
components, and other conditions. For airblast atomizers, lack
of symmetry in the various air passages and swirlers can also
have an adverse effect on spray patternation, as discussed below.

Chen et al. (1993) used several different pressure-swirl noz-
zles to examine the effects of variations in liquid properties,
operating conditions, and atomizer design features, on spray
patternation. Of special interest are the results obtained on the
effects of varying the length/diameter ratio of the final dis-
charge orifice, /,/d,, as illustrated in Fig. 5. In this figure the
circumnferential maldistribution is expressed in terms of a stan-
dard deviation, o. If the circumferential distribution of liquid
within the spray were completely uniform, the value of ¢ would
be zero. Figure 5 shows that o declines, i.e., patternation im-
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proves, with increase in liquid injection pressure, presumably
because high injection pressures promote more turbulence and
better mixing in the swirl chamber. It also shows that the cir-
cumferential distribution is most uniform for a value of [,/d,
of 2. This optimum value of 2 was found to apply at all operating
conditions to all of the liquids tested, some of which varied in
viscosity by a factor of twelve. This result is of considerable
practical interest because for many years the trend in pressure-
swirl atomizer design has been toward lower values of [,/d, in
order to reduce internal losses and thereby improve atomization.
Most current atomizer designs have values of [,/d, of 0.5 or
less. Figure 5 clearly demonstrates that reducing /,/d, can appre-
ciably worsen the spray patternation.

Spray Diagnostics. In recent years considerable advances
have been made in the development of laser diagnostic tech-
niques for measuring the properties of sprays. The methods
used in spray analysis have been reviewed by Chigier (1983),
Chigier and Stewart (1984), and Durst et al. (1981). Laser-
Doppler velocimetry and phase-Doppler anemometry, inter-
faced with signal processing and high-speed data acquisition
systems, are now being used routinely in simultaneous measure-
ments of drop size, drop velocity, and local drop drag coeffi-
cients (Bauckhage, 1988; Delarosa et al., 1993; Dittmann et al.,
1992; Naqwi et al., 1991). High-speed pulsed microphotogra-
phy, cinematography, and holography are also used to study
drop size distributions and spray structure (Santangello and
Sojka, 1994). Much of the tedium normally involved in detailed
studies of drop size distributions in various regions of the spray
can now be alleviated using automatic image analysis, in which
droplet images are enlarged, counted, and sorted by electronic
scanning devices and analyzed by microprocessors.

Many efforts are now underway to gain a better understanding
of the basic phenomena occurring within complex practical sys-
tems currently in service on advanced turbojet engines. Wang
et al. (1992a, b, 1994, 1995) and McDonell et al. (1994a, b)
used a two-component phase-Doppler interferometry system to
make detailed measurements in the flows downstream of a
SNECMA/GE CFM-56 airblast atomizer. In addition to time-
averaged properties, transient phenomena were also examined.
These studies have provided great insight into the general struc-
ture of the gas phase as well as details regarding the complex
behavior of drops. Of special interest from a practical viewpoint
is that actual engine hardware was used to examine the sensitiv-
ity of the spray structure to scaling and hardware variations.
One study was devoted to an examination of the effects of
nozzle defects on spray characteristics. Figure 6 presents a sche-
matic diagram of the CFM-56 atomizer and swirl cup used in
this investigation. It features a pair of concentric air inlets,
which generate two separate swirling airflows in opposite direc-
tions. The swirl cup acts as a ‘‘hybrid” injector, with drops
produced from a combination of airblast and pressure atomiza-
tion. This figure illustrates what can happen to the swirl cup
assembly during the engine operating cycle. The design calls
for concentric alignment at altitude cruise conditions. However,
due to ‘‘throttle pushes’’ over the years, the assembly can be-
come eccentric by up to around 3 mm (0.125 in.), as indicated
in Fig. 6. This occurs because the secondary swirler is attached
to the combustor liner, whereas the burner feed arm is mounted
directly onto the combustor casing. Since the two components
are pinned at two different locations to the casing, the thermal
expansion of the casing causes misalignment.

Results showing the effect of misalignment on the flow field
downstream of the atomizer are presented in Fig. 7. In this
figure the two circles on each cartoon represent the primary
and secondary swirlers. The vector quantities represent the gas
velocities in the r —Z plane, while the contours are the turbulent
kinetic energies based on the measured rms velocity compo-
nents. The highest velocity variations occur in the shear layer
between the recirculating flow and the surrounding flow moving
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Fig. 6 Concentric and eccentric airblast atomizers

downstream. The slight flow asymmetries observed with con-
centric alignment of the swirlers is attributed to normal hard-
ware tolerance. The measurements obtained with the eccentric
swirler assembly exhibit asymmetries in both mean velocities
and turbulence.

Hebrard et al. (1991, 1993) also used two-component phase-
Doppler interferometry to characterize the two-phase flow field
generated by an engine airblast atomizer. Their measurements
included mean axial and transverse velocities for each phase as
well as volume flux and drop size distributions. They used
surface plots to illustrate the local variation of Sauter mean
diameter for cross sections of the spray at several different
distances downstream from the atomizer. Close to the nozzle,
they observed a dome-shaped distribution of drop sizes. Air
flowing through the inner and outer swirlers of the airblast
atomizer produced a nearly uniform drop size distribution, but
recirculating air jets caused some secondary atomization. Some
large drops were observed in the core, generated by the inner
swirling air. Farther downstream the drop size distribution
broadened and indentations appeared on the spray boundary,
caused by the presence of air jets emanating from the holes
located near the edge of the atomizer cup.

Wynne and Jasuja (1991) and Jasuja and Lefebvre (1994)
used various nonintrusive techniques, including phase-Doppler
interferometry, high-intensity spark photography, high-speed
cinephotography, and video imaging to capture the dynamic and
unsteady spray characteristics produced in prefilming airblast
atomization. All of the injectors used in this program were
typical of modern gas turbine practice and differed from each
other only in regard to various design features, such as swirler
flow area and vane angle. A special feature of this work is that
it covers a very wide range of ambient air pressures. The results
obtained are generally consistent with the findings reported
above in showing that the sprays produced by actual engine
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Fig. 7 Influence of atomizer misalignment on flow field

nozzles exhibit appreciable nonuniformities in regard to droplet
trajectories and mass flux distributions.

A number of laboratories throughout the world are now using
advanced laser diagnostics to characterize the sprays produced
in airblast atomization. Much of this work is confined to dilute
and simple sprays operating in easily probed laboratory condi-
tions at normal atmospheric pressure. The special merit of the
researches summarized above is their focus on full-scale engine
nozzles, operating in some cases over wide ranges of ambient
air pressure. The information they are providing on the complex,
near-field bulk liquid behavior and droplet physical processes
is making a significant contribution to fuel injector modeling
capabilities and the development of low-emissions combustors.

Modeling of Spray Characteristics. The development of
new diagnostic techniques as discussed above has encouraged
the formulation of empirical and analytical models to describe
the fuel injection process. Rizk and his co-workers (see, for
example, Rizk et al., 1987; Custer and Rizk, 1988; and Rizk
and Mongia, 1992a, b) have been especially active in this field.
One overall model, which combines three submodels, addresses
various processes of fuel and air preparation for atomization
and formation of the final spray. The first submodel describes
the velocity profiles of the air passing through and exiting from
the nozzle passages. The second submodel deals with the fuel
prefilming process and the conversion of the thin fuel sheet
into droplets. Finally, the third model represents the turbulent
dispersion effects on the spray.

The results of this model highlight the need to define both
the air flowfield and the film breakup process with good accu-
racy. The model also indicates how improvements in atomiza-
tion quality can be achieved by careful design of the prefilmer
and internal passages of the atomizer. A thinner fuel film, which,
for any given fuel flow rate, is governed by local air velocity
and nozzle geometry, results in shorter ligaments that disinte-
grate into drops closer to the nozzle in regions of relatively
high air velocity. This enhances the secondary atomization pro-
cess and reduces the final drop sizes in the spray.

Sultanian and Mongia (1986) used the k- e turbulence model
in conjunction with a boundary-fitted curvilinear orthogonal
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grid to compute the internal flow characteristics of an injector.
Their calculations were compared with LDV measurements on
four nozzle configurations with variations in size, swirl strength,
and swirl direction. For most mean velocity components, the
agreement between measurements and calculations was good.
These workers concluded that the modeling results indicate that
calculations can be used for design and analysis.

Hebrard et al. (1993) have reported on the development of
a similar k—¢ code, which shows good correlations between
predictions and measurements of drop trajectories from an air-
blast atomizer. Data were taken using a high-speed video cam-
era. A Weber number relationship was derived for predicting
whether a droplet will bounce or film when hitting a wall, and
it was also noted that fuel droplets are capable of burning either
singly, in groups, or en masse.

The examples given above are intended to illustrate current
efforts in fuel injector modeling. These models, in conjunction
with the detailed knowledge on spray characteristics that new
advances in laser diagnostics are making available at an ever-
increasing rate, are providing better insight on the critical role
of the fuel injection process on low-emissions combustor perfor-
mance.

Fuel Nozzle Coking

No discussion on spray characteristics would be complete
without reference to the deleterious effects on atomization and
spray symmetry caused by the partial or complete blockage by
carbon deposition of one or more of the flow passages within
the fuel nozzle. This problem is one of growing importance and
has special implications for the development of many types of
low-emission combustors for which a uniform distribution of
fuel within the spray is a basic requirement. It is especially
serious for advanced turbojet engines due to the growing use
of the fuel as a heat sink for cooling the airframe, avionics, and
engine lubricating oil. The problem is further exacerbated by
the fact that the fuel feed arm is immersed in the compressor
efflux air. This high-temperature, high-pressure, high-velocity
airflow causes convective heating, which further raises the tem-
perature of the fuel before it flows into the fuel injector. The
combined effect of all these various inputs is that by the time
the fuel is sprayed into the combustion zone, its temperature is
appreciably higher than when it left the fuel tank.

From a combustion viewpoint this elevation in fuel tempera-
ture is not altogether undesirable because it reduces fuel viscos-
ity and thereby promotes finer atomization. Unfortunately, high
fuel temperatures stimulate oxidation reactions, which lead to
the formation of gums and other insoluble materials (including
carbon), which tend to deposit on the walls of the passages and
metering orifices within the nozzle. These deposits can distort
the fuel spray and create appreciable nonuniformities in spray
patternation.

The problems created by the deposition of carbonaceous ma-
terials, generally referred to as ‘‘coke,”’ within the fuel nozzle
are of special importance for small gas turbines. As the engine
size is reduced, the dimensions of various engine components
must also decrease. This is particularly disadvantageous for the
fuel injector because it embodies small internal flow passages,
which are especially prone to plugging and blockage. In small
gas turbines, the swirl-inducing and fuel metering passages can
have linear dimensions as small as 200 um (McCaldon et al.,
1993). Fuel passages are often convoluted, thus creating local
regions in which the flow velocity is low and thermal degrada-
tion and coking can occur. The pressure-swirl atomizer, having
very small hole and passage sizes, is especially prone to coke
formation. Coke agglomerates, formed either upstream of the
nozzle tip or within the nozzle itself, can break off and be
carried in to the metering passages.

Airblast atomizers are inherently less susceptible than pres-
sure-swirl atomizers to the problems of fuel coking because
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they employ much larger fuel passages in the nozzle tip. How-
ever, the inability of airblast atomizers always to meet the re-
quirements of cold day starting has prevented pure airblast sys-
tems from completely displacing pressure-swirl atomizers from
engine designs.

The effects of partially or totally blocked fuel metering pas-
sages on the fuel—air distributions produced by an airblast atom-
izer have been examined by McCaldon et al. (1993). They
found that as more and more fuel metering holes become ob-
structed with increasing operating time, more fuel is forced
through the remaining nozzles. Consequently, engine damage
may be caused by those injectors, which, if tested individually,
still flow within tolerances. Although the report of McCaldon
et al. contains no data on NO,, it is clear that the fuel flux
variations found must also give rise to substantial increases in
NO, emissions at high power conditions and increased emis-
sions of CO and UHC at low power conditions.

The studies carried out by Nickolaus and Lefebvre (1987)
and McCaldon et al. (1993), among others, have demonstrated
that coke formation within fuel nozzles can have a serious ad-
verse effect on spray pattern. Although it has long been recog-
nized that ‘‘cleaner’’ fuels of low aromatics content can greatly
reduce the potential for fuel coking, this has never been regarded
as a practical option due to the requirements of fuel flexibility
for the military and lower-cost, heavier distillate fuels for civil-
ian and commercial applications.

The discussion above on the effects of fuel thermal degrada-
tion on fuel injector performance has tended to focus on the
deleterious effects caused by the elevation in temperature expe-
rienced by the fuel upstream of the nozzle tip. Another important
effect on fuel coking is the fuel-wetted wall temperature within
the nozzle. An increase in wall temperature greatly accelerates
the rate of coke deposition. The flow of heat into the nozzle tip
by air flows introduced to prevent soot accumulation, and by
intense radiation from the combustion gases, cause fuel-wetted
wall temperatures to be appreciably higher than the temperature
of the adjacent fuel. This temperature gradient near the wall not
only enhances deposition rates by raising the fuel temperature
but also has a separate additional effect due to the higher wall
temperature.

In recent years the U.S. Naval Air Propulsion Center has
sponsored an innovative high-temperature fuel nozzle program
with the objective of designing and evaluating fuel nozzles
capable of operating satisfactorily despite extreme fuel and air
inlet temperatures. As part of this program, Stickles et al. (1993)
evaluated 27 different nozzle designs, all of which were based
on the production GE F404 fuel nozzle. The design approach
was to use improved thermal protection and fuel passage geom-
etry in combination with fuel passage surface treatment to mini-
mize coking. Heat transfer analysis highlighted several im-
portant design features for reducing wetted-wall temperatures.

1 Reduce fuel flow passage area to increase fuel velocity
* Increases heat transfer coefficients
* Reduces wetted-wall temperature
* Reduces fuel residence time
2 Add air gaps
*  Metals with air gaps are more effective than solid
ceramics
3 Substitute ceramics for metal parts
* Ceramics are very effective in combination with air
gaps
4 Avoid bends and steps in the fuel flow path
* They create stagnant fuel regions that have low trans-
fer coefficients and thus high wetted-wall tempera-
tures

Sample tube coking test results showed the importance of
surface finish on the fuel coking rate. Reducing the surface
roughness from 3.1 um to 0.25 um reduced the deposition rate
by 26 percent. In summary, Stickles et al. found that reduced
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Table 1 Principal pollutants emitted by gas turbines
POLLUTANT EFFECT
Carbon monoxide (CO) Toxic
Unburned hydrocarbons (UHC) Contributes to urban smog
Particulate matter (C) Visible. Posgible link to
asthma and other respiratory
diseases
Oxides of nitrogen (NOy) Toxic, precursor of chemical
smog, depletion of ozone in
stratosphere
Oxides of sulfur (SOy) Toxic, corrosive
Carbon dioxide (CO7) Contributes to greenhouse
effect

passage flow area, reduced surface roughness, additional insu-
lating air gaps, and replacement of metallic tip components with
ceramics minimized the wetted-wall temperature. Vacuum gaps,
reduced emissivity coatings, and thermal barrier coatings did
not offer significant wall-temperature reductions.

Thermal modeling studies carried out by Myers et al. (1992)
suggested that the two major sources of heat absorption into
the fuel nozzle were the air swirl vanes and any surface exposed
to the flame. At an altitude cruise condition, for example, the
predicted heat flux entering the nozzle face from flame radiation
is more than 20 times that absorbed by conduction and convec-
tion through the burner feed arm. The frontal area exposed to
the flame is thus a key element in nozzle thermal loading.

Myers et al. concluded that substantial reductions in wetted-
wall temperatures can be realized at extreme fuel and air inlet
temperatures by using simple air gaps as thermal barriers. De-
tailed thermal analysis and simple thermal barriers, rather than
exotic cooling schemes, can produce dramatic improvements in
thermal protection.

The problem of fuel coking and its strong adverse effects on
spray uniformity and pollutant emissions is one of growing
concern due to the anticipated gradual deteriorations in fuel
quality and the continuing trends toward higher temperature
engines.

Emissions Concerns

The exhaust from an aircraft gas turbine is composed of
carbon monoxide (CO), carbon dioxide (CO,), water vapor
(H,0), unburned hydrocarbons (UHC), particulate matter
(mainly carbon), oxides of nitrogen, and excess atmospheric
oxygen and nitrogen. Carbon dioxide and water vapor have not
always been regarded as pollutants because they are the natural
consequence of complete combustion of a hydrocarbon fuel.
However, they both contribute to global warming and can only
be reduced by burning less fuel. With industrial gas turbines
burning residual fuels, an additional pollutant of concern is
oxides of sulfur, mainly SO, and SO,. They are toxic and corro-
sive and lead to the formation of sulfuric acid in the atmosphere.
Since virtually all the sulfur in the fuel is oxidized to SO,, the
only viable limitation strategy is to remove sulfur from the fuel
prior to combustion.

The principal pollutants are listed in Table 1. Carbon monox-
ide reduces the capacity of the blood to absorb oxygen and, in
high concentrations, can cause asphyxiation and even death.
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Unburned hydrocarbons are not only toxic, but they also com-
bine with oxides of nitrogen to form photochemical smog. Par-
ticulate matter, often called soot or smoke, is generally not
considered toxic at the levels emitted, but recent studies by
Seaton et al. (1995) indicate a strong association between
asthma and other respiratory diseases and atmospheric pollution
by concentrations of small particles in the microgram range.
Oxides of nitrogen (NO + NO,), of which the predominant
compound at high emission levels is NO, not only contribute
to the production of photochemical smog at ground level but
also cause damage to plant life and add to the problem of acid
rain. Relative to other sources, aircraft engines are only minor
contributors to the overall NO, burden. For example, in the
United States NO, emissions from aircraft engines account for
only about 0.5 percent of the total emissions nationwide from
all sources (Bahr, 1991). On a global basis, NO, emissions
from aircraft engines constitute less than 3 percent of all man-
made NO, emissions. However, of special concern is that these
emissions are released at altitude and lead to the formation of
ozone in the troposphere. This is the region in which stationary
gas turbines and subsonic aircraft operate. Measurements taken
over a long period of time at altitudes from one to three kilome-
ters indicate that the level of ozone over Western Europe is now
approaching 50 ppb (parts per billion). Prolonged exposure to
ozone concentrations around 100 ppb is associated with respira-
tory illnesses, impaired vision, headaches, and allergies. Ground
level ozone is especially important in regions where the topo-
graphical features prevent the local weather system from remov-
ing the ozone formed in combustion and where strong sunshine
can promote the photochemical reactions that lead to smog. Los
Angeles is the classic example of such a region. It is hardly
surprising therefore that the drive toward very stringent emis-
sions legislation on NO, first emanated from this city.

Similar studies indicate that NO, emissions emitted at higher
altitudes can contribute to the depletion of the stratospheric
ozone layer. Unfortunately, supersonic aircraft are required to
operate at such high altitudes. Ozone depletion results in an
increase in ground level ultraviolet radiation, which leads to an
increase in the incidence of skin cancer.

For industrial gas turbines the problems posed by exhaust
gas emissions are no less challenging than for aero-engines.
World energy demand is forecast to grow over the next 30 years
at around 1.4 percent per annum. This demand will be met
predominantly by the combustion of fossil fuels (Singh, 1994).
Thus the manufacturers and users of gas turbines for utility
power generation now find themselves at the forefront in regard
to responsibility for emissions issues.

Emissions Regulations

The International Civil Aviation Organization (ICAO) has
promulgated regulations for civil subsonic turbojet/turbofan en-
gines with rated thrust levels above 26.7 kN (6,000 pounds)
for a defined landing-takeoff cycle (LTO) which is based on

Table 2 ICAO gaseous emissions standards

Emission, Subsonic turbojet/ Supersonic turbojet/
turbofan engines* turbofan engines

o HC 19.6 140(0.92)00

o CO 118.0 4550(1g0)-1.03

o NOx 4042740 36+2.42190

*Newly manufactured engines with rated takeoff
thrust greater than 26.7 kN,

Too = @ngine pressure ratio at takeoff
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Table 3 Typical aircraft emissions

TYPICAL DISTRIBUTION OF TOTAL EMISSION MASS
QUANTITIES GENERATED DURING A FLIGHT OF AN
ATIRCRAFT EQUIPPED WITH MODERN ENGINES
o Aircraft:  Twin-engine transport
o Range: 500 nautical miles
Category Percent of total emission mass
During ICAQ During climbout/ | Overall
landing-takeoff | cruise/descent
cycle
Smoke ~-- 0.1 0.1
HC 0.6 1.0 1.6
co 5.4 7.0 124
NOx 7.8 78.1 85.9
Total 13.8 86.2 100.0
(56.5% NOx) (90.6%NOx)

an operational cycle around airports. This LTO cycle is intended
to be representative of operations performed by an aircraft as
it descends from an altitude of 914 m (3000 ft) on its approach
path to the time it subsequently attains the same altitude after
takeoff.

The standards for CO, UHC, and NO, emissions are presented
in Table 2, in which my, is the engine pressure ratio at takeoff.
They are expressed in terms of a parameter that consists of the
total mass in grams of any given gaseous pollutant emitted
during the LTO cycle per kilonewton of rated thrust at sea level.

We have

Emission = Emission Index (EI)

g/kN g/kg fuel
X Engine SFC X Time in Mode 3)
kg fuel/h kN h

This equation demonstrates that improving (i.e., reducing) the
specific fuel consumption results directly in a reduction of the
pollution levels. Because the CO and UHC levels of modern
engines have been greatly reduced at all low power conditions,
and only NO, is emitted in appreciable amounts at altitude
cruise, in practice the emissions generated by aircraft engines
consist primarily of NO,. A typical example of the emissions
mass distribution associated with the flight of a modern subsonic
aircraft has been provided by Bahr (1992) and is shown in
Table 3. This table represents a flight of 900 km (500 nautical
miles) and shows that NO, emissions predominate both in the
vicinity of the airport and during altitude cruise. For a longer
flight, NO, emissions would account for an even larger fraction
of the total emissions mass.

The ICAO standard for smoke measurement is expressed in
terms of a Smoke Number (SN), which is related to the engine
takeoff thrust (Fy) by the expression

SN = 83.6(Fg) " 4

This expression is shown graphically in Fig. 8. The intention
of this standard is to eliminate any visible smoke from the
engine exhaust. As smoke visibility depends on both the smoke
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Fig. 8 ICAO smoke emissions standards

concentration, as indicated by the value of SN, and on the
viewing path length, the allowable SN of a high thrust engine
is lower than for a low thrust engine because of its larger exhaust
diameter.

As far as subsonic aircraft engines are concerned, the situa-
tion in regard to compliance with ICAO regulations is generally
satisfactory, due mainly to the engine manufacturers’ efforts
during the past 20 years in improving combustor design and in
reducing engine specific fuel consumption. However, in view
of the continuing pressure to reduce NO, emissions from all
sources, efforts by ICAO to formulate more rigorous NO, stan-
dards are in progress and a 20 percent increase in the stringency
of the current ICAO standard has been enacted and will come
into effect at the end of 1995. In Sweden a tax is now imposed
on NO, and UHC emissions generated during domestic flights,
while limits on the total yearly emissions quantities at some
airports are being considered in both Sweden and Switzerland
(Bahr, 1995). These steps could constitute important prece-
dents. For future supersonic aircraft engines, very stringent
goals have been established. The future of second-generation
supersonic aircraft depends crucially on compliance with these
goals, which can only be met by the use of yet-to-be-developed
ultralow NO, combustor designs.

The discussion so far has focused mainly on aircraft engines,
but the same general considerations apply with equal force to the
use of gas turbines in other applications. Regulations governing
emissions from gas turbines at ground level tend to be highly
complex because the legislation varies from one country to
another and is supplemented by local or site-specific regulations
and ordinances governing the size and usage of the plant under
consideration and the type of fuel to be used. Figure 9, due to

SOME EMISSIONS REGULATIONS
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Fig- 9 Some emissions regulations for industrial engines
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Fig. 10 Emissions characteristics of gas turbine engines

Singh (1994), summarizes the EEC Directive of August 19,
1992, concerning CO and NO, emissions for gaseous and liquid
fuels for gas turbines over and under S0 MW. These levels are
then compared with some legislation from the U.S. and Japan.

Most of the drive toward more stringent regulations for sta-
tionary gas turbines has been directed at oxides of nitrogen.
Changes in legislation are now calling for NO, requirements as
low as 25 ppm and even 9 ppm. In some locations the installa-
tion of a new gas turbine power generating facility calls for
NO, emissions levels below 5 ppm. Moreover, there is often a
requirement to use the ‘‘Best Available Control Technology’’
(BACT) or the “‘Lowest Available Emission Rate’’ (LAER).
This has led to concerns such as those expressed by Angello
and Lowe (1989), that if a new technology is developed that
significantly improves the ability to reduce NO, emissions, it
effectively sets the emission standard that all subsequent plants
must meet. Thus, as new technologies are developed to meet
the ever-increasingly restrictive emission limits, they become
the standard by which the next round of emission regulations
is guided.

Combustors designed specifically for low-NO, emissions ate
often described as ‘‘low-NO,’’ or ‘‘ultralow-NO,’’. Broadly
speaking, the term ‘‘low-NO,”’ relates to emissions in the range
from 25 to 50 ppm (corrected to 15 percent O,), whereas ‘‘ul-
tralow NO,’’ generally denotes emissions below 25 ppm. With
advances in low emissions technology, the description ‘‘ul-
tralow-NQO,”” is becoming increasingly reserved for emission
levels below 10 ppm.

Mechanisms of Pollutant Formation

The concentration levels of pollutants in gas turbine exhausts
can be related directly to the temperature, time, and concentra-
tion histories of the combustion process. These vary from one
combustor to another and, for any given combustor, with
changes in operating conditions. The nature of pollutant forma-
tion is such that the concentrations of carbon monoxide and
unburned hydrocarbons are highest at low-power conditions and
diminish with increase in power. In contrast, oxides of nitrogen
and smoke are fairly insignificant at low power settings and
attain maximum values at the highest power condition. These
characteristic trends are sketched in Fig. 10.

Carbon Monoxide. In combustion zones designed to oper-
ate fuel-rich, large amounts of CO are formed owing to the lack
of sufficient oxygen to complete the reaction to CO,. If, how-
ever, the combustion zone mixture strength is stoichiometric or
moderately fuel-lean, significant amounts of CO will be present
owing to the dissociation of CO,. In principle, it should be
possible to reduce this CO to a very low level by the staged
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admission of additional air downstream of the primary zone to
achieve a gradual reduction in burned gas temperature. In prac-
tice, CO emissions are found to be much higher than predicted
from equilibrium calculations and to be highest at low-power
conditions, where burning rates and peak temperatures are rela-
tively low.

The main factors influencing burning rates, and hence also
CO emissions, are engine and combustor inlet temperatures,
combustion pressure, and primary-zone equivalence ratio. (Note
that equivalence ratio is the actual fuel/air ratio divided by the
stoichiometric value of fuel/air ratio.) All these aspects have
been investigated by many workers, including Bahr (1982,
1987, 1991, 1992), Bayle Labouré (1991), Correa (1991),
Desaulty (1991), Koff (1993), Mosier and Pierce (1980), and
Sturgess et al. (1993). In their studies on pollutant emissions
from continuous flow combustors, Rink and Lefebvre (1989a)
used a continuous flow tubular combustor, 150 mm in diameter,
in conjunction with an array of 36 equally spaced ‘‘micro-
scopic’’ airblast atomizers, to achieve a uniform distribution of
fuel in the mixture entering the combustion zone. This method
of fuel injection had another useful advantage in that it allowed
the mean drop size in the fuel spray to be varied in a controlled
manner while maintaining all other flow conditions constant.
All measurements of pollutant emissions were carried out at a
distance of 170 mm from the fuel injectors.

Influence of Equivalence Ratio. Some of the results ob-
tained by Rink and Lefebvre are presented in Fig. 11, which
shows the variation of CO emissions with equivalence ratio for
two values of inlet air temperature, namely 473 and 573 K.
Both curves exhibit the same general characteristics. They show
that CO emissions diminish with increase in equivalence ratio,
reaching a minimum value at an equivalence ratio, ¢, of around
0.8. Beyond this point any further increase in equivalence ratio
causes CO emissions to rise. These trends are typical of those
observed for other types of combustion systems. The high levels
of CO at low equivalence ratios are due to the slow rates of
oxidation associated with low combustion temperatures. In-
crease in equivalence ratio raises the flame temperature, which
accelerates the rate of oxidation so that CO emissions decline.

626 / Vol. 117, OCTOBER 1995

CO, g/kg fuel

However, at temperatures higher than around 1800 K the pro-
duction of CO by chemical dissociation of CO, starts to become
significant. Thus, at high equivalence ratios CO levels are high
because they attain equilibrium values. Only in the fairly narrow
range of equivalence ratios from around 0.7 to 0.9 can low
levels of CO be achieved.

Measurements of CO emissions from more practical combus-
tion chambers are fully consistent with these results. For exam-
ple, Sturgess et al. (1993) used a JTOD-70A combustor supplied
with aviation fuel to examine the effects of combustor operating
conditions and airflow distribution on the emissions of CO,
UHC, NO,, and smoke. The results obtained for CO at engine
idle conditions are shown in Fig. 12. Although this figure dem-
onstrates minimum CO at an equivalence ratio around 1.0 as
opposed to the value of 0.8 obtained by Rink and Lefebvre,
this difference is not considered significant because the amount
of air participating in primary combustion is notoriously diffi-
cult to estimate accurately.

Influence of Inlet Air Temperature. The effect of an increase
in inlet air temperature is to reduce CO, as illustrated in Fig,
11. This it does by raising the flame temperature, which acceler-
ates the conversion of CO into CO,. At equivalence ratios of
stoichiometric and above, this higher flame temperature pro-
motes the formation of CO by dissociation so that, at the highest
equivalence ratios, the CO concentrations are highest for the
higher inlet air temperature. These trends are clearly illustrated
in Fig. 11.

Influence of Pressure. Figure 13 demonstrates the beneficial
effect of an increase in combustion pressure in reducing CO
emissions. At low equivalence ratios, increase in pressure di-
minishes CO by accelerating the rate of conversion of CO into
CO,. At high equivalence ratios, increase in combustion pres-
sure reduces CO emissions, albeit to a lesser extent, by sup-
pressing chemical dissociation.

Influence of Ambient Air Temperature. Hung and Agan
(1985) have examined the influence of ambient air temperature
on the CO emissions from a 7 MW industrial engine supplied
with natural gas fuel. A strong air temperature effect on mea-
sured CO was observed. CO emissions for an air temperature
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Fig. 12 Influence of primary zone equivalence ratio on CO emissions
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of 287 K were around three times higher than the corresponding
values at 298 K. A correlation of these data carried out by Hung
(1993) yielded the following expression for calculating the ef-
fect of ambient air temperature on CO. It is considered valid
for values of temperature up to 303 K.

CO7/COy = 1 — 0.0634(T — 288) (5)

where CO, = emissions of CO in ppm at 15 percent O, at
ambient temperature, T, and CO,g; = emissions of CO in ppm
at 15 percent O, at 288 K. This equation should be used with
caution because it is likely to be very engine specific. Neverthe-
less, it describes quantitatively what many other workers have
observed, namely the high sensitivity of CO emissions to inlet
air temperature. This small but important point needs to be
borne in mind constantly when making comparative combustor
tests for CO emissions at different times.

A further important factor influencing CO emissions is the
amount of liner wall-cooling air employed in the primary com-
bustion zone. CO and UHC formed in primary combustion can
migrate toward the liner walls and become entrained in the
wall-cooling air. The temperature of this air is so low that all
chemical reactions are effectively ‘‘chilled.”” Thus the film-
cooling air emanating from the primary zone normally contains
high concentrations of CO and UHC. Unless these species are
subsequently entrained into the hot central core with sufficient
time to react to completion, they will appear in the exhaust gas.
Thus, reduction in film-cooling air by more efficient cooling
(or even ceramic liners) in the primary zone is effective in
reducing CO.

Unburned Hydrocarbons. These include fuel that
emerges from the combustor in the form of drops or vapor, as
well as the products of the thermal degradation of the parent
fuel into species of lower molecular weight. They are normally
associated with poor atomization, inadequate burning rates, the
chilling effects of film-cooling air, or any combination of these.
The reaction kinetics of UHC formation are more complex than
for CO formation, but generally it is found that those factors
that influence CO emissions also influence UHC emissions and

Journal of Engineering for Gas Turbines and Power

in much the same manner. Thus, in common with CO, UHC
emissions are reduced by increases in inlet air temperature and
combustor pressure, and by any change in equivalence ratio
toward the optimum value of around 0.8.

Smoke. Exhaust smoke is caused by the production of
finely divided soot particles in fuel-rich regions of the flame.
With pressure-swirl atomizers, the main soot-forming region
lies inside the fuel spray, at the center of the combustor, as
illustrated in Fig. 14. This is the region in which the recirculat-
ing burned products move upstream toward the fuel spray, and
in which local pockets of fuel vapor are enveloped in oxygen-
deficient gases at high temperature. In these fuel-rich regions,
soot may be produced in considerable quantities. Most of the
soot produced in the primary zone is consumed in the high-
temperature regions downstream. Thus, from a smoke view-
point, a combustor may be considered to comprise two separate
zones—the primary zone, which governs the rate of soot forma-
tion, and the intermediate zone (and, on modern high-tempera-
ture engines, the dilution zone also), which determines the rate
of soot consumption. The soot concentration actually observed
in the exhaust gas is an indication of the dominance of one
zone over the other.

Influence of Pressure. Problems of soot and smoke are
always most severe at high pressures. There are several reasons
for this; some derive from chemical effects, while others stem
from physical factors that affect spray characteristics and hence
the distribution of mixture strength in the soot-forming regions
of the flame. For premixed Kerosine/air flames it is found that
no soot is formed at pressures below 0.6 MPa and equivalence
ratios below 1.3,

One adverse effect of an increase in pressure is to extend the
limits of flammability, so that soot is produced in regions that,
at lower pressures, would be too rich to burn (see Fig. 15).
Increased pressure also accelerates chemical reaction rates, so
that combustion is initiated earlier and a larger proportion of
the fuel is burned in the fuel-rich regions adjacent to the spray.
With pressure atomizers, reduced spray penetration is one of
the main causes of smoke at high pressures. Thus whereas at
low pressures the fuel is distributed across the entire combustion
zone, at high pressures it tends to concentrate in the soot-form-
ing region just downstream of the nozzle. Still another adverse
effect of an increase in pressure is to reduce the cone angle of
the spray. This encourages soot formation, partly by increasing
the mean fuel drop size, but mainly by raising the mixture
strength in the soot-forming zone.

The total effect of all these factors is that smoke emission
increases steeply with pressure, as shown in Fig. 16. Airblast
atomizers are spared these problems because the fuel drops they
produce are always airborne. The distribution of fuel through
the combustion zone is dictated solely by the liner airflow pat-
tern, which is not susceptible to changes in pressure.

/—FUEL SPRAY

" \ MAIN SOOT-FORMING ZONE.
N\ COMBINES HIGH TEMPERATURE
1{ WITH HIGH FUEL CONCENTRATION
\\ AND LOW OXYGEN CONTENT.
N

/RECIRCULAT!NG BURNED
PRQDUCTS

\

Fig. 14 Soot-forming zone for conventional combustors
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Influence of Fuel Type. Fuel properties can influence smoke

production in two ways: first by inducing the formation of local
fuel-rich regions, and second, by exerting variable resistance to
carbon formation. The former is controlled by physical proper-
ties, such as viscosity and volatility, which affect the mean drop
size, penetration, and rate of evaporation of the fuel spray,
whereas the latter relate to molecular structure, It is well estab-
lished that smoking tendency increases with a reduction in hy-
drogen content and, in fact, hydrogen content is commonly used
in correlating rig and engine test data on various soot-related
parameters such as smoke emissions, flame radiation, and liner
wall temperature. However, Chin and Lefebvre (1993) have
shown that a better index of sooting tendency is the ASTM
smoke point, which is obtained experimentally by burning the

test fuel in a wick lamp and slowly increasing the height of

the flame until it begins to smoke. The height of the flame in
millimeters is the smoke point; the higher this is, the lower is
the tendency of the fuel to soot formation.

The correlations shown in Figs. 17 and 18 were obtained
from measurements of smoke number carried out on Pratt and
Whitney TF33 and F100 combustors, respectively. The gener-
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Fig. 16 Data illustrating the effect of pressure on exhaust smoke
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Fig. 17 Correlation of smoke number with smoke point for a TF 33
combustor

ally high quality of the data fit obtained with these and several
other aircraft combustors led Chin and Lefebvre to conclude
that smoke point is superior to hydrogen content as a correlating
parameter for soot-related combustion phenomena.

Oxides of Nitrogen. Some of the nitric oxide (NO) formed
in combustion can subsequently oxidize to NO,. For this reason
itis customary to lump NO and NO, together and express results
in terms of oxides of nitrogen (NO,), rather than NO. At high
emission levels the predominant compound is nitric oxide,
which is produced mainly by the oxidation of atmospheric nitro-
gen in high-temperature regions of the flame. The process is
endothermic and it proceeds at a significant rate only at tempera-
tures above around 1850 K. It can be produced by four different
mechanisms, as discussed below.

1 Thermal NO. This is produced by oxidation of atmo-
spheric nitrogen in the postflame gases. Most of the proposed
reaction schemes for thermal NO utilize the extended Zeldovich
mechanism:

N, + O=NO + N
N+0O,=NO+ O
N+ OH =NO + H

NO formation is found to peak on the fuel-lean side of stoichio-
metric. This is a consequence of the competition between fuel
and nitrogen for the available oxygen. Although the combustion
temperature is higher slightly on the rich side of stoichiometric,
the available oxygen is then consumed preferentiaily by the
fuel. For even richer mixtures, a further reduction of NO may
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Fig. 18 Correlation of smoke number with smoke point for an F 100
combustor
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fuels

occur if sufficient hydrocarbon radicals and adequate residence
time are available.

Figure 19 illustrates the exponential dependence of NO, on
flame temperature for both gaseous and liquid fuels. It is based
on experimental data (not shown in the figure) obtained by
Snyder et al. (1994) in their studies on the combustion perfor-
mance achieved when using a tangential entry lean-premixed
fuel nozzle. Data similar to those shown in Fig. 19 have been
obtained by many different workers using many different types
of combustion systems. Of special interest in this figure is that
the well-known difference in NO, emissions between liquid and
gaseous fuels diminishes with increase in flame temperature,
becoming negligibly small at the highest levels of temperature.
With liquid fuels there is always the potential for near-stoichio-
metric combustion temperatures, and consequently high NO,
formation, in the region surrounding the fuel drops, even though
the average equivalence ratio throughout the combustion zone
is appreciably less than stoichiometric. With increase in equiva-
lence ratio, the ambient flame temperature becomes closer to
the stoichiometric value, so that local conditions around the fuel
drops have less influence on the overall combustion process
and the NO, emissions begin to approximate those produced by
gaseous fuels.

As NO emissions are very dependent on flame temperature,
an increase in inlet air temperature would be expected to pro-
duce a significant increase in NO, and this is confirmed by the
results shown in Fig. 20 from Rink and Lefebvre (1989b). This
figure contains data for a mean fuel drop size (SMD) of 110 pum,
but similar results were obtained when the SMD was reduced to
30 pum.

Combustor residence time can also influence NO, emissions,
as shown in Fig. 21, which contains results obtained by Ander-
son (1975) when using a premix-prevaporize combustor burn-
ing gaseous propane fuel. It shows that NO, emissions increase
with increase in residence time, except for very lean mixtures
(¢ = 0.4), for which the rate of formation is so low that it
becomes fairly insensitive to time. Similar results showing the
insensitivity of NO, formation to residence time in lean pre-
mixed combustion have been obtained by Leonard and Steg-
maier (1994) and Rizk and Mongia (1993a). These findings
have important practical implications to the design of lean pre-
mixed combustors.

The key points regarding thermal NO may be summarized
as follows:
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1 Thermal NO formation is controlled largely by flame tem-
perature.

Little NO is formed at temperatures below around 1850 K.
For conditions typical of those encountered in conventional
gas turbine combustors (high temperatures for less than a
few milliseconds ), NO increases linearly with time but does
not attain its equilibrium value.

4  For very lean premixed combustors (¢ < 0.5), NO forma-

tion is largely independent of residence time.
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2 Nitrous Oxide Mechanism. According to Nicol et al.
(1992) this mechanism 1is initiated by the reaction

N2+O=N20

and the N,O (nitrous oxide) formed is then oxidized to NO
mainly by the reaction

N,O + O = NO + NO
but also by the reactions '
N,O + H = NO + NH
N,O + CO = NO + NCO

3 Prompt NO. Under certain conditions, NO is found very
early in the flame region—a fact that is in conflict with the
idea of a kinetically controlled process. According to Nicol et
al. the initiating reaction is

N, + CH=HCN + N

The balance of the prompt NO, mechanism involves the oxi-
dation of the HCN molecules and N atoms. Under lean-pre-
mixed conditions, the HCN oxidizes to NO mainly by a se-
quence of reactions involving HCN — CN — NCO — NO. The
N atom reacts mainly by the second Zeldovich reaction.

Of special interest and importance is the influence of pressure
on prompt NO formation because this could be the main contrib-
utor to the NO emissions produced in lean premixed combustion
(Correa, 1991). There are, however, few data available on this
effect. Fennimore’s (1971) pioneering study of prompt NO in
ethylene—air flames over a range of pressures from 1 to 3 atm
concluded that prompt NO « P%*, Later work by Heberling
(1976) over a much wider range of pressures from 1 to 18 atm
showed that prompt NO was independent of pressure. Altemark
and Knauber (1987) also concluded that NO, is independent of
pressure for equivalence ratios below 0.6. The practical implica-
tions of these findings are discussed below.

4 Fuel NO. If fuels contain organically bonded nitrogen,
then some of this nitrogen will eventually form the so-called
““fuel NO.”’ The percentage of nitrogen undergoing this change
increases only slowly with increasing flame temperature. Light
distillate fuels contain small amounts of organic nitrogen, less
than 0.06 percent, but the heavy distillates may contain as much
as 1.8 percent. Thus, depending on the degree of nitrogen con-
version, the fuel NO can represent a considerable proportion of
the total NO (Merryman and Levy, 1975). ‘

Nicol et al. (1992) have examined analytically the relative
contributions of the various mechanisms discussed above to the
total NO, emissions produced by a lean-premixed combustor
burning methane fuel, for which, of course, the fuel NO is
zero. The results of their study showed that at relatively high
temperatures of around 1900 K, and equivalence ratios of
around 0.8, the contributions are about 60 percent thermal, 10
percent nitrous oxide, and 30 percent prompt. With reductions
in temperature and equivalence ratio, the contributions made
by nitrous oxide and prompt NO increase significantly until, at
a temperature of 1500 K and an equivalence ratio of around

0.6, the relative contributions to the total NO, emissions become

5 percent thermal, 30 percent nitrous oxide, and 65 percent
prompt. These results clearly have great importance to the de-
sign of ultralow NO, lean-premixed combustors.

Influence of Pressure. The influence of pressure on NO,
formation is of special importance due to the continual trend
toward engines of higher pressure ratio to meet the need for
lower fuel consumption. Combustor testing at high pressures is
extremely expensive and it would therefore be highly conve-
nient to carry out combustor development at lower levels of
pressure and then extrapolate the results obtained to high levels
of pressure where NO, emissions attain their highest values.
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Fig. 22 Data illustrating the effect of pressure on NO, formation

Such extrapolation could be carried out with confidence if the
relationship between NO, and pressure were accurately known.
Unfortunately, the experimental data obtained on different com-
bustor types are conflicting in this regard. They vary from no
effect of pressure on NO, to quite significant increases in NO,
with increase in pressure.

For conventional combustors it is generally found that NO,
o« P", where n has values ranging from around 0.5 to around
0.8. Laboratory burners can also exhibit a strong effect of pres-
sure on NO,. For example, the results of Maughan et al. (1994)
from a well-mixed combustor supplied with natural gas fuel
showed that raising the combustor outlet temperature from 1227
to 1310 K caused » to increase from 0.38 to 0.51. Maughan et
al. regard this result as evidence that the lowest NO, levels
result from the nitrous oxide and prompt mechanisms which
dominate at low temperatures and which are independent of
pressure, whereas the higher NO, levels associated with higher
combustion temperatures are due primarily to thermal NO,
which exhibits a square root dependence on pressure.

These results and conclusions are fully consistent with those
obtained by Correa and co-workers (Leonard and Corea, 1990;
Correa, 1991). These workers studied turbulent premixed meth-
ane—air flames using an uncooled perforated plate burner op-
erating at pressures from 1 to 10 atm, inlet air temperatures
from 300 to 615 K, and equivalence ratios from 0.5 to 0.9.
Their modeling featured a stirred reactor for flame stabilization
followed by a plug flow reactor and a kinetic scheme which
included thermal and prompt NO. The results confirmed that
the low temperatures of lean flames preclude significant forma-
tion of NO by the thermal mechanism. At temperatures below
1800 K the prompt mechanism appears to be dominant. The
implication of these results to the effect of pressure on NO,
formation is well illustrated in Fig. 22, which contains some of
the experimental data of Correa et al. and which highlights their
conclusions in regard to the influence of flame temperature on
the pressure dependence of NO, formation. In this and in other
figures contained in this paper, the values of NO and NO, quoted
have been corrected to the values that would have been obtained
if the combustion air had contained 15 percent oxygen. The
following expression is used to make this correction:

(NO,)15%0, = (NO,) X 5.9/(20.9 — Oypezs.) (6)

where NO, concentrations are expressed in ppm by volume on
a dry basis and O, content is expressed as a percentage by
volume on a dry basis.

The purpose of this parameter i3 partly to remove ambiguity
when comparing different sets of experimental data, but mainly
to indicate that combustors burning less fuel are expected to
produce less NO,. Figure 22 shows that NO, is independent
of pressure in the leanest premixed flames. Increase in flame
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temperature, corresponding to an increase in equivalence ratio,
causes the pressure exponent to increase until, in the near-stoi-
chiometric region, it attains the value of 0.5, corresponding to
NO formation by the thermal mechanism.

Additional evidence to support the argument that NO, forma-
tion in well-mixed, low-temperature flames is largely indepen-
dent of pressure has been provided by Leonard and Stegmaier
(1994) and Steele et al. (1995). Their experiments covered
ranges of pressure from 1 to 30 atm and 1 to 7.1 atm, respec-
tively. Leonard and Stegmaier found little or no effect of pres-
sure, while the results obtained by Steele et al. using a lean,
premixed, high-intensity combustor showed a neutral or even
slightly negative effect of pressure on NO,. Comparatively little
is known about the pressure dependence of NO, formation in
fuel-rich flames. Rizk and Mongia (1991b) performed a three-
dimensional analysis to examine the influences of pressure and
residence time on NO, formation in the rich zone of a rich/
quench/lean (RQL) combustor. Their predictions indicate that
the value of the pressure exponent » varies with rich-zone equiv-
alence ratio according to the relationship:

n = 116.5 exp — (¢/0.222) (7)

For a typical rich zone equivalence ratio of 1.4 this equation
gives a value for n of 0.68.

Pollutant Reduction in Conventional Combustors

Although it might reasonably be argued that conventional
combustors are no longer of any real technical interest, they do
nevertheless constitute the big majority of combustors now in
service. Furthermore, most of our knowledge of the key factors
governing pollutant formation in continuous flow combustion
systems, which is now being applied to the design and develop-
ment of ultralow-NO, combustors, was acquired from experi-
ence gained on what are now called ‘‘conventional’’ combus-
tors.

The main factors controlling emissions from conventional
combustors may be considered in terms of:

1 The primary-zone temperature and equivalence ratio.

2 The degree of homogeneity of the primary-zone combustion
process.

3 Residence time in the primary zone.

4 Liner-wall quenching characteristics.

With liquid fuels, spray properties are also of prime importance.

In considering practical design methods for pollutant reduc-
tion, attention is focused first on individual pollutant species.
It will become clear, however, that with conventional combus-
tors a great deal of compromise is involved in design, not only
between one species and another, but also among the many
other performance requirements, such as lean blowout limits,
pattern factor, and size.

Carbon Monoxide and Unburned Hydrocarbons. The
presence of these species in the exhaust gases is a manifestation
of incomplete combustion. Thus all approaches to CO and UHC
reduction are based on a common philosophy, which is to raise
the level of combustion efficiency. An effective method of
achieving this is by redistributing the airflow to bring the pri-
mary-zone equivalence ratio closer to the optimum value of
around 0.8. A higher equivalence ratio (up to around 1.0) would
increase burning rates even further, but it would not necessarily
yield lower emissions of CO and UHC due to the dearth of
oxygen, which these species need in order to convert to CO,
and H,O. An equivalence ratio slightly less than stoichiometric
is usually regarded as optimal for minimum CO and UHC.

Good fuel—air mixing in the primary zone is essential for
low CO and UHC. When operating at the optimal equivalence
ratio of around 0.8, poor mixing could produce localized regions
in which the mixture strength is either too fuel-lean to provide
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Fig. 23 Effect of eliminating hot-side film cooling on CO

adequate burning rates or so fuel-rich that there is insufficient
O, to convert all the CO produced into CO,.

As mentioned eatlier, an effective means of reducing CO and
UHC is by using less liner wall-cooling air, especially in the
primary zone. Figure 23 shows the effect of replacing a conven-
tional film-cooled wall with a non-film-cooled wall in the pri-
mary zone of a Rolls-Royce Industrial RB211 low-emissions
combustor when operating at atmospheric pressure. CO is sig-
nificantly reduced (at 1850 K from 1500 ppm to 700 ppm)
while the lean blowout temperature is lowered by 110 K (Willis
et al,, 1993).

The development of new materials and methods of liner wall
construction, which allow the liner to operate at higher metal
temperatures, along with the development of new methods of
wall cooling, which require much less cooling air, such as effu-
sion and transpiration cooling, make a very direct and significant
contribution to the reduction of CO and UHC emissions.

Another method of reducing these emissions is by improved
fuel atomization. Figure 24 shows that improvements in atom-
ization quality, which enhance evaporation rates, yield apprecia-
ble reductions in CO, except at low equivalence ratios where
the influence of fuel drop size is less pronounced. This is be-
cause the increase in evaporation rates arising from reductions
in mean drop size offer little advantage at low equivalence
ratios where burning rates tend to be limited more by chemical
reaction rates than by evaporation rates. Figure 25 shows that,
in common with CO, UHC emissions are greatly reduced by
reductions in Sauter mean diameter (SMD). (Note the log scale
in this figure.)

The main effect of mean drop size on emissions stems from
its strong influence on the volume required for fuel evaporation.
At low power operation, where CO and UHC emissions attain
their highest concentrations, a significant proportion of the total
combustion volume V, is occupied in fuel evaporation. Conse-
quently, less volume is available for chemical reaction. Under
these conditions, any factor that influences evaporation rates,
such as fuel volatility and mean drop size, will have a direct
effect on the volume available for chemical reaction (V, — V,)
and, therefore, on the emissions of CO and UHC.

Smoke. The main factors governing smoke emissions are
combustor inlet air temperature, pressure, and fuel spray charac-
teristics. The influence of inlet air temperature is complex be-
cause an increase in this parameter serves to accelerate both the
soot-forming and the soot-burnout processes; the net result is
usually a reduction in smoke. Smoke problems are most severe
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Fig. 24 Influence of mean drop size on CO emissions

at high pressures. There are several reasons for this, most of
which derive from chemical effects. With liquid fuels there are
additional physical factors, which affect spray characteristics
and hence also the distribution of mixture strength in the soot-
forming regions of the flame.

One important consideration is that burning limits widen with
pressure. Thus, at high pressures soot is produced in regions
which, at lower pressures, would be too rich to burn. Increase
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Fig. 25 Influence of mean drop size on UHC emissions
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Fig. 26 Influence of mean drop size on smoke emissions

in pressure also accelerates chemical reaction rates, so that com-
bustion is initiated earlier and a larger proportion of the fuel is
burned in the fuel-rich regions adjacent to the spray.

In practice the elimination of exhaust smoke is basically a
matter of preventing the occurrence of fuel-rich pockets in the
flame. Injecting more air into the primary zone is always bene-
ficial, especially if accompanied by more thorough mixing. Un-
fortunately, this approach is somewhat limited in scope, owing
to the adverse effect of an increase in primary-zone air on
ignition and stability limits and on CO and UHC emissions at
idle.

The influence of mean drop size on smoke emissions derives
from the manner in which each individual droplet evaporates.
Conventional gas turbine fuels are generally multicomponent
mixtures of various petroleum compounds, each of which has
different physical and chemical properties. As evaporation pro-
ceeds, the composition of a multicomponent fuel drop changes
by a process of simple batch distillation. The more volatile
constituents of the fuel drop vaporize first and the concentration
of the higher-boiling fractions in the remaining liquid phase
increases.

During the droplet evaporation process the droplet receives
heat from the surrounding combustion gases. If the droplet is
small in diameter it is usually fully evaporated before any sig-
nificant temperature rise can occur. However, with droplets of
large diameter, the heat flowing radially inward during droplet
evaporation has sufficient time to raise the droplet temperature,
thereby promoting the formation of carbon and soot in the
“‘heavy ends’’ located at the center of the droplet.

The influence of fuel drop size on exhaust smoke has been
investigated by Rink and Lefebvre (1989a, b) using the tubular
combustor described above, supplied with a kerosine fuel. Their
results for a combustion pressure of 1.27 MPa (12.5 atm) are
shown in Fig. 26. This figure shows that particulates are dimin-
ished by reductions in mean drop size. For example, at the
highest equivalence ratios, reducing the mean drop size from
110 to 30 um effectively halves the particulate concentration.
The importance of atomization quality to soot formation and
smoke stems from the fact that, as the fuel spray approaches
the flame front, heat transmitted from the flame starts to evapo-
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rate the drops. The smallest droplets in the spray have time to
evaporate completely ahead of the flame front, and the resulting
fuel vapors then mix with the combustion air and burn in the
manner of a premixed flame. The largest drops in the spray do
not have time to evaporate fully and mix completely with air.
Instead, they burn in the mode of fuel-rich diffusion flames.
Clearly, any increase in mean drop size will increase the propor-
tion of large drops in the spray. This, in turn, will raise the
proportion of fuel burned in diffusion-type combustion, as op-
posed to premixed combustion.

It is important to bear in mind that soot formation is nearly
always the result of local fuel-rich combustion. In general, ex-
haust smoke decreases with mean drop size, but if improved
atomization leads to a reduction in spray penetration, as occurs
with all types of pressure atomizers, the smoke output may
actually increase. In fact, reduced spray penetration is one of
the main causes of smoke on high-pressure-ratio engines fitted
with dual-orifice atomizers.

Another adverse effect of an increase in pressure is to reduce
the cone angle of the fuel spray. This encourages soot formation,
partly by increasing the mean drop size, but mainly by raising
the mixture strength in the soot-forming zone.

The design of the fuel injector and, in particular, the degree
of premixing of fuel and air prior to combustion, have a very
large influence on whether or not a given combustor will pro-
duce significant amounts of smoke. The relatively low smoke
emissions from the vaporizer systems employed on some Rolls-
Royce engines is not due to prevaporization of the fuel but
rather to the premixing of fuel and air which occurs within the
vaporizer tubes.

Alleviating soot formation and smoke by fuel-air mixing is
only fully effective if sufficient air is used. This is well illus-
trated in Fig. 27 from Sturgess et al. (1993), which shows how
smoke was drastically reduced in a P&W JT9D-70 combustor
when operating at takeoff conditions by the addition of more
air through the fuel injector and air swirler. The injection of air
through these components is particularly effective in reducing
smoke because it all flows into the primary combustion zone,
which is usually deficient in oxygen and therefore has a high
tendency toward soot formation.

The advantage of airblast atomizers over dual-orifice pressure
atomizers in regard to smoke emissions is well established. The
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reason for this is not just better atomization, although this is
very significant at high combustion pressures where smoke lev-
els attain their highest values, but because the airblast atomiza-
tion process virtually guarantees good mixing of air and fuel
drops prior to combustion. The marked reduction in exhaust
smoke that can be achieved with airblast atomizers is illustrated
in Fig. 28, in which smoke levels are plotted against overall
combustor air/fuel ratio for a dual-orifice nozzle and a prefilm-
ing airblast atomizer at the same operating conditions. The air-
blast and dual-orifice atomizers exhibit opposite trends in regard
to the variation in smoke output with air/fuel ratio. This is
because the superior atomization and mixing performance of
the airblast atomizer ensures that burning is virtually complete
within the primary zone. Thus, any increase in overall air/fuel
ratio leads automatically to improved aeration of the combustion
process and hence to a decrease in smoke. In contrast, a decrease
in fuel flow through the pressure atomizer reduces the atomiza-
tion quality and raises the fuel concentration in the soot-forming
region just downstream of the nozzle.

From an emissions viewpoint, another important advantage
of the airblast atomizer is that atomization quality is high over
the entire operating range from idle to full power. With a dual-
orifice injector, owing to the interaction of the pilot and main
sprays, there is always a range of fuel flows, starting at the
point where the main fuel is first admitted, over which atomiza-
tion quality is poor. Since atomization quality has a direct bear-
ing on CO and HC emissions, it follows that the use of dual-
orifice atomizers must inevitably aggravate the emissions prob-
lem over a significant range of engine operation. With the
piloted-airblast injector, there is no physical interference be-
tween the pilot and main sprays and, because no fuel is intro-
duced into the airblast section until the air velocity through it
has attained its normal operating level, atomization quality is
high throughout the entire range of engine operation.

Oxides of Nitrogen. In any attempt to reduce NO,, the
prime goal must be to lower the reaction temperature. The sec-
ond objective should be to eliminate hot spots from the reaction
zone, as there is little point in achieving a satisfactorily low
average temperature if the reaction zone contains local regions
of high temperature in which the rate of NO, formation remains
high. Finally, the time available for the formation of NO, should
be kept to a minimum.

Practical approaches to low NO, in conventional combustors
include the addition of more air into the primary combustion
zone to lower the flame temperature, increase in liner pressure
drop to promote better mixing and thereby eliminate hot spots
from the combustion zone, and reduction in combustor resi-
dence time. Unfortunately, reductions in flame temperature and
residence time lead to increased output of both CO and UHC.
In fact, as a generalization, it can be stated that any change in
operating conditions or combustor configuration that reduces
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Fig. 28 Influence of fuel injector type on exhaust smoke
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NO, tends also to exacerbate the problems of CO and UHC,
and vice versa.

Design modifications for reducing pollutant emissions gener-
ally have an adverse effect on other performance parameters
such as ignition and altitude relight, lean blowout, and outlet
temperature distribution (pattern factor), as illustrated in Fig.
29 from Bayle-Labouré (1991). Thus, in the design of conven-
tional gas turbine combustors, the end result must inevitably be
a compromise of some kind in regard to both emissions and
other aspects of combustion performance.

The manner and extent to which oxides of nitrogen are influ-
enced by the sizes of the fuel droplets in the spray is very
dependent on equivalence ratio. This aspect was addressed in
the experimental studies carried out by Rink and Lefebvre
(1989a, b) using the continuous flow combustor referred to
above in which the mean drop size could be varied and con-
trolled independently of other operating variables. The data pre-
sented in Fig. 30 show that NO emissions increase with increase
in mean drop size, especially at low equivalence ratios. At
first sight this may seem surprising, because at high pressures
evaporation rates are so fast that even for the larger drops the
time required for their evaporation is small in comparison with
the total residence time of the combustion zone. However, an
increase in SMD means that a larger proportion of the total
number of fuel drops in the spray are capable of supporting
“‘envelope’’ flames. These envelope flames, which surround the
larger drops, burn in a diffusion mode at near-stoichiometric
fuel/air ratios, giving rise to many local regions of high temper-
ature in which NO, is formed in appreciable quantities. Reduc-
tion in mean drop size impedes the formation of envelope
flames, so that a larger proportion of the total combustion pro-
cess occurs in what is essentially a premixed mode, thereby
generating less NO,. Even if no envelope flames are present,
with increasing drop size a larger proportion of the fuel burns
in the fuel-rich regions created in the wakes of the moving
drops. Although in theory combustion can take place at any
equivalence ratio within the flammability limits, it tends to occur
preferentially at the stoichiometric value, i.e., at the maximum
temperature, thereby producing high levels of NO,. This hy-
pothesis serves to explain why NO, emissions increase with
SMD for lean mixtures. However, as the overall equivalence
ratio increases toward unity the local fuel/air ratio adjacent to
the fuel drops approaches the premixed value. According to this
hypothesis, mean drop size should have no influence on NO,
emissions for stoichiometric mixtures, and this is generally con-
firmed by the results shown in Fig. 30. This figure is important
because it demonstrates that even at low equivalence ratios
where the average combustion temperature is so low that only
negligible amounts of NO should, in theory, be formed, the
presence of fuel drops in the combustion zone must necessarily
give rise to conditions in which combustion can and does pro-
ceed at near-stoichiometric equivalence ratios regardless of the
average equivalence ratio in the combustion zone. This, of
course, is the rationale for the various types of lean, premix,
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prevaporize combustors whose success relies largely on the
elimination of all fuel drops from the combustion zone.

Water Injection. As NO, formation is exponentially de-
pendent on temperature, an obvious way of reducing NO, emis-
sions is by lowering the temperature of the combustion zone.
Additional air is effective, but can only be used sparingly be-
cause it raises the primary zone velocity, which has an adverse
effect on both ignition and stability performance. An alternative
approach is to introduce a heat sink, such as water or steam,
into the combustion zone. This is clearly unsuitable for aero-
engines but is a practical proposition for large stationary en-
gines, especially if large amounts of water or steam are avail-
able. In some cases the water or steam is injected directly into
the flame, either through a number of separate nozzles located
at the head end of the combustor or through holes that are
integrated into the fuel nozzle (Hilt and Waslo, 1984 ). Alterna-
tively, the water injection may take place upstream of the com-
bustor liner, usually into the air stream, which subsequently
flows into the combustion zone through the main air swirler.
This method ensures good atomization, because the smaller
droplets are carried by the air flow through the swirler into the
combustion zone, while the larger drops impinge on the switler
vanes where they form a thin liquid film, which is airblast
atomized as it flows over the downstream edge of the vane
(McKnight, 1978).

When steam is used to reduce NO, emissions, it may also be
injected directly into the combustion zone or into air, which
subsequently flows into the combustion zone. In some installa-
tions the steam is injected into the compressor discharge air.
This method is simple but inherently wasteful, because only
about 40 percent of the steam actually flows into the combustion
zone, This may be only a minor consideration if excess steam
is available (Hilt and Waslo, 1984).

The effectiveness of water and steam for reducing NO, has
been demonstrated by many workers. According to Hung
(1974) the relationship between NO, reduction and water/fuel
mass ratio, X, can be expressed as

wet NO,/dry NO, = exp — (0.2X* + 141X)  (8)

This relationship was found to apply to both liquid and gaseous
fuels. It shows, for example, that equal mass flow rates of water
and fuel (for which X = 1) yield an 80 percent reduction in
NO,. Very similar results were obtained for both gaseous and
liquid fuels by Claeys et al. (1993) on the General Electric
MS7001F gas turbine.

Equation (8) should not be regarded as having universal
application. For example, Wilkes (1980) has shown that water
injection is much less effective with fuels containing fuel-bound
nitrogen. The main effect of water addition is to reduce thermal
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Fig. 30 Influence of mean drop size on NO emissions
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NO, although it does also slightly reduce prompt NO. This
implies that water injection is most effective when combustion
takes place at high pressures and temperatures where thermal
NO, production is high, and is less effective at low pressures
and temperatures where a larger proportion of the total NO, is
formed via the prompt mechanism. The key point is that water
and/or steam injection always reduces NO,, but the extent of
the reduction depends on combustor operating conditions and
fuel type.

As steam is a less effective diluent than water, the reductions
in NO, achieved with steam injection tends to be less dramatic
than when water is used. For example, Hilt and Waslo (1984)
have reported NO, reductions of around 60 percent for a steam/
fuel mass ratio of unity on two GE industrial engines burning
natural gas.

Although both water and steam injection are very effective
in reducing NO, emissions, and have been used on stationary
engines that operate at near-constant load conditions since the
early 1970s, they do have a number of drawbacks. White et al.
(1982) have reported an increase in capital cost of 10 to 15
U.S. dollars per kW and an increase in fuel consumption of 2
to 3 percent. This additional fuel is needed to heat the water to
combustion temperature, although power output is enhanced
due to the additional mass flow through the turbine. The water
must be of high purity to prevent deposits and corrosion in the
hot sections downstream of the combustor. The treatment of
this water is expensive and requires a separate plant based on
reverse osmosis and de-ionization. Users’ experience with water
injection has shown a significant increase in inspection and
hardware maintenance. There are, therefore, practical limits to
the amount of water or steam that can be injected into the
combustor, The deterioration in combustion performance aris-
ing from water-steam injection is manifested as increases in the
levels of CO and UHC emissions and by increases in combustor
pressure oscillations. These oscillations can become amplified
by coupling with the combustion process, and cause deteriora-
tion of combustor hardware.

The drawbacks associated with water and steam injection
have encouraged the development of the so-called ‘‘dry low
NO,”’ combustors, i.e., combustors that can meet the emission
goals without having to resort to diluent injection.

Selective Catalytic Reduction (SCR). This is a method
for converting NO, in a gas turbine exhaust stream into molecu-
lar nitrogen and water vapor by injecting ammonia into the
stream in the presence of a catalyst. Exhaust gases first pass
through an oxidation catalyst and are then mixed with ammonia
before entering the SCR catalyst. The oxidation catalyst re-
moves the CO and UHC emissions by oxidizing them to CO,
and H;O. To reduce NO, emissions, ammonia is injected in a
manner designed to achieve intimate mixing with the exhaust
stream. After mixing, the exhaust gases pass over a base metal
catalyst which results in the selective reduction of NO, to form
N, and H,0. The principal reactions are

6NO + 4NH; — 5N, + 6H,0
6NO, + 8NH, — 7N; + 12H,0

SCR requires that the temperature of the exhaust stream be
within a fairly narrow range from 560 to 670 K, and so is
restricted to systems in which the exhaust gas flows into a heat
recovery device, usually a steam generator (Davis and Washam,
1989). A major problem with this method is the requirement
for a control system that feeds the requisite amount of ammonia,
and the need for a continuous monitoring system that can give
the feedback to the ammonia supply mechanism under differing
load conditions. Another problem is the size and weight of the
equipment. According to Davis and Washam, for an 83 MW
MS7000 gas turbine an SCR designed to remove 90 percent of
the NO, from the exhaust stream has a volume of 175 m® and
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weighs 111 tons. Despite these drawbacks, the method is quite
widely used.

Exhaust Gas Recirculation, It has been known for many
years that recirculation of cooled exhaust products into the inlet
of a gas turbine combustor would reduce the emissions of NO,.
The practical feasibility of this method of NO, reduction has
been investigated by Wilkes and Gerhold (1980) who found
that significant reductions (50 percent) could be achieved with
recirculation rates of 20 percent or less at baseload conditions.
The major thermal effect stems from the reduced concentration
of oxygen in the inlet air, but there is also a secondary effect
due to the higher heat capacity of this air with increased H,O
and CO, content.

The main advantage of the method is that little or no combus-
tor development is required and standard production combustors
can be used. Its main drawback lies in the need for an intercooler
between the exhaust and inlet. This virtually rules it out for
simple gas turbines, but application to combined cycle plants
offers more promise due to the substantially lower exhaust gas
temperatures. Another drawback is that only very clean fuels
can be used to avoid problems of fouling and contamination.

Pollutant Reduction by Control of Flame Tempera-
ture

From the foregoing discussion it is abundantly clear that the
main parameter governing pollutant emissions is the tempera-
ture of the combustion zone. With conventional combustors this
can range from 1000 K at low power operation to 2500 K at
high power operation, as indicated in Fig. 31. This figure also
shows that too much CO is formed at temperatures below
around 1670 K while excessive amounts of NO, are produced
at temperatures higher than around 1900 K. Only in the fairly
narrow band of temperatures between 1670 and 1900 K are the
levels of CO and NO, below 25 and 15 ppm, respectively.
The underlying principle of the various approaches toward low-
emission combustors described below is that of maintaining the
combustion zone (or zones) within a fairly narrow band of
temperatures over the entire power range of the engine.
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Variable Geometry. The notion of variable-geometry
combustors is by no means new. Long before the problems of
pollutant emissions were recognized, many different schemes
for incorporating variable geometry into gas turbine combustors
were considered, usually as a means for improving the altitude
relight performance of aircraft engines. These schemes seldom
came to fruition because designers, while appreciating the ad-
vantages to be gained, were reluctant to accept the mechanical
complexities involved. However, the opportunities it offers for
emissions reduction has resulted in a revival of interest in the
use of variable geometry, especially for nonaeronautical appli-
cations.

Many practical forms of variable-geometry combustors have
been designed. A fully variable system is one in which large
quantities of air are admitted at the upstream end of the combus-
tion liner at max power conditions to lower the primary-zone
temperature and provide adequate film-cooling air. As engine
power is reduced, an increasing proportion of this air is diverted
to the dilution zone to maintain the primary-zone temperature
within the low-emissions ‘‘window’’ shown in Fig. 31. Practical
ways of achieving this variation in airflow distribution include
the use of variable-area switlers to control the amount of air
flowing into the combustion zone; see, for example, Bayle-
Labouré (1991) and Micklow et al. (1993), variable air open-
ings into the dilution zone (Roberts et al., 1982; Sasaki et al.,
1991), or a combination of these.

The drawbacks to all forms of variable geometry systems
include complex control and feedback mechanisms, which tend
to increase cost and weight and reduce reliability. Problems of
achieving the desired temperature pattern in the combustor ef-
flux gases could also be encountered, especially if the liner
pressure drop is allowed to vary too much. The incentive for
surmounting these practical problems is that variable geometry
has the potential for reducing simultaneously all the main pollut-
ant species without sacrificing other aspects of combustion per-
formance. It also has several other advantages, for example, as
the combustion temperature is always maintained above a cer-
tain minimum value of around 1670 K, chemical reaction rates
are always relatively high. This enables the combustion zone
to be made smaller, with consequent advantages in terms of
reductions in combustor size and weight. For aircraft applica-
tions, variable geometry also has the potential for wide stability
limits and improved altitude relight performance.

To be fully effective, variable geometry combustors should
ideally be used in conjunction with premix-prevaporize fuel
injection systems. Only in this way is it possible to avoid the
local high-temperature, high-NO,-forming regions, created by
the presence of fuel droplets in the combustion zone.

Although variable geometry has been used in some large
industrial engines, there have been few successful applications
of this technique in small-to-medium size gas turbines due to
size and cost limitations and also because of concerns regarding
operational reliability (Aoyama and Mandai, 1984).

Staged Combustion. Variable-geometry combustors strive
to maintain the combustion temperature within fairly narrow
limits by switching air from one zone to another depending on
the engine power setting. With staged combustors the air flow
distribution does not change; instead the fuel flow is switched
from one zone to another in order to maintain a fairly constant
combustion temperature. One simple method of fuel staging is
by ‘‘selective fuel injection’” as described by Bahr (1987).
With this technique, which is sometimes called ‘‘circumferen-
tial staging,”’ fuel is supplied only to selected combinations of
fuel injectors at lightoff, relight, and engine idle conditions, as
illustrated in Fig. 32. Only at power settings above idle is the
full complement of fuel injectors employed. The objective of
this modulation technique is to raise the equivalence ratio and
hence also the temperature of the localized combustion zones
at low power operation. This approach, which is now in com-
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Fig. 32 lllustration of the use of selective fuel injection

mon use, not only reduces CO and UHC emissions but also has
the added advantage of extending the lean blowout limit to
lower equivalence ratios.

A major drawback of circumferential staging is that “*chill-
ing’’ of chemical reactions occurs at the edges of the individual
combustion zones. This chilling lowers the combustion effi-
ciency and increases the formation of CO and UHC. Further-
more, the circumferentially nonuniform exit temperature distri-
bution results in loss of turbine efficiency. These limitations
have led to the development of ‘‘staged’’ combustors in which
no attempt is made to achieve all the performance objectives
in a single combustion zone. Instead, two or more zones are
employed, each of which is designed specifically to optimize
certain aspects of combustion performance.

The principle of staged combustion is illustrated in Fig. 33.
Increase in overall combustor fuel/air ratio causes the combus-
tion zone temperature to rise. As this temperature approaches
a value above which NO, levels starts to become excessive,
fuel is diverted to a separate combustion zone. This approach
allows the combustor to operate over the entire power range
while keeping the combustion zone temperatures within the
low-emissions ‘‘window.”” A typical staged combustor has a
lightly loaded primary zone, which, at low power settings, oper-
ates at an equivalence ratio of around 0.8 to achieve high com-
bustion efficiency, low CO and UHC, and also provide the
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Fig. 33 Principle of staged combustion

desired temperature rise. At high power settings, it acts as a
pilot source of heat for the main combustion zone downstream
which is supplied with a fully premixed fuel-air mixture. For
full-load operation, both zones are supplied with fuel and the
equivalence ratio in both zones is kept low, around 0.6, to
minimize the emissions of nitric oxide and smoke.

An important choice for the designer is whether the staged
combustion should take place in ‘‘series’’ or in *‘parallel.’”’ The
latter approach, often called ‘‘radial staging,”’ features the use
of a dual-annular combustor, as illustrated in Fig. 34. One of
these combustors—usually the outer combustor—is designed
to operate lightly loaded and provides all the temperature rise
needed at startup, altitude relight, and engine idle conditions.
At idle the equivalence ratio of the combustion zone is selected
to minimize the emissions of CO and UHC. The other annular
combustor is designed specifically to optimize the combustion
process at high power settings. It features a small, highly loaded
combustion zone of short residence time and low equivalence
ratio to minimize the formation of NO, and smoke. :

The main advantage of radial staging is that it allows all the
combustion performance goals to be achieved, including low
emissions, within roughly the same overall length as a conven-
tional combustor. Another advantage of the dual-annular con-
cept employed in radial staging is that it provides a satisfactory
liner length/height ratio in both annuli within a short overall
length. This short-length feature is attractive from the stand-
points of low engine weight and reduced rotor dynamics prob-
lems (Bahr, 1987).
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Fig. 34 General Electric dual-annular combustor
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If the combustor domes of the inner and outer stages are
arranged to be radially in-line, this allows the fuel injector tips
for both stages to be mounted on a common feed arm, as shown
in Fig. 34. An important advantage of this arrangement is that
the main stage fuel injectors are cooled by the continuously
flowing pilot fuel, as illustrated in Fig. 35. This prevents coking
of the main stage nozzles when they are unfueled but still ex-
posed to the hot engine environment.

There are a number of drawbacks to radial staging. One basic
drawback is that all zones are supplied with air at the compres-
sor outlet temperature, which means that all zones have the
same relatively poor lean blowout limit. It is also clear that
pollutant reduction is achieved at the expense of increased de-
sign complexity and a marked increase in the number of fuel
injectors. The larger liner wall surface area demands additional
cooling air, which has an adverse effect on pattern factor. Fur-
thermore, the peaks of the radial temperature profile could shift
in radial position as a result of fuel staging, with potential
adverse effects on the hot sections downstream of the combus-
tor. Another basic problem with radial staging is that of achiev-
ing the desired performance goals at intermediate power settings
where both zones are operating well away from their optimum
design points.

The radially staged combustor shown in Fig. 34 was designed
by the General Electric company. It achieved around 35 percent
reductions in CO and UHC, and 45 percent reduction in NO,
in comparison with the corresponding single-annular combus-
tor. The U.S. Federal Aviation Administration (FAA) and the
French Direction Generale de I’ Aviation (DGAC) have jointly
certified the CFM56-5B engine with the dual-annular combus-
tor, thereby paving the way for the first flight and certification
on Airbus Industrie A320 and A321 aircraft in 1995,

With *‘series’” or ‘‘axial’’ fuel staging, a portion of the fuel
is injected into a fairly conventional primary combustion zone.
Additional fuel, usually premixed with air, is injected down-
stream into a ‘‘secondary’’ or ‘‘main’’ combustion zone, which
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Fig. 36 Pratt and Whitney axially staged combustor

operates at low equivalence ratios to minimize the formation
of NO, and smoke. The primary combustion zone is used on
engine startup and generates the temperature rise needed to raise
the rotational speed up to engine idle conditions. At higher
power settings, fuel is supplied to the secondary combustion
zone and, as the engine power rises towards its maximum value,
the function of the primary zone becomes increasingly one of
providing the heat needed to initiate rapid combustion of the
fuel supplied to the second stage.

Axial staging does have certain advantages over radial stag-
ing. Since the main stage is downstream of the pilot stage,
ignition of the main stage directly from the pilot is both rapid
and reliable. Also, the hot gas flow from the pilot into the main
combustion zone ensures high combustion efficiency from the
main stage, even at low equivalence ratios. According to Segal-
man et al. (1993), the radial temperature profile at the combus-
tor exit can be developed to a satisfactory level using conven-
tional dilution hole trimming and, once developed, does not
change significantly as a result of fuel staging.

The main drawback to axial staging is that the in-line arrange-
ment of stages tends to create additional length, which makes
the problem of retrofit difficult for some engines. In comparison
with conventional combustors, the liner surface area that needs
to be cooled is higher. The fuel injectors for the two combustion
stages require separate feed arms, which involve two separate
penetrations of the combustor casing Furthermore, the pilot
fuel cannot be used to cool the main stage fuel as can be done
quite conveniently with radial staging.

Figure 36 shows a cross-sectional view of an axially staged
combustor developed by the Pratt and Whitney company (Koff,
1993). For clarity, the main stage fuel injectors are shown
rotated half an injector pitch to be in line with the pilot stage
injectors. The engine centerline is at the bottom of the figure.
This combustor has the benefits of the axially in-line stage
arrangement without any length penalty and is designed to fit
into the existing P&W B2500-AS engine.

The pilot combustion zone is designed specifically to provide
wide stability limits and high combustion efficiency (low CO
and UHC). With increase in engine power above idle, fuel is
admitted to the main combustion zone where combustion is
initiated and sustained by the hot gas emanating from the pilot
zone. The relative amounts of fuel supplied to the pilot and
main zones is such that no thrust lag is created when fuel is
first introduced into the main zone. In combination, the pilot
and main zones maintain a low equivalence ratio, which ensures
low NO, emissions at higher power settings.

Of special interest in Fig. 36 is the inboard location of the
pilot combustion zone. This greatly reduces the susceptibility
to flame blowout in heavy rain since the compressor centrifuges
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the water to the outer portion of the air flow path. Another
advantage of having the main zone outside of the pilot is that
the radial temperature profile at the combustor outlet peaks
toward the outer radius of the turbine flowpath, a situation that
is conducive to long turbine biade life.

In the longer term it is possible that staging of the air flow by
variable geometry in conjunction with fuel staging may become
more of a design option.

Dry Low NO, Combustors

The term ‘‘dry’’ is used to indicate that the combustor in
question is capable of achieving low pollutant emissions, in
particular low NO,, without having to resort to the injection of
water or steam. Solar Turbines Inc. in San Diego has been
among the pioneers in the development of dry low-emissions
combustors for industrial gas turbines, and the results of their
efforts have appeared in a number of publications, for exampie,
White et al. (1982), Roberts et al. (1982), Smith et al. (1986,
1991), Smith and Cowell (1989), and Etheridge (1994).

Most of the low-NO, combustors developed by Solar fall into
the lean premix family of combustors. Figure 37 shows a cross-
sectional view of a fuel injector designed for combustors sup-
plied with natural gas. An 18-vane radial flow swirler is used
to impart a high degree of rotation to the combustor primary
air, which serves both to promote fuel—air mixing and to induce
a recirculatory flow in the primary zone. The fuel injector/air
swirler assembly permits three different modes of fuel injection,
as indicated in Fig. 37. Best mixing is achieved by injecting
the gaseous fuel through 18 spokes, each spoke being located
between a pair of swirl vanes. As each spoke contains six holes
of 0.89 mm diameter, the total number of injection points is 108.
Combustion tests have been carried out with the fuel injector
assembly attached to a cylindrical combustion liner, 200 mm
in diameter and 450 mm long. According to Smith et al. (1986),
these tests showed that the concept is capable of achieving
NO, emissions below 10 ppm when burning natural gas, with
simultaneous low values of CO and UHC emissions.

The manner in which the fuel-injection system described
above was adapted for liquid fuels by Smith and Cowell (1989)
is shown in Fig. 38. The fuel injector/air swirler assembly was
designed to permit three different modes of liquid fuel injection.
The mode designated as ‘‘inner filming’’ in Fig. 38 involves
filming of the fuel on the cylindrical swirler centerbody. Fuel
is delivered to the outer surface of the centerbody through eight
holes located around the centerbody circumference. This fuel
is intended to form a film, which is carried downstream to the
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Fig. 37 Solar low-NO, fuel injector for natural gas
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primary combustion zone by the swirling primary air flow. The
fuel vaporizes and mixes with air as the film progresses along
the centerbody. The inner air assist/airblast air exits through
an annular gap just inside the centerbody lip. Its function is to
break up any remaining fuel film as it flows off the centerbody
and into the primary zone.

The outer filming mode involves film formation on the outer
cylindrical surface of the air swirler channel. Fuel is delivered
to the filming surface in a manner identical to that used for
inner filming. Provision is also made for air blasting the outer
fuel film at the exit of the swirler channel. Flow visualization
tests showed that a pressure drop of at least 3 percent is needed
to achieve satisfactory filming of the fuel. At lower pressure
drops, the liquid film is not sustained over the length of the
injector, but tends to form rivulets that swirl to the bottom of
the injector and travel as a thick stream to the end of the injector.

Evaluation of the combustor performance demonstrated that
the lowest NO, emissions were obtained with either total inner
fueling or combined inner and outer filming. The combustor
yielded around 12 ppm NO, at 6 atm and 20 ppm at 9 atm. CO
was always below 50 ppm. In common with most well-mixed
systems, low concentrations of both CO and NO, were attain-
able only over a fairly narrow range of operating conditions.

Potential improvements for this fuel prefilming combustor
include increasing the number of fuel injection holes used to
deliver fuel to the filming surface to aid in the formation of a
more uniform film, and lengthening the injector centerbody to
allow a longer time for fuel evaporation and mixing.

To produce a dry low-emissions combustor for an industrial
version of the Rolls Royce RB 211 engine, the annular aero-
combustor has been replaced by nine radially positioned reverse
flow combustors, as shown in Figs. 39 and 40 (Willis et al.,
1993). This arrangement results in an 80 percent increase in
combustion volume. The primary zone is fed by two radial air
swirlers. Each swirl passageway has a number of gaseous fuel
injection points. Contrarotating swirlers were selected to mini-
mize the length of the recirculation zone and maximize mixing
of fuel and air. The outlet of the primary zone is restricted to
accelerate the flow and thereby limit the recirculation zone
length and prevent the secondary efflux from becoming en-
trained into the primary zone. The secondary mixing duct is
wrapped around the primary combustor but is separated from
it by another annular duct, which provides the wall-cooling
air. Gaseous fuel is injected into the secondary duct from 36
equispaced axial spray bars, each containing six injection holes.
This fuel bar arrangement was determined by trajectory calcula-
tions and an air velocity profile predicted by a CFD code. Fuel
sampling and combustion tests showed that the resulting fuel-
air mixture is uniform to within 4 percent. This mixture is
discharged into the secondary zone at an angle that was selected
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Fig. 39 Rolls-Royce Industrial RB 211 DLE 04 module

to achieve the required level of mixing between the primary
efflux and the secondary fuel—air mixture. Combustion testing
carried out over a range of pressures from 1 to 20 atm has
demonstrated the ability of this axially staged combustor to
achieve simultaneously low NO, and low CO over wide ranges
of power and ambient temperature without resorting to either
variable geometry or air bleeds. It was also demonstrated that
a uniform fuel distribution prior to combustion is essential for
achieving low emissions, especially at high pressures. Based on
the test data obtained so far, at full baseload conditions the
predicted engine emissions are 17.4 ppm NO,, 5 ppm CO, and
zero UHC.

An interesting feature of this combustor is that the level of
NO, emitted when the primary only is burning is reduced by a
half when the secondary is ignited, and only when the tempera-
ture of the secondary zone approaches that of the primary does
the total NO, exceed the primary-only value.
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Fig. 40 Rolis-Royce dry low-emissions premix, lean-burn combustor
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Fig. 41 General Electric LM6000 dry low-NO, combustor

Figure 41 gives a cross-sectional view of General Electric’s
new LM6000 dry low-emissions combustor, as described by
Leonard and Stegmaier (1994 ). This premix combustor requires
about twice the volume of the conventional annular combustor
it replaces in order to reduce the emissions of CO and UHC.
Part of the air used in combustion, which at maximum power
is around 80 percent of the total combustor airflow, flows into
the combustion zone through three annular rings of premixers,
as shown in Fig. 41. The two outer rings each have 30 fuel-
air premixers while the inner ring has 15. This arrangement of
premixers facilitates fuel staging at part-load operation. The
total of 75 fuel nozzles is formed by having 15 stems with 3
premixers on each stem, as shown in Fig. 42. Each stem incorpo-
rates three separate fuel circuits for independently fueling the
three premixers.

A short annular liner was selected to minimize the amount
of air needed for wall cooling. Only backside cooling is used,
so a thermal barrier coating is applied to both the liner and in

Mi1—t(G

Fig. 42 Fuel nozzle assembly for LM6000 dry low-NO, combustor
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Fig. 43 Cross-sectional views of three mixer designs

the dome area to keep the metal temperatures within acceptable
limits. The use of a multipass diffuser also permits further re-
duction in overall combustor length. Of special interest and
importance to the attainment of low emissions is the design of
the premixers. Figure 43 shows cross-sectional views of three
different mixer designs that were subjected to combustion test-
ing. The Double Annular Counter Rotating Swirler (DACRS)
was conceived to satisfy the restraints of autoignition, flashback
and size. Its exit velocity is determined by the need to greatly
exceed the turbulent flame speed of gaseous fuel—air mixtures.
The duct diameter is reduced at the exit in order to create an
accelerating flow and thereby prevent flashback. The conical
centerbody located along the centerline of the premixer can be
used to supply liquid fuel to an atomizer at its tip, and gas
passages for diffusion burning at low power conditions (Joshi
et al,, 1994).

The design objective with this type of mixing device is to
produce a completely homogeneous mixture of fuel and air at
the premixer exit. As the total area of the fuel injection holes
is fixed by the flow rate and the available fuel injection pressure,
the design procedure is essentially one of finding the best com-
promise between the desire for a large number of fuel injection
points and the equally important requirement of large injection
holes to allow the fuel jets to penetrate across the air stream.

In the premixer design designated as DACRS I in Fig. 43(a),
the fuel is injected into the air stream radially outward from
holes in the centerbody just downstream of the swirl vanes.
This configuration gave low NO, at some test conditions but
not at others. This was attributed to unsatisfactory fuel jet pene-
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tration, so a modification was made by adding eight radial
spokes in the location of the holes in the centerbody, as shown
in Fig. 43(5). Each spoke has three holes to inject gaseous fuel
perpendicular to the flowing air stream. Combustion testing of
this DACRS II mixer showed that single-digit NO, emissions
are attainable with this concept. A further modification to the
premixer designs described above was made by incorporating
fuel injection holes into the swirl vanes of the outer swirler, as
illustrated in Fig. 43(c). In this DACRS III configuration, the
fuel is injected through three holes in the trailing edge of each
outer swirl vane and one hole in the outer wall of the mixing
duct in between each swirl vane. Fuel is fed to the hollow outer
vanes through a manifold on the outside of the premixing duct.
The NO, emissions obtained with the DACRS III mixer were
very similar to the DACRS II design.

A big advantage of this type of premixer module is that,
once developed, it has broad applications in a wide range of
combustor sizes. The basic module remains the same regardless
of combustor size; only the number varies. According to Joshi
et al., the DACRS II and DACRS III mixers could be applied
to a range of GE engines, including the LM1600, LM2500, and
L.M6000, since single-digit NO, emissions have been attained
with both these mixers at test conditions encompassing the op-
erating regions of these engines.

The ABB company has developed a Conical Premix Burner
module, called the EV-burner, which also appears to have good
potential for a wide range of dry low-emissions combustion
applications. A cross-sectional view to illustrate the operating
principles of the burner is given in Fig. 44 from Sattelmayer et
al. (1992). A unique feature of this burner is the flame stabiliza-
tion in free space near the burner outlet, which utilizes the
sudden breakdown of a swirling flow. The swirler consists of
two halves of a cone, which are shifted to form two air inlet
slots of constant width. The device is claimed to be equally
satisfactory for both gaseous and liquid fuels. Gaseous fuels are
injected into the combustion air by means of two fuel distribu-
tion tubes comprising two rows of small holes, which are lo-
cated parallel to the inlet parts of the swirler. Fairly complete
mixing of fuel and air is obtained shortly after injection. Liquid
fuels are injected at the apex of the cone using a pressure or
air-assist type of atomizer. Fuel evaporation and mixing of fuel
vapor with air is accomplished within the burner and upstream
of the recirculation zone. In contrast to most LPP designs, no
diffusion or pilot stage is needed to improve the stability of the
premix flame. Also, because the combustion zone is displaced
from the burner walls, the heat transfer to the burner section is
minimized.

In February 1991 an ABB GT11N gas turbine was retrofitted
with a new silo combustor of the type shown in Fig. 45. This
silo combustor is equipped with 37 EV burners, all of which
operate in a pure premix mode. For part-load operation, fuel is
supplied to only a fraction of the total number of burners. At
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Fig. 44 Operating principle of ABB conical premix burner
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the baseload conditions of 12.5 bar and T, = 643 K, NO,
values of 13 ppm were measured (Aigner and Muller, 1993).

The EV-burner technology has also been applied to the design
of an annular combustor for the heavy duty ABB GT13E2 gas
turbine (Senior et al., 1993). This is a single shaft industrial
engine in the large size range (>150 MW). The EV burners
have a double offset row arrangement within the annular com-
bustor. As the power setting is reduced, the overall equivalence
ratio eventually becomes too low to allow lean premix operation
in all burners. The technique used to overcome this problem is
to maintain some burners at a stable equivalence ratio while
others run leaner but are stabilized by the first burner group.
Combustion tests carried out at atmospheric pressure on a
scaled-down combustor have shown that the presence of these
‘‘cold’’ burners has no significant effect on combustor pattern
factor. These tests also indicated very low values of CO, UHC,
and NO,, in agreement with previous experience of EV burners.

The strict NO, regulations in Japan have promoted several
recent developments in dry low-NO, combustion. During the
past 5 years, Kawasaki Heavy Industries Ltd., a manufacturer
of small-to-medium size gas turbines, has been developing a
dry low-NO, combustor burning natural gas for application to
a 1.5 MW gas turbine. The tubular combustor employs a combi-
nation of lean premixed combustion and fuel staging (multiple
fuel injectors). The pilot nozzle is a conventional multi-orifice
type, which supplies up to 5 percent of the total fuel. The eight
main nozzles are subdivided into four groups, with two in each
group. At full load all eight nozzles are flowing. With gradual
reduction in load, successive groups of nozzles are shut off,
until at idle only the pilot nozzle and one group of main nozzles
are supplied with fuel. This combustor has demonstrated a maxi-
mum NO, level of 42 ppm and work is in progress to reduce
this to 20 ppm (Kajita et al., 1993).

Nakata et al. (1992) have designed an RQL combustor to
burn a coal-gasified fuel having a calorific value of only one
tenth that of natural gas. Its main combustible component is
carbon monoxide, but it also contains appreciable concentra-
tions of ammonia, which is converted into NO, during the com-
bustion process. Even so, this combustor achieved an NO, level
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Fig. 46 Schematic cross-section of venturi mixer for the ALEC combus-
tor

of 60 ppm when burning the standard fuel containing 1000 ppm
of ammonia.

The Japan Automobile Research Institute is collaborating
with the Toyota Central Research and Development Laboratory
in the development of a low-emissions combustor for a 100
kW automotive ceramic gas turbine (Kumakura et al., 1994).
Studies are being carried out in a premix-prevaporize tube op-
erating both at atmospheric pressure and on the engine at high
pressures to provide quantitative data on the influence of fuel
drop size and fuel distribution on the degree of vaporization
achieved (Ohkubo et al., 1994},

Other dry low-NO, combustor concepts for small gas turbines
include the Annular Low-Emission Combustor (ALEC), which
is being developed in several forms by Gasunie Research in the
Netherlands (Bahlmann and Visser, 1994). It is basically a
lean-premix combustor in which mixing of gaseous fuel and air
is accomplished using a venturi premixer, as illustrated in Fig.
46. The venturi extends inwardly (tangentially) into the annular
combustion liner and is double-walled and air-cooled. To avoid
combustion within the venturi mixers, the diameter of the ven-
turi outlet is such that the average flow velocity at exit is 30
nv/s. The diffuser angle of the venturi is set at 5.5 deg. Prelimi-
nary tests with a 7 deg angled venturi resulted in flow separation
and combustion inside the venturi. The ALEC concept has dem-
onstrated very low NO, levels (<10 ppm) along with satisfac-
tory CO levels (<50 ppm).

Lean Premix Prevaporize Combustion

As the turbine inlet temperatures of many gas turbines are
well below the temperatures needed to produce NO, in signifi-
cant quantities, it should, in principle, be possible to achieve
low levels of NO, without any sacrifice of cycle efficiency. In
practice, the requirements of flame stability and high heat re-
lease rates usually demand flame zones in which the gas temper-
ature is appreciably higher than the turbine inlet temperature.
Conventional combustors typically inject fuel directly into the
primary combustion zone with little or no premixing with air.
Consequently, combustion takes place in local regions at near-
stoichiometric temperatures with consequent high rates of NO,
formation.

A common feature of all the dry low-NO, combustors de-
scribed above is that positive efforts are made to eliminate these
local regions of high temperature by mixing the fuel and air
upstream of the combustion zone. The lean, premix, prevaporize
(LPP) concept represents the ultimate in this regard. Its underly-
ing principle is to supply the combustion zone with a completely
homogeneous mixture of fuel and air, and then to operate the
combustion zone at an equivalence ratio which is very close to
the lean blowout limit. The smaller the margin between stable
combustion and flame blowout, the lower will be the output
of NO..

A typical LPP combustor can be divided into three main
regions. The first region is for fuel injection, fuel vaporization,
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and fuel-air mixing. Its function is to achieve complete evapo-
ration and complete mixing of fuel and air prior to combustion.
By eliminating droplet combustion and supplying the combus-
tion zone with a homogeneous mixture of low equivalence ratio,
the combustion process proceeds at a uniformly low temperature
and very little NO, is formed. In the second region the flame
is stabilized by the creation of one or more recirculation zones.
Combustion is completed in this region and the resulting prod-
ucts then flow into region three, which may comprise a fairly
conventional dilution zone.

A useful byproduct of LPP combustion is that it is essentially
free from carbon formation, especially when gaseous fuels are
used, in which case the description ‘‘lean premixed combustor’’
is more appropriate. The absence of carbon not only eliminates
soot emissions but also greatly reduces the amount of heat
transferred to the liner walls by radiation, thereby reducing the
amount of air needed for liner wall cooling. This is an important
consideration because it means that more air is made available
for lowering the temperature of the combustion zone and im-
proving the combustor pattern factor.

Another important advantage of LPP systems is that for
flames in which the temperature nowhere exceeds 1900 K the
amount of NO, formed does not increase with increase in resi-
dence time (Anderson, 1975; Leonard and Stegmaier, 1994).
This means that LPP systems can be designed with long resi-
dence times to achieve low CO and UHC, while maintaining
low NO, levels. This finding is especially significant for indus-
trial engines, where size is less important than for aero-engines.
According to Leonard and Stegmaier, this approach leads to an
LPP combustor volume that is approximately twice that of a
conventional combustor.

The main drawback to the LPP concept is that the long time
required for fuel evaporation and fuel—air premixing upstream
of the combustion zone may result in the occurrence of autoigni-
tion or flashback at the high inlet air temperatures associated
with operation at high power settings. Another drawback is that
some form of piloting device may be needed to facilitate ignition
and sustain combustion at arduous operating conditions. Also,
the airflow rate needed for lean combustion during high-power
operation may result in flame blowout at low power conditions.
To alleviate this problem, which is endemic to the LPP combus-
tor due to its need to operate close to the lean biowout limit,
some form of fuel staging or variable geometry is usually re-
quired.

Another problem associated with all well-mixed combustion
systems is that of acoustic resonance, which occurs when the
combustion process becomes coupled with the acoustics of the
combustor. This phenomenon has been encountered many times
in the past and is often manifested merely as noise, but in severe
cases it creates mechanical vibrations, which may cause damage
to engine components. Improvements in fuel—air mixing always
encourage the onset of combustion noise. This problem is there-
fore of great importance to the future development of lean pre-
mixed combustors.

In summary, lean premix prevaporize combustion has consid-
erable potential for ultralow-NO, emissions. Several workers
have reported NO, levels below 10 ppm, even with flame tem-
peratures higher than 2000 K (Poeschl et al., 1994). However,
many formidable problems remain, the principal being that of
achieving complete evaporation of the fuel and thorough mixing
of fuel and air within the autoignition delay time and without
risk of acoustic resonance or flashback.

Droplet and Spray Evaporation. The evaporation of
drops in a spray involves simultaneous heat and mass transfer
processes in which the heat for evaporation is transferred to the
drop surface by conduction and convection from the sur-
rounding air or gas, and vapor is transferred by convection and
diffusion back into the gas stream. The overall rate of evapora-
tion depends on the pressure, temperature, and transport proper-
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ties of the gas; the temperature, volatility, and diameter of the
drops in the spray; and the velocity of the drops relative to that
of the surrounding gas.

If a single-component fuel drop is suddenly immersed in gas
at high temperature, initially almost all of the heat supplied to
the drop serves to raise its temperature. As the fuel temperature
rises, fuel vapor is formed at the drop surface and part of the
heat transferred to the drop is used to furnish the heat of vapor-
ization of the fuel. Eventually, a stage is reached where all of
the heat transferred to the drop is used as heat of vaporization
and the drop stabilizes at its ‘‘wet-bulb’’ or ‘‘steady-state’’
temperature. Thus the total drop evaporation time can be subdi-
vided into two main components, one for the heat-up period
and another for the steady-state phase.

During the steady-state phase, evaporation rates are relatively
high, but during the initial heat-up period much of the heat
transferred to the drop is absorbed in heating it up, so the amount
of heat available for fuel vaporization is correspondingly less.
This lower rate of vaporization, when considered in conjunction
with the significant proportion of the total drop lifetime occu-
pied by the heat-up period, especially at high pressures, means
that overall evaporation rates can be appreciably lower than the
experimental values quoted in the literature, most of which were
measured during steady-state evaporation at normal atmo-
spheric pressure.

In most continuous flow combustors, the fuel is sprayed into
air or gas flowing at high velocity. Where relative motion exists
between the droplets and the surrounding gas, the rate of evapo-
ration is enhanced. The effect of convection on evaporation
rates can be accommodated by applying a correction factor to
the evaporation rate calculated for quiescent conditions. Where
heat transfer rates are controlling, the correction factor is

1 +0.22 Re¥’

where Rep, the drop Reynolds number, is typically around 5.

From a practical viewpoint it would be very convenient if
the effect of the heat-up period could be combined with that of
forced convection in a manner that would allow an ‘‘effective’’
value of evaporation constant to be assigned to any given fuel
at any stipulated conditions of ambient pressure, temperature,
velocity, and drop size. To accomplish this, Chin and Lefebvre
(1982) defined an effective evaporation constant as

)\eff = Dz/te (9)
where ¢, is the total time required to evaporate the fuel drop,
including both convective and transient heat-up effects, and D,
is the initial drop diameter.

Calculated values of A\ for an ambient air pressure of 100
kPa are plotted in Fig. 47. Similar plots for higher levels of
pressure may be found in Chin and Lefebvre (1982). Figure
47 shows plots of A versus T,,, the normal boiling point, for
various values of UD, at three levels of ambient temperature,
namely, 500, 1200, and 2000 K. While recognizing that no
single fuel property can fully describe the evaporation character-
istics of any given fuel, the normal boiling point, T},, has much
to commend it for this purpose, because it is directly related to
fuel volatility and vapor pressure. It also has the virtue of being
quoted in fuel specifications. Figure 47 shows that A increases
with increases in ambient temperature, pressure, velocity, and
drop size and diminishes with increase in normal boiling tem-
perature.

The concept of an effective value of evaporation constant
considerably simplifies calculations of the evaporation charac-
teristics of fuel drops. For example, for any given conditions
of pressure, temperature, and relative velocity, the lifetime of
a fuel drop of any given size is obtained from Eq. (9) as

t, = D3/ ere (10)
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while the average rate of fuel evaporation is readily determined
as

mg = (7/6) ppheee D (11)

The velocity term U in Fig. 47 is the relative velocity between
the drop and the surrounding gas. However, small droplets rap-
idly attain the same velocity as the surrounding gas, after which
they are susceptible only to the fluctuating component of veloc-
ity, u'. Thus for gas turbine combustors, where the value of u'
is usually high enough to affect evaporation rates, U in Fig. 47
should be replaced with u’.

For sprays, the average rate of fuel evaporation is obtained
as

mp = pA)\efqu/Dg (12)

where p, is the air or gas density, V is the spray volume, ¢ is
the fuel/air ratio by mass, and D, is the Sauter mean diameter
of the droplets in the spray.

Equation (12) may be used to calculate average rates of
fuel spray evaporation, while Eq. (10) gives the length of duct
required for complete evaporation if the spray is injected into
a ducted air stream. The drop diameter selected for insertion
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into Eq. (10) should, of course, be that of the largest drop in
the spray.

In a number of recent publications, Chin (1994, 1995a, b)
has developed and extended the A concept to include several
phenomena of practical importance, including the secondary
breakup of droplets as well as real gases, near-critical tempera-
ture, and multicomponent fuel effects. Recent advances in the
modeling of droplet vaporization have been reviewed by Peng
and Aggarwal (1995). Their review also includes the methodol-
ogies currently available for representing droplet motion and
vaporization history in two-phase flow computations.

Mixing. The attainment of perfect mixture homogeneity
prior to combustion is of paramount importance to the success
of most types of low-emissions combustors. The influence of
mixture inhomogeneity on NO, formation has been examined
by several workers, both theoretically and experimentally. Ap-
pleton and Heywood (1973 ) employed a burner in which kero-
sine fuel was injected using an air-assist atomizer, which al-
lowed the degree of fuel—air mixing to be varied by changing
the atomizing air pressure. For low equivalence ratios, they
found that NO, emissions decreased by a factor of ten as a
result of better fuel—air mixing. In a similar study by Semerjian
et al. (1979) it was found that poorer fuel-air mixing resulted
in increased NO, emissions for overall fuel-lean flames. Lyons
(1981) used a multipoint fuel injector spraying Jet A fuel to
achieve different equivalence ratio profiles across the diameter
of the flametube. The results showed that spatial nonuniformity
in equivalence ratio resulted in increased NO, emissions for
equivalence ratios below 0.7 and decreased NO, emissions for
near-stoichiometric mixtures.

Flanagan et al. (1992) used a simple mixing tube fitted with
a bluff-body flameholder at its exit. By changing the location
of the natural gas fuel injector along the length of the tube, the
degree of fuel-air mixing in the mixture approaching the stabi-
lizer could be varied. When the system was operating at an
equivalence ratio of 0.66, a nearly fivefold increase in NO,
emissions was recorded when going from well-mixed to incom-
pletely mixed conditions.

Fric (1992) used an experimental apparatus very similar to
that employed by Flanagan et al. to examine the NO, emissions
produced when burning natural gas fuels at normal atmospheric
pressure. He found that temporal fluctuations in equivalence
ratio can also raise NO, emissions, in addition to spatial nonuni-
formities. For example, temporal fluctuations of 10 percent re-
sulted in a doubling of NO, emissions.

Leonard and Stegmaier (1994) used a gas-fired GE LM6000
combustor to examine the effects of premixing on NO, forma-
tion. The results obtained are given in Fig. 48, which shows
NO, as a function of average flame temperature for various
degrees of premixing. Nonuniformities are the result of fluctua-
tions in time as well as variations in space. Figure 48 gives data
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for a nearly perfect premixer, a well-designed premixer, and
a nonoptimized premixer. It clearly illustrates the tremendous
advantage to be gained from thorough mixing of air and fuel.
These workers also noted that the amount of NO, formed in a
nonoptimized premixer increased with increasing pressure.
They attributed this result to the fact that reactions taking place
in the hot spots (>2000 K) of poorly premixed flames are
pressure dependent.

The only exception to the general rule that better premixing
yields less NO, are the results obtained by Santavicca et al.
(1993). These workers examined the effects of incomplete
fuel—-air mixing on the lean blowout limits and emissions char-
acteristics of an LPP coaxial mixing tube combustor. A fluores-
cence technique was used to determine the degree of fuel vapor-
ization and mixing at the combustor inlet. Contrary to what was
expected, it was found that an improvement in fuel-air mixing
resulted in comparable NO, emissions for the same conditions
of inlet temperature and equivalence ratio. Although the better
mixed device demonstrated lower NO, emissions, this was at-
tributed to its ability to operate at lower equivalence ratios.

The formidable problems involved in trying to attain com-
plete homogeneity in the fuel -air mixture entering the combus-
tion zone have prompted studies into the use of mechanical
mixers as a means of achieving the desired degree of fuel—air
mixing. Static mixers are well known and widely used in pro-
cess engineering for mixing of both gases and ligquids, but as
yet they appear to have evoked little interest for combustion
applications. Poeschl et al. (1994) examined the mixing capabil-
ity of a commercially available static mixer after a series of
tests using pressure, airblast, air-assist, and multipoint injectors
had failed to provide the right degree of homogeneity. All these
injection devices had either failed to mix fuel vapor with the
air flowing near the duct wall or had deposited liquid fuel on
the wall. Tests with the static mixer yielded excellent homoge-
neity, with a standard deviation of lower than 5 percent for a
2 percent pressure loss. This high degree of homogeneity in the
combustible mixture is very desirable, not only from an emis-
sions standpoint, but also because it greatly reduces the possibil-
ity of spontaneous ignition. Fuel-lean mixtures tend to have
long autoignition delays, but if imperfections in mixing result
in local regions in which the equivalence ratio is higher than
the average value, the ignition delay time could be greatly re-
duced. Thus a high degree of mixture homogeneity is essential,
not only for the attainment of low NO, emissions, but also to
alleviate the problems of autoignition and flashback. Flashback
is unlikely to occur with static mixers if the velocity through
the mixer is kept high (>20 m/s). Also, by flattening the veloc-
ity profile, the mixer eliminates the boundary layer along which
flashback is most prone to occur.

According to Valk (1994 ) the static mixer system has good
potential for engines of modest compression ratio, but more
work is needed to reduce length, residence time, and pressure
loss, while maintaining good mixing performance.

Spontaneous Ignition. Spontaneous ignition, or autoigni-
tion, is a process whereby a combustible mixture undergoes
chemical reaction, leading to the rapid evolution of heat in the
absence of any concentrated source of ignition such as a flame
or spark. In the LPP combustor and other types of low-emission
combustors in which fuel and air are premixed prior to combus-
tion, spontaneous ignition must be avoided at all costs since it
could damage combustor components and produce unacceptably
high levels of pollutant emissions.

Spontaneous ignition delay may be defined as the time inter-
val between the creation of a combustible mixture, say by in-
jecting fuel into a flowing air stream at high temperature, and
the onset of flame. In view of their practical importance, mea-
surements of spontaneous ignition delay time have been con-
ducted for many fuels over wide ranges of ambient conditions
and in a variety of test vehicles, including constant-volume
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bombs, rapid-compression machines, shock tubes, and continu-
ous-flow devices. The test methods employed and the results
obtained are described in reviews by Mullins (1955), Spadac-
cini and Te Velde (1980) and, more recently, by Goodger and
Eissa (1987) and Lundberg (1994).

Ignition delay times are frequently correlated using empirical
equations of the form

T=A-P " exp(B/T) (13)

where the values of A and B are determined by experiment. A is
a proportionality constant that has dimensions, B is an effective
activation energy, P is the pressure, and T is a characteristic
temperature, usually the initial temperature of the gas (or vapor)
fuel—air mixture.

Wolfer (1938) first proposed this form of equation. His anal-
ysis of experimental data showed that

T = 0.43P" exp(4650/T) (14)

where 7 is the ignition delay time in ms, P is the pressure in
atm, and T is the initial mixture temperature in degrees Kelvin.

Despite its longevity, Eq. (14) is still in widespread use. To
accommodate the effects of equivalence ratio on ignition delay
times, it is sometimes modified to

7 =AP™"¢ " exp(B/T) (15)

There is little agreement between different workers in regard
to the influence of equivalence ratio on ignition delay time. For
methane, propane, and aviation kerosine, Lefebvre et al. (1986)
reported values for m of 0.19, 0.30, and 0.37, respectively.
Mullins (1955) observed no effect of equivalence ratio on igni-
tion delay time, while Ducourneau (1974) and Spadaccini and
Te Velde (1980) both found strong effects. The explanation for
these differences probably lies in the mode of fuel injection.
As discussed above, with liquid fuels there is always the poten-
tial for stoichiometric combustion in regions close to the evapo-
rating spray. Thus, the ignition delay times will always tend to
correspond to those for stoichiometric mixtures, even though
the average equivalence ratio of the mixture may be appreciably
below the stoichiometric value. Just how close will depend on
the mean drop size of the spray, since this governs the rate of
fuel evaporation and hence also the length of time that stoichio-
metric ‘‘streaks’’ of fuel—air mixture can survive, and on the
number of fuel injection points. In this context it is of interest
to note that Tacina (1983) obtained much more consistent auto-
ignition data with a single orifice injector than with a 41-hole
injector, which ostensibly provided a more uniform fuel—-air
mixture. Presumably this was because with a single injector the
rate of fuel—air mixing was so slow that the butk of the prereac-
tions leading up to the onset of ignition took place in near-
stoichiometric mixtures regardless of the average equivalence
ratio. With gaseous fuels, the inconsistencies associated with
slow fuel evaporation are no longer present, but the measured
ignition delay times are still very dependent on the time required
for the fuel and air to combine in combustible proportions. As
with liquid fuels, the longer the mixing time the closer will
the measured ignition delay times approach the stoichiometric
values.

In summary, autoignition data are very apparatus dependent
and, in particular, very fuel-injector dependent. Considerable
caution should be exercised in comparing and selecting autoig-
nition data and in no circumstances should experimentally de-
rived equations be extrapolated to pressures and temperatures
outside the range of experimental verification. This is because
differences in reaction routes may occur over different levels
of temperature and pressure. Only if the available experimental
data or calculated values of ignition delay time exceed the resi-
dence time by a factor of at least five can the designer feel
confident that spontaneous ignition is unlikely to present prob-
lems.
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Most analyses and equations for ignition delay time ignore
the effects of fuel vaporization, which is reasonable under con-
ditions where the evaporation time is appreciably shorter than
the mixing and reaction times. However, it is important to bear
in mind that the spontaneous ignition delay time results from
both physical and chemical processes. For liquid fuels, the phys-
ical delay is the time required to heat and vaporize the fuel
drops and to mix the fuel vapor in flammable proportions with
the surrounding air. The chemical delay is the time interval
between the formation of a flammable mixture and the appear-
ance of flame. Thus, the physical processes dominate in the
early stages of spontaneous ignition, while in the later stages
the chemical processes become overriding.

Rao and Lefebvre (1981) have proposed a model for sponta-
neous ignition that takes full account of both chemical and
physical effects and has general application to both homoge-
neous and heterogeneous mixtures, including situations in
which both fuel drops and fuel vapor are present at the outset
of the preignition process. The spontaneous-ignition delay time
t is obtained as the sum of the times required for evaporation
and chemical reaction

t = (D)1 — (1 = f)*]
+ 4.66+ 1078 exp(9160/T,)/ paf b (16)

where ¢ is the equivalence ratio, T, is the initial mixture temper-
ature, and f1is the fraction of the total fuel that must be converted
to vapor to initiate the chemical reaction. As little or no chemical
reaction takes place at equivalence ratios much below 0.5, a
value of fis recommended for insertion into Eq. (16) such that
the product of fand ¢ is 0.5.

Calculated values of ¢ from Eq. (16) are shown plotted
against pressure in Fig. 49 for three levels of temperature,
namely 600, 800, and 1000 K. Typical values for «" and D, of
0.25 m/s and 50 um respectively, were used in calculating g .
The results show that the influence of fuel evaporation on ¢ is
quite small at the lowest temperature considered (600 K) but
becomes increasingly significant with increasing temperature.
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Fig. 50 Schematic diagram of Rich-burn, Quick-quench, Lean-burn
(RQL) combustor

This explains the reduced dependence of r on P with increase
in temperature, as shown in Fig. 49.

The model proposed by Rao and Lefebvre (1981) shows that
fuel evaporation times are negligibly small in comparison with
chemical reaction times for well atomized, highly volatile fuels,
especially at conditions of low pressure and temperature. How-
ever, it also shows that fuel evaporation times become increas-
ingly significant with increase in pressure and temperature, and
could be rate-limiting for the autoignition of some of the alterna-
tive fuels that are now being considered, many of which have
low evaporation rates due to their high viscosity (poor atomiza-
tion) and low volatility.

Flashback. An intrinsic feature of all premixed-fuel com-
bustion systems is a tendency toward flashback. Flashback oc-
curs when the flame travels upstream from the combustion zone
into the premixing sections of the combustor. This upstream
propagation of flame takes place whenever the flame speed
exceeds the approach flow velocity.

Two main types of flashback have been identified: (1) flash-
back occurring in the free stream and (2) flashback occurring
through the low-velocity flow in the boundary layer along the
walls of the premixing section. Either mechanism may involve
homogeneous and/or heterogeneous reactions.

The most obvious free-stream mechanism would involve
flashback due to a flow reversal in the bulk flow through the
combustor. This flow reversal could be a result of compressor
surge or combustion instability. Flashback can also occur in the
absence of flow reversal if the turbulent flame speed through
the gas in the premixing section is greater than the local bulk
velocity. Lean combustion tends to reduce flame speeds, but
other factors associated with the engine cycle, such as high
temperatures, pressures, and turbulence levels, and preignition
reactions in the gas due to appreciable residence times at high
temperature levels, cause increased flame speed. Therefore,
flame speeds may be sufficiently high to necessitate high flow
velocities in the premix-prevaporize section.

The boundary-layer mechanism involves flashback through
retarded flow in a boundary layer. Important relevant parameters
include the wall temperature and temperature distribution, and
the boundary-layer structure, turbulence properties, and thick-
ness. For more detailed information on flashback, reference
should be made to Plee and Mellor (1978).

Rich-Burn, Quick-Quench, Lean-Burn Combustor

One combustor concept that has been identified as a leading
candidate for low NO, emissions is the Rich-burn/Quick-
quench/Lean-burn (RQL) combustor. Originally conceived for
industrial engines (Mosier and Pierce, 1980; Pierce et al.,
1980), the RQL concept utilizes staged burning, as shown in
Fig. 50. Combustion is initiated in a fuel-rich primary zone at
equivalence ratios of between 1.2 and 1.6, thereby reducing
NO, formation by lowering both the flame temperature and the
available oxygen. Higher equivalence ratios would be even
more beneficial from a NO, standpoint, but could lead to exces-
sive soot formation and smoke. The hydrocarbon reactions pro-
ceed rapidly, causing further depletion of oxygen and further
inhibiting NO, formation. This initial fuel-rich combustion also
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discourages NO, formation from fuel-bound nitrogen (Martin
and Dederick, 1976). For RQL combustion to be fully effective,
the fuel must be finely atomized and uniformly distributed
throughout the rich combustion zone. Moreover, the primary-
zone airflow pattern must be designed to prevent the occurrence
of localized flow recirculation zones which can increase resi-
dence times and thereby increase NO, production (Micklow et
al., 1993).

As the fuel-rich combustion products flow out of the primary
zone, they encounter jets of air that rapidly reduce their tempera-
ture to a level at which NO, formation is negligibly small.
Transition from a rich zone to a lean zone must take place
rapidly to prevent the formation of near-stoichiometric, high
NO,-forming streaks. The ability to achieve near-instantaneous
mixing in this ‘‘quick quench’’ region is the key to the success
of the RQL concept.

An important design consideration is the temperature of the
lean-burn zone. If this temperature is too high, the production
of thermal NO, becomes excessive. On the other hand, the
temperature must be high enough to eliminate any remaining
CO, UHC, and soot. Thus, the equivalence ratio for the lean-
burn zone must be carefully selected to satisfy all emissions
requirements. Typically, lean-burn combustion occurs at equiv-
alence ratios between 0.5 and 0.7 (Talpallikar et al., 1992).
After the requirements of combustion and liner wall cooling
have been satisfied, any remaining air can be used as dilution
air to tailor the exit temperature pattern for maximum turbine
durability.

In some designs the atomizing air is arranged to flow over
the outside of the liner wall in the rich zone before entering the
fuel nozzle. This regenerative backside convective cooling is
an important design feature because conventional film cooling
in the rich zone would create local near-stoichiometric mixtures
that would produce high levels of NO,.

Most of the work carried out so far on the RQL concept has
confirmed its potential for ultralow-NO, combustion. It also has
an important practical asset in that it requires only one stage of
fuel injection. However, in order to exploit this potential fully,
significant improvements in the quench mixer design are
needed. Other inherent problems include high soot formation
in the rich primary zone, which gives rise to problems of high
flame radiation and exhaust smoke. These problems are exacer-
bated by long residence times, unstable recirculation patterns,
and nonuniform mixing.

Early experimental studies by Novick et al. (1982) suggested
that NO, emissions appear to be controlled only by inlet temper-
ature and rich zone equivalence ratio. Changes in the lean or
dilution zone had no observable effect on NO,. On the other
hand, carbon monoxide and smoke emissions were influenced
markedly by both rich-zone and lean-zone equivalence ratios,
as well as by combustor inlet temperature. A minimum lean-
zone equivalence ratio of 0.6 was needed to achieve satisfactory
smoke levels. In more recent studies, Rizk and Mongia (1991a,
1993a, b) have applied three-dimensional emissions modeling,
using well-established reaction mechanisms to RQL combus-
tion. Their results generally confirm the previous findings of
Novick et al. in regard to the importance of rich-zone equiva-
lence ratio to NO, emissions, but they also stress the contribu-
tion to NO, formation of residence time and combustion pres-
sure.

At the present time the RQL concept is being actively studied
by the Pratt and Whitney Company and other laboratories as
part of NASA’s HSCT (High Speed Civil Transport) program.
The aim of this program is to demonstrate the feasibility of
attaining NO, levels of 3 to 8 g/kg fuel (approx. 40 to 100
ppm) at supersonic cruise conditions with kerosine fuel.

Catalytic Combustors

The very strong dependence of NO, formation on flame tem-
perature means that NO, emissions are lowest when the combus-
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Fig. 51 Schematic representation of catalytic combustor

tor is operating perilously close to the lean blowout limit. One
method of extending the lean blowout limit down to lower
equivalence ratios is by incorporating a combustion-enhancing
catalyst within the combustor. Catalytic combustion is a
‘“flameless’’ process, which allows fuel oxidation to take place
at temperatures well below the normal lean flammability limits
of the fuel—air mixture. For this reason, the use of catalysts in
gas turbine combustion to replace part of the thermal reaction
zone allows stable combustion to occur at peak temperatures
that are around 1000 K lower than those of conventional com-
bustors. Combustion at such reduced temperatures can be ex-
pected to decrease the production of thermal NO, dramatically.

A schematic diagram to illustrate the principle of catalytic
combustion is shown in Fig. 51. Fuel is injected upstream of
the reactor to vaporize and mix with the inlet air. The fuel-air
mixture then flows into a catalyst bed, or reactor. This reactor
may consist of several sections, each made of a different kind
of catalyst. It is desirable to use a catalyst that is active at low
temperatures at the inlet, while subsequent sections need to
be selected for good oxidation efficiency. Downstream of the
catalytic bed, a thermal reaction zone may be provided to permit
catalytically initiated reactions to continue. Such reactions can
contribute as much as 20 percent of the total temperature rise
achieved in the combustor.

One problem with catalytic combustors is a tendency toward
autoignition of the fuel upstream of the catalyst. Although the
equivalence ratios of interest are well below the lean flammabil-
ity limit and, in theory, should not be susceptible to autoignition,
locally richer mixtures exist near the fuel injector before com-
plete mixing has taken place. Thus, it is essential that mixing
be achieved in less than the autoignition delay time. Optimum
catalyst performance also requires the inlet fuel—air mixture to
be completely uniform in regard to temperature, composition,
and velocity profile, since this assures effective use of the entire
catalyst area and prevents damage to the substrate due to local
high gas temperatures. Thus the primary function of the fuel
preparation process is to provide complete and uniform mixing
of fuel and air before entry into the catalyst. Rudimentary tests
carried out by Anderson et al. (1982) showed that approxi-
mately 70 percent fuel vaporization is required for stable cata-
lyst operation when burning liquid fuels. These workers used
multiple air-assist atomizers to achieve good atomization and
rapid fuel evaporation at turndown ratios in excess of ten to
one. This multipoint fuel injection enabled complete fuel vapor-
ization and mixing to occur in a mixing zone with a length/
diameter ratio of five. .

Cowell and Larkin (1994) have conducted subscale testing
on several different designs of catalytic combustors. The most
advanced concept is shown schematically in Fig. 52. It is de-
signed to operate at lean conditions to suppress NO, emissions.
CO and UHC emissions are of less concern because they are
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Fig. 52 Subscale catalytic combustor for industrial applications

subsequently oxidized in the catalyst. The preheat burner is a
conventional well-mixed combustor, which is used to preheat
the premixed fuel-air mixture entering the catalyst. This pre-
heat combustor is not required for inlet air temperatures above
650 K. Main air is introduced immediately downstream of the
preheat burner. The multipoint fuel injector is an arrangement
of six venturis surrounding a seventh at the center. Gas tempera-
tures entering the catalyst bed are in the range from 644 to 925
K. The catalytic reactor is a multiple-piece bed design using a
ceramic honeycomb substrate coated with catalytically active
materials. Its function is to initiate reactions of the main fuel—
air mixture. Downstream of the catalyst bed is a postcatalyst
combustion zone, which is stabilized behind a bluff-body
flameholder. This postcatalyst combustor demonstrated efficient
CO and UHC burnout. Short duration rig testing at 9 atm pres-
sure indicated NO, emissions below 5 ppm. The system now
being developed at Solar for engine application includes fuel
staging and variable geometry.

The advantage of using a postcatalyst combustor to complete
the combustion process is that it allows the catalytic bed to
operate at temperatures lower than the combustor outlet temper-
ature. This is a significant advantage because it improves the
reliability and extends the life of the catalyst bed. Ozawa et al.
(1994a, b) used this approach in designing a combined cata-
Iytic/premix combustor to operate at a combustor outlet temper-
ature of 1570 K while keeping the catalyst bed temperature
down to 1270 K. The system is shown schematically in Fig.
53. It consists of an annular preburner, six catalytic combustor
segments, six premixing nozzles, a premixed combustion sec-
tion downstream of the catalyst, and an air bypass valve. Inlet
air is heated to 720 K by the preburner and is distributed to
both catalytic segments and premixing nozzles. The premixed,
gaseous fuel—air mixture that flows around the catalyst seg-
ments is ignited by the hot combustion products emanating from
the catalysts, and lean premix combustion then occurs to raise
the combustor outlet temperature up to 1570 K. The function
of the bypass valve is to add air to the combustor efflux gases
at part-load operation.

Measurements of NO, at atmospheric pressure when burning
natural gas were obtained by varying the fuel flow rate and
bypass valve opening to maintain the catalyst bed at a constant
temperature. NO, emissions were always below 10 ppm, of
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Fig. 53 Catalytic combustor for natural gas
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which a significant proportion came from the preburner. The
total pressure loss of the combustor was around 3 percent, which
is lower than the values normally associated with conventional
combustors.

The notion of completing the combustion process in the post-
catalyst region to avoid exposure of the catalyst to the high
temperatures responsible for deactivation and thermal shock
fracture of the supporting substrate has been pursued by other
workers, including Dalla Betta et al. (1994). In their combustor,
natural gas mixed with air is supplied to the catalyst. Combus-
tion is initiated by the catalyst and is completed by homoge-
neous reactions downstream. The potential of this approach has
been demonstrated in subscale rig tests at pressures up to 14
atm and temperatures above 1500 K. Measured emissions were
NO, < 1 ppm, CO < 2 ppm and UHC < 2 ppm, thus demon-
strating the capability of achieving ultralow NO, along with
low CO and UHC.

The catalyst employed by these workers required an inlet air
temperature of 720 K, which necessitated the use of a preburner.
However, it is reported that recent catalyst designs have reduced
the required inlet temperature to the point where the catalyst
can be operated at the compressor discharge temperature for
some machines.

- The very low emissions levels achieved by Dalla Betta et al.
may be due in part to the high degree of uniformity produced by
the fuel—air mixing system used in the test rig, which featured a
static mixer located between the fuel injector and the catalyst.
Vortmeyer et al. (1994) also integrated static mixers into the
premixing/prevaporizing section upstream of the catalyst to
minimize imperfections in fuel-air mixing. Their combustor
design also featured a thermal reactor downstream of the cata-
lyst to allow it to operate at temperatures well below the maxi-
mum flame temperature without the need for tertiary fuel injec-
tion into the thermal reactor. This was achieved by employing
very short catalyst segments and/or high flow velocities. The
test combustor was supplied with three different groups of
fuels—paraffins, alcohols, and commercial liquid fuels. The
range of operation was limited by the requirements of at least
99.9 percent combustion efficiency at the end of the thermal
reactor to minimize the emissions of CO and UHC. Catalyst
temperatures never exceeded 1300 K up to a maximum gas
temperature at the combustor exit of 1670 K. The overall com-
bustor pressure loss was 6 percent, which ‘is just within the
accepted range for conventional combustors. The catalyst of 40
mm length was responsible for almost half of this loss (2.35
percent). The test program was conducted at atmospheric pres-
sure and was characterized by remarkably low NO, emissions
levels. For propane and methanol no measurable NO, was
formed. The combustion of Diesel oil yielded NO, emissions
below 2 ppm.

A main drawback to the application of catalytic combustors
in modern gas turbines is the limited life expectancy of catalysts
under typical high-temperature conditions. Most combustion rig
testing to date has involved relatively short test periods of less
than 100 hours. However, lifetimes of around 5000 hours are
required for engine applications. It is feared that serious catalyst
degradation could occur when operating at high pressures and
temperatures for long durations. Another major drawback is
that although they are capable of achieving levels of combustion
efficiency very close to 100 percent, this occurs only over a
fairly narrow range of operating temperatures. The lower tem-
perature bound is set by lean blowout limits; the upper bound
is determined by catalyst and substrate material limitations.
Depending on the type of catalyst employed, stable combustion
can be sustained over a temperature range of only a few hundred
degrees Kelvin without serious loss of performance. This corre-
sponds to a range of overall fuel/air ratios of around 1.4 to 1,
as opposed to the 5 to 1 readily achieved with conventional
combustors. It is essential therefore that catalytic combustion be
combined with variable-geometry and/or fuel staging to sustain
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Fig. 54 Combination of catalytic and conventional staged combustor

combustion over the broad range of conditions encountered in
modern gas turbines.

With variable geometry, as the fuel flow increases with load,
proportionally larger amounts of air are diverted through the
catalyst to keep its reaction temperature within the allowable
limits. The remaining air bypasses the catalyst and dilutes the
combustion gases downstream. Fuel staging can be accom-
plished, for example, by combining a conventional combustor
with a catalytic combustor, as illustrated in Fig. 54. The com-
bustion requirements at low load conditions are met using a
conventional burner. Then, at full-load conditions, where the
overall equivalence ratio is compatible with catalytic combus-
tion, most or all of the required temperature rise is achieved
via catalytic combustion. This method of staging requires a
careful control of air splits to provide the required catalyst
pressure drop. This may necessitate the use of variable geometry
in addition to fuel staging to control the air flows to the conven-
tional and catalyst stages.

Most of the work now in progress on catalytic combustion
for gas turbines is directed toward stationary applications. For
aircraft engines, the concerns expressed above regarding dam-
age to the catalyst when operating for long periods at high
pressures and temperatures would appear to put it out of con-
tention at this time, especially as both LPP and RBQ concepts
show almost equal promise with less risk.

Correlation and Modeling of NO, and CO Emissions

Empirical Models. Ever since the gas turbine became rec-
ognized in the late 1960s as a significant contributor to atmo-
spheric pollution, efforts have been made to develop simple
models for correlating experimental data on exhaust emissions
in terms of all the relevant parameters. These include combustor
operating conditions, combustor design features, fuel type, and
fuel spray characteristics.

Empirical models can play an important role in the design
and development of low-emissions combustors. They serve to
reduce the complex problems associated with emissions to
forms that are more meaningful and tractable to the combustion
engineer. They also permit more accurate correlations of emis-
sions for any one specific combustor than can be achieved by
the far more comprehensive models discussed below.

In attempting to derive an empirical model for emissions,
emphasis is placed on NO, and CO. For both these species it
may be assumed that their exhaust concentrations are dependent
on three terms, which are selected to represent the following:
(1) mean residence time in the combustion zone, (2) chemical
reaction rates, and (3) mixing rates. Expressions for these three
parameters can be derived in terms of combustor size, liner
pressure loss, airflow proportions, and operating conditions of
inlet pressure, temperature, and air mass flow rate. We have

Residence time = L/U « PV./m,T (17)
Reaction rate « P" exp aT (18)
Mixing rate « (AP/P)* (19)

where L = liner length, U = liner flow velocity (average), V.,
= combustion volume, P = pressure, 7' = gas temperature, m,
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= air flow rate, AP = liner pressure drop, and a, #, and x are
constants to be determined experimentally. By combining these
terms we obtain for NO,,

NO, = f(residence time)(reaction rate)(mixing rate) (20)

From analysis of experimental data for several different com-
bustors (Lefebvre, 1984), values of a, n, and x were established
and substituted into Eq. (20) to obtain

NO, = 9 X 1078 P'¥V, exp(0.01T,,)/m.T,, g/kg fuel (21)

where P is the combustion pressure in kPa and V. is the combus-
tion volumne in m®. The effect of variations in overall combus-
tor fuel/air ratio is included via its influence on primary-zone
temperature. Fuel type affects both flame temperature and mean
drop size. For NO,, drop size is less important since, at the
high pressure conditions where NO, emissions are most promi-
nent, the fraction of the total combustion volume employed in
fuel evaporation is so small that variations in fuel drop size
have only a small effect on NO, emissions. For this reason,
most correlating parameters for NO, ignore the effects of mean
drop size.

Equation (21) takes account of the fact that, in the combus-
tion of heterogeneous fuel—air mixtures, it is the stoichiometric
flame temperature, T,,, that determines the formation of NO,.
However, for the residence time in the combustion zone, which
is also significant to NO, formation, the appropriate temperature
term is the average value T, as indicated in the denominator
of Eq. (21).

Equation (21) is suitable for conventional spray combustors
only. For lean premix/prevaporize combustors in which the
maximum attainable temperature is 7, it may still be used,
provided that T}, is substituted for T,,. The excellent correlation
of experimental data on NO, provided by Eq. (21) for GE J79-
17A and F101 combustors is illustrated in Figs. 55 and 56,
respectively. Many other semi-empirical models for predicting
NO, emissions have been derived. For a critical review of mod-
els developed before 1980, reference should be made to Mellor
(1981). Some of the more recent expressions for NO, emissions
include the following:

Odgers and Kretschmer (1985)
NO, = 29 exp — (21,670/T)P"%

X [1 — exp — (250¢)] g/kg fuel (22)
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Fig. 55 Comparison of measured and predicted values of NO, for a GE
J79-17A combustor
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where P is the combustion pressure in Pa, 7 is the combustion
temperature in degrees Kelvin, and ¢ is the NO, formation time
in ms. For aircraft combustors, Odgers and Kretschmer quote
formation times of 0.8 ms (airblast atomizers) and 1.0 ms (pres-
sure atomizers). For industrial combustors burning liquid fuels,
quoted formation times range from 1.5 to 2.0 ms.

Lewis (1991).
NO, = 3.3192 x 107° exp(0.0079776T) P** ppmv  (23)

where P is the combustion pressure in atm. This equation is
intended to show the amount of NO, formed in lean, homoge-
neous combustion. It suggests that NO, formation depends only
on the postcombustion temperature and pressure and is com-
pletely independent of the residence time of the gases in the
combustor. According to Lewis (1991), “‘the time involved is
not the normal residence time of the combustion products, but
rather the relaxation time of the molecules involved, primarily
the nitrogen molecule, and thus, is the same in all combustion
systems using air.”’ This finding appears to be at variance with
published data on the effect of residence time on NO, formation
(see, for example, Rizk and Mongia, 1990; Nicol et al., 1992;
Zelina and Ballal, 1994), all of which indicate that NO, concen-
trations increase with residence time. However, these workers
also noted that the influence of residence time on NO, formation
diminishes with reduction in equivalence ratio, the effect being
relatively small for very lean mixtures, as studied by Lewis.
Some expressions for NO, include time directly, as in Eq. (22),
but in others it is embodied into the expression via a mass flow
rate term, as in Eq. (21). However, even expressions for NO,
that take no account of residence time whatsoever (Eq. (23),
for example) can nevertheless provide an excellent prediction
of experimental data because the residence time of all aero
gas turbine combustors tends to be the same at around a few
milliseconds. It is only when expressions derived for industrial
gas turbine combustors having much longer residence times are
applied to aero combustors, or vice versa, that the lack of a
term for residence time becomes important.

Rokke et al. (1993)
NO, = 18.1P"*n33¢%™ ppm (24)
where P is the combustion pressure in atm, m, is the combustor
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air flow in kg/s, and ¢ is the fuel/air ratio. This equation was
found to correlate very satisfactorily measurements of NO,
emissions from five different natural gas-fired machines op-
erating in the power range from 1.5 to 34 MW. Although com-
bustion temperature is conspicuous by its absence in Eq. (24),
its influence on NO, emissions is accounted for by the inclusion
of a fuel/air ratio term.

Rizk and Mongia (1994 )
NO, = 15.10"(¢ — 0.52,)°° exp
— (71,100/T,) P °%(APIP)™*° g/kg fuel (25)

where t is the primary-zone residence time in seconds, ¢, is the
fuel evaporation time, and AP/P is the nondimensional liner
pressure drop. An interesting feature of this equation is that it
includes a term, f,, to account for the effects of fuel drop size
on NO, emissions. According to Eq. (25), a reduction in mean
drop size should increase NO, emissions by reducing the time
required for fuel evaporation. However, if combustion takes
place under conditions where evaporation times are negligibly
small in comparison with the total combustor residence time,
NO, emissions can actually go down with reduction in mean
drop size, as observed by Rink and Lefebvre (1989).

For more information on semi-analytical equations for the
estimation of NO, emissions from gas turbines, reference should
be made to Becker and Perkavec (1994 ) and Nicol et al. (1994).

Comparisons between these different equations for predicting
NO, emissions from conventional combustors is prohibited by
the fact that in some cases the units for NO, are in parts per
million and in others grams per kilogram of fuel. These units
cannot be interchanged unless the equivalence ratio is also
known. However, all of these expressions for NO, provide an
excellent fit to the experimental data employed in their deriva-
tion. This is perhaps hardly surprising since the formation of
NO, is largely dominated by one parameter only——the maxi-
mum temperature in the combustion zone.

Similar correlations to those presented above for NO, have
been developed for CO. One important difference stems from
the fact that the formation of CO in the primary combustion
zone takes appreciably longer than the time required to produce
NO.. In consequence, the relevant temperature is not the local
peak value adjacent to the evaporating fuel drops, but the aver-
age value throughout the primary zone, 7,,. Also, because CO
emissions are most important at low pressure conditions, where
evaporation rates are relatively slow, it is necessary to reduce
the combustion volume V, by the volume occupied in fuel evap-
oration V.

According to Lefebvre (1984) we have

CO = 86 m T,, exp — (0.00345T,,)/

(V. — V.)(AP/P)*3P'? g/kg fuel (26)

where V,, the volume employed in fuel evaporation, is given
by

Ve = 0.55m,,ZD§/p,,z7\eff (27)
where m,, is the primary-zone airflow rate, D, is the Sauter
mean diameter of the fuel spray, p,, is the density of the primary-
zone gas, and A is the effective evaporation constant (Chin
and Lefebvre, 1982). In this equation it is of interest to note
that V, is proportional to the square of the initial mean drop
size. This highlights the importance of good atomization to the
attainment of low CO. The ability of Eq. (26) to predict CO
emissions from a P&W F100 and a GE F101 combustor is
illustrated in Figs. 57 and 58, respectively.

A similar form of expression to Eq. (26) has been derived
by Rizk and Mongia (1994) as
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Fig. 57 Comparison of measured and predicted values of CO

CO = 0.18 X 10° exp(7800/T,,)/
Pt — 042, )(AP/P)* g/kg fuel (28)

where ¢, is the fuel evaporation time. This equation exhibits a
slightly lower dependence on combustion temperature and a
slightly higher dependence on pressure than Eq. (26).

Correlating parameters have also been developed for UHC
and smoke. The interested reader is referred to Rizk and Mongia
(1994) for the latest work.

Numerical Models. The application of numerical models
to the design of gas turbine combustors owes its origin to the
pioneering work of several workers, prominent among whom
are Jones and Priddin (1978), Mongia (1987}, and Serag-Eldin
and Spalding (1979).

In recent years, the detailed representation of combustor flow
fields made available through numerical methods has been used
to provide some insight into the interaction of swirling and
recirculating flows with fuel sprays and the effect of this interac-
tion on atomization, dispersion of fuel drops, evaporation, mix-
ing, and turbulent combustion. Mongia and co-workers, in par-
ticular, have made extensive use of numerical methods to obtain
a better understanding of the formation of various pollutant
species within the combustor, while the use of computational
combustor dynamics (CCD) to provide guidance to the combus-
tion engineer during the design and development process has
become an accepted practice in many gas turbine companies
(e.g., Correa and Shyy, 1987; McGuirk and Palma, 1993; Prid-
din and Coupland, 1986; and Sturgess, 1986).

At the present time much of the computer modeling in gas
turbine combustors is accomplished using versions of the
TEACH code and the k—e turbulence model. It seems likely
that TEACH-based codes and their derivatives, along with the
commercially available FLUENT code, will continue to play
useful roles for some time to come, with updates to the codes
being made in the light of new experimental data. However, it
must be stated that the three-dimensional comprehensive models
now in vogue are costly in computer time and the results ob-
tained often fall short of expectations. As Rizk and Mongia
(1993a) have pointed out, due to the incomplete understanding
of the various combustion processes, analytical calculations on
practical gas turbine combustors cannot yet be considered quan-
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titatively accurate. Significant advances in physical submodels,
numerics, and in the simulation of actual hardware are needed
to improve the predictive capability of current models (Peters,
1988; Mongia, 1993).

Prompted by the limitations of current CCD models, and
encouraged by the long history of success in routine applications
of simple correlations to combustor design and development,
Rizk and Mongia (1986) proposed a hybrid modeling approach
that combines comprehensive modeling with physically realistic
and well-established expressions for estimating various im-
portant performance parameters such as combustion efficiency,
lean blowout limits, pattern factor, liner wall temperatures and
gaseous pollutant emissions. This empirical/analytical approach
to combustor design has been successfully applied to 22 gas
turbine combustors (Mongia, 1993). It represents a logical step
forward that could prove of great value to combustion engineers
in providing quantitative design guidance until such time as
new knowledge on turbulent combustion models, numerics, grid
resolution, and boundary conditions become available for im-
proving the accuracy of current CCD models. Examples of the
use and application of hybrid models can be found in Rizk and
Mongia (1986, 1993b, c, 1994).

Concluding Remarks

It is fortunate that the gas turbine not only offers the highest
thermal efficiency as a prime mover for aircraft propulsion and
power generation for the foreseeable future, but also has the
potential for the lowest possible levels of pollutant emissions.
Most of the drive toward more strict control of pollutant emis-
sions from gas turbines is being directed at oxides of nitrogen
(NO,). Low NO, levels are readily achieved by lowering the
peak flame temperature within the combustor. The challenge is
to keep flame temperatures down at high-power conditions with-
out incurring unacceptable penalties in combustion performance
when operating at low power conditions. For the immediate
future, the introduction into service of staged combustion ap-
pears to be most promising, despite its attendant penalties for
the engine in terms of more complex fuel scheduling and control
strategy. In fact, a General Electric dual-annular staged combus-
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tor has just received FAA certification on Airbus Industrie A320
and A321 aircraft.

At the present time, lean premixed combustion appears to be
the only technology available for achieving sub-10 ppm NO,
emissions in practical combustors. However, such low NO, lev-
els can only be attained if the fuel and air supplied to the
combustion zone are almost perfectly premixed. At high power
conditions, where combustor inlet air temperatures can ap-
proach 1100 K, most hydrocarbon fuels readily ignite on contact
with air. Thus the problems of spontaneous ignition and flash-
back need to be fully addressed before lean premixed combus-
tion can be applied with confidence to aircraft engines. Another
problem associated with well-mixed combustion systems is that
of acoustic resonance, which occurs when the combustion pro-
cess becomes coupled with the acoustics of the combustor. This
problem could be of great importance to the future development
of lean premixed combustors.

Other main contenders as ultralow-NO, combustors are the
rich-burn, quick-quench, lean burn (RQL) and catalytic com-
bustion concepts. The work carried out so far on various RQL
configurations has shown that this concept has considerable
promise for very low NO, emissions. Iis future prospects depend
largely on whether the rich combustion products emanating
from the primary zone can be mixed with the remaining com-
bustion air quickly enough to avoid the creation of high-temper-
ature, NO,-forming regions. Catalytic combustors allow very
low combustion temperatures, which ensure exceptionally low
levels of NO,. Their main drawback is the limited life expec-
tancy of catalysts and substrates under typical high temperature
conditions. The use of postcatalyst combustion allows the cata-
Iytic bed to operate at lower temperatures with consequent bene-
fits in terms of reliability and longer life. Most of the work
now in progress is directed toward catalytic combustors for
stationary engines. Considerable advances in high-temperature
materials will be needed to raise their reliability to the standard
required for aircraft engines.

The continuing pressure to conserve fuel resources can only
be met by raising the engine cycle efficiency. This approach
yields an important additional bonus in the form of less CO,
but it also results in higher combustion temperatures and higher
levels of NO,. Thus, the need to burn less fuel and thereby
generate less CO; is in direct conflict with the equally important
need to reduce NO,. For the forseeable future it seems likely
that engine pressure ratios will rise up to a maximum value of
around 50, beyond which any further increase will depend on
the outcome of current research and development efforts in
ultralow NO, combustion.

We are now entering into an area of increasing competitive-
ness between different engine manufacturers in regard to low-
NO, combustors. For stationary gas turbines, the attainment of
low-NQO, has become the foremost marketing issue, thus offer-
ing important opportunities to those engine manufacturers who
are willing to commit large resources to pollutants reduction
programs.

Fuel reserves are notoriously difficult to predict but, for the
next twenty years or thereabouts, kerosine-type fuels should be
fairly readily available for aircraft engines, while natural gas
will continue to be the favored fuel for baseload operations of
stationary engines. With the ultimate depletion of conventional
hydrocarbon fuels and natural gas, oils derived from coal,
shales, and tar sands will assume increasing importances. Such
fuels are known to be of higher viscosity and lower volatility
than current light-distillate fuels, thus exacerbating the problems
of atomization and fuel prevaporization.

Fuel preparation is of vital importance in the attainment of
low pollutant emissions. Future advances in low-emissions
combustion technology will demand a detailed knowledge of
the properties and structure of the sprays produced in airblast
and pressure atomization. The properties of prime interest in-
clude drop size distributions, droplet and gas velocities, droplet
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trajectories, and droplet mass flux. Such detailed information is
essential for the successful modeling of sprays, but the extent
to which predictions based on spray models can be utilized in
combustor design depends largely upon the degree to which
they can be validated or refuted by accurate experimental data.
This situation calls for more collaborative efforts between the
modeling and experimentation communities.

Although considerable insight has been gained into the inter-
nal flow patterns and external spray characteristics of both pres-
sure-swirl and airblast atomizers, considerable work remains to
be done. Except for atomization occurring at impractically low
velocities, there is still no basic method for predicting the drop
size distributions that will result from the disintegration under
controlled conditions of a liquid jet or sheet. It has been known
for more than thirty years that the geometry, size, shape, and
surface finish of the flow passages within an atomizer have a
strong influence on the internal flow patterns and the external
spray characteristics, but these important effects are not yet
sufficiently well understood to form an integral part of the de-
sign process. The widespread use of laser diagnostic techniques
in spray characterization has created a rapidly growing data
base that provides theoreticians and modelers with new opportu-
nities for establishing a scientific basis for a methodical ap-
proach to the design of fuel injectors and fuel—air mixing sys-
tems.

A drawback to advanced laser diagnostics and comprehensive
modeling is that because they are both challenging and intellec-
tually rewarding in their own right it is easy to forget that they
are only means to an end. This author is not aware of any
significant advance in atomizer or combustor technology that
can be attributed to laser diagnostics or comprehensive model-
ing. All too often these activities are pursued to the detriment
of innovation and creativity, which are the two essential ingredi-
ents for progress in these areas.
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Integration of Magnetic Bearings
in the Design of Advanced Gas
Turbine Engines

Active magnetic bearings provide revolutionary advantages for gas turbine engine
rotor support, These advantages include tremendously improved vibration and stabil-
ity characteristics, reduced power loss, improved reliability, fault tolerance, and
greatly extended bearing service life. The marriage of these advantages with innova-
tive structural network design and advanced materials utilization will permit major
increases in thrust-to-weight performance and structural efficiency for future gas
turbine engines. However, obtaining the maximum payoff requires two key ingredi-
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D. Sood

General Electric Aircraft Engines,
General Electric Company,
Cincinnati, OH 45215

J. P. Lyons ents. The first is the use of modern magnetic bearing technologies such as innovative
digital control techniques, high-density power electronics, high-density magnetic ac-

1y
M. A. Preston tuators, fault-tolerant system architecture, and electronic (sensorless) position esti-

mation. This paper describes these technologies and the test hardware currently in
place for verifying the performance of advanced magnetic actuators, power electron-
ics, and digital controls. The second key ingredient is to go beyond the simple
replacement of rolling element bearings with magnetic bearings by incorporating
magnetic bearings as an integral part of the overall engine design. This is analogous
to the proper approach to designing with composites, whereby the designer tailors
the geometry and load-carrying function of the structural system or component for
the composite instead of simply substituting composites in a design originally intended
for metal material. This paper describes methodologies for the design integration of
magnetic bearings in gas turbine engines.

Corporate Research and Development,
General Electric Company,
Schenectady, NY 12301

Introduction

The development of active magnetic bearings (AMB) for ad-
vanced gas turbine engines is key to expanding present perfor-
mance envelopes to achieve the goals of the IHPTET (Integrated
High Performance Turbine Engine Technology) initiative;
namely, doubling propulsion system capability by the turn of the
century. The term active magnetic bearings includes the magnetic
bearings (actuators), the controller, and the power electronics.
The integration of active magnetic bearing rotor suspension and
the high specific stiffness and strength primary load path struc-
tures integral to IHPTET propulsion systems provides a signifi-
cant further opportunity to increase the structural efficiency, per-
formance, reliability, and maintainability of advanced turbine
engines. For example, the payoffs obtainable by this marriage of
advanced structures/materials technologies with the revolution-
ary advantages of active magnetic bearings are exemplified by
the integration of a ceramic fiber-filament reinforced titanium-
based metal matrix composite (MMC) main engine (fan) shaft
with the precise bearing force control provided by magnetic bear-
ing suspension. The main engine shaft operates in a very rigorous,
complex loading environment. The loads acting on the main
engine shaft include rotordynamic transverse loads, transverse,
axial, and torsional loads due to compressor rotor/low pressure
turbine gas pressure loads and compressor flow distortion loads,
maneuver loads, and blade-loss loads. Common practice for these
shafts has been to use super alloy materials, such as Inconel 718
or Marage 250. The strengths of these materials are satisfactory
except their densities are also high, which results in relatively
low specific stiffness (E/p) values. The main engine shaft tends
to have significant participation in engine system imbalance re-
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The Netherlands, June 13—16, 1994, Manuscript received by the International
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sponse, and supercritical operation is sometimes required. In
many cases, complex soft mount bearing support systems incor-
porating dampers are required. The use of active magnetic bear-
ings and MMC shaft material provides a direct approach for
achieving superior dynamic characteristics and high load capabil-
ity. The high specific stiffness of the MMC shaft material and
the larger rotor diameters made possible by the elimination of
the DN number (bearing diameter in mm X shaft rpm) restrictions
of conventional rolling element bearings results in a dynamically
rigid rotor at the high speeds required for advanced gas turbine
engines. The result is that vibrational energy is driven into the
magnetic bearings where tuning, damping, and active control
strategies can be used to suppress the dynamic response for op-
erating conditions extending into the extreme temperatures and
speeds required for future advanced gas turbine engines.

The methodologies for the design integration of active mag-
netic bearings in the engine structural network to achieve a
compact, simplified, and structurally efficient engine system are
described in this paper. The elements of the advanced fault-
tolerant active magnetic bearing system to be described herein
include the magnetic bearings (which function as both high-
density electromagnetic actuators and displacement transduc-
ers—in essence sensorless air gap estimation), the high-speed
digital controller, and the high-density power electronics. The
control algorithm for the digital controller has the capability to
employ a variety of closed and open-loop (feed-forward) con-
trol strategies, dependent on the engine operating speeds, and
external and internal engine loads. Also discussed are auxiliary
bearings, which are an additional element in the AMB system.
They are needed as a backup for the magnetic bearings, and
to supplement the magnetic bearings for hard maneuvers and
extreme loadings, such as blade-loss loads.

Engine Structural Tailoring for Active Magnetic
Bearings

To meet the exceedingly challenging performance goals of
the IHPTET initiative, stringent rotor stage clearance control,
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engine weight reduction, high cycle temperatures, and higher
rotor speeds will be required. The major increases required
for the advanced turbine engine concepts in thermal efficiency,
thrust/weight for fan engines, and power/weight for turbo-
shaft engines, will be obtained by adapting structural geometry
for rotors, frames, cases, blades, and disks to take full advan-
tage of advanced material characteristics such as provided by
metal matrix composites (MMC) and ceramic matrix compos-
ites (CMC).

Beyond the innovative structural arrangements and utilization
of advanced materials, the incorporation of magnetic bearing
rotor suspension provides a significant further capability to in-
crease propulsion efficiency. Furthermore, the use of an Integral
Starter/Generator (I1S/G) mounted directly on the high-pressure
shaft provides on-board power for the magnetic bearings and
engine starting capability (Richter and Severt, 1992). A mag-
netic bearing engine with an IS/G forms one of the cornerstones
of a “‘More-Electric’’ engine. The IS/G precludes the need for
a power takeoff (tower) shaft and an external gearbox to drive
engine accessories (external generator, starter, pumps, actua-
tors) such as shown in Fig. 1 for present day engines. The
magnetic bearing—IS/G combination provides for the virtual
elimination of engine self-generated rotor whirling, elimination
of the lube system required for rolling element bearings (refer
to Fig. 2), elimination of rotor dampers, engine structural sim-
plification, engine weight reduction, potential for unlimited
bearing service life, elimination of secondary engine power ex-
traction, reduced vulnerability, and improved reliability and
maintainability.

The synergism of magnetic bearings and improved compo-
nent designs incorporating advanced materials permits the de-
velopment of turbine engines with fewer bearings while also
achieving significant improvement in rotordynamics character-
istics and greatly reduced sensitivity of rotor stage clearance
closures due to maneuver loads. Consider the main engine or
fan shaft. This shaft spans across the core engine and in conven-
tional engines has a large length-to-diameter ratio. In order to
avoid critical speed problems and unacceptable maneuver load
deflections at the fan and low-pressure turbine for fan engines,
redundant mounting is used. Figure 1 shows a large present-day
five-bearing military engine, which uses three rolling element
bearings (Nos. 1, 2, and 5) to support the main shaft.

Couple support across the No. 1 and No. 2 bearings reacts
the large overturning moment generated by the fan during in-
flight gyro maneuver conditions and provides the stiffness re-
quired to avoid fan nodding modes in the operating speed range.
This couple support is needed to control fan tip deflection as
very little moment carrying capability is provided by the main
shaft aft of the two forward bearings due to its low bending
stiffness. This low bending stiffness is caused by the relatively
small outer diameter of the main shaft required to meet core
rotor bearing DN number (approximately 1.5 million) and disk
bore diameter limits. The bore diameters of the core rotor disks
of present-day engines are minimized to maintain the stresses
in the monolithic material disks within allowable limits at the
maximum engine speeds. However, when magnetic bearings
are used, DN numbers approaching or exceeding 3.5 million
(based on maintaining magnetic bearing rotor lamination
stresses within allowable limits) are achievable. In addition,
significantly increased allowable disk stress levels and the atten-
dant larger disk bore diameters can be achieved through the use
of circumferential fiber-reinforced composite material, such as
titanium-based MMC for the compressor disks, and ceramic
matrix composite for the turbine disk.

The need for three-bearing support of the main engine shaft
to prevent unacceptable fan pitching under gyro maneuver and
dynamic loads is eliminated through the use of magnetic bear-
ings and a high stiffness main shaft. Fabricating the main shaft
from Ti 6A1-2Sn—4Zr-2Mo matrix material reinforced with
continuous ceramic (silicon carbide) fibers allows the ob-
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tainment of high shaft stiffness. Note that the metal matrix
composite (MMC) material is not stiffer than superalloy materi-
als presently used in turbine engine shafts. However, it has a
lower density, allowing larger main shaft diameters to be used
to obtain high stiffness without a weight penalty. The increase
in high-pressure rotor bore diameters required to obtain suffi-
cient main shaft stiffness to permit two-bearing support (at each
end of the shaft with the two forward-couple bearings replaced
by a single bearing) requires core rotor-bearing DN numbers in
the range of 3.5 million—well within the capability of magnetic
bearings. The equivalence between three-bearing support and
an increased stiffness main shaft supported by two bearings is
shown in Fig. 3. In addition to controlling fan pitching due to
gyro maneuver loads and avoiding fan nodding modes in the
operating speed range, the high specific stiffness (£/p) MMC
material reduces the participation of the main shaft midregion in
engine system criticals, with the result that main shaft unbalance
response sensitivity is further decreased.

Running the reinforcing fibers parallel to the axis of the main
shaft results in the greatest improvement of shaft bending stiff-
ness. However, in order to provide the required torsional
strength, angle-ply fiber orientations are used. The MMC lamina
are wrapped so that the fibers form a helix, which advances
along the shaft length. This scheme still provides a significant
payoff in increased absolute and specific stiffness in the axial
direction. Storace (1989) and Signorelli (1983) discuss the
benefits in gas turbine engine structural efficiency and perfor-
mance achievable through the use of metal matrix composites
with continuous fiber reinforcement in component structures.
Table 1 shows a stiffness comparison of Ti 6-2-4-2/SiC angle-
plied MMC material and selected superalloys at elevated tem-
perature. Note the increased specific stiffness in the axial direc-
tion obtainable with angle-plied Ti 6-2-4-2/SiC MMC material.

In addition to a stiff main shaft, the higher DN numbers made
possible by magnetic bearings also permit a stiff high pressure
or core rotor. This results in dynamically rigid rotors with the
result that vibration energy is driven into the magnetic bearings.
This permits a number of different control strategies to be effec-
tively used to suppress rotor vibration over the complete op-
erating spectrum. These control strategies will be discussed later
in this paper.

It should be noted that auxiliary or back-up bearings are an
integral part of the magnetic bearing design. These bearings are
designed to operate at approximately half the clearance of the
magnetic bearings and thus prevent damage to the magnetic
bearings at touchdown. In addition to providing support during
shipment, storage, and for all other nonoperational time, the
auxiliary bearings share momentary overloads due to shock
and blade loss, and provide support following magnetic bearing
failure. There are two likely candidates for the auxiliary bear-
ings. The first auxiliary bearing candidate is a hydrostatic gas
bearing integrated with the magnetic bearing structure and con-
figured to act in parallel continuously or be activated on de-
mand. This gas bearing would be supplemented by a self-lubri-
cated sleeve bearing for shock and extreme-load conditions as
well as at low engine speeds (below idle). The second auxiliary
bearing candidate is a dry-lubricated, high-temperature, rolling-
element bearing designed to operate for short periods at above
3.0 million DN at temperatures above 800°F. To dissipate the
heat generated by the dry-lubricated bearing, cooling air will
be supplied by engine bleed. Lubrication can be provided by a
dry powder delivered to the bearing from an emergency canister
activated when a loss of rotor control is sensed by the magnetic
bearing controller. The following dry bearing configurations are
candidates for auxiliary bearings: a hybrid with rolling elements
and tungsten alloy races, a hybrid with rolling elements and
intermetallic races, and an all fiber-reinforced-ceramic bearing.

Figure 4 shows a simplified engine structural network made
possible by full magnetic bearing integration and incorporation
of an integral starter/generator on the high-pressure spool.
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Fig. 3 Main engine gyroscopic loading deflections

These technologies permit a four-bearing configuration, and the
elimination of the lube system, power takeoff shaft, and the
external gearbox. In addition to significantly improved reliabil-
ity and maintainability, the weight savings are substantial,
amounting to more than 200 Ib for a large military engine.

Control Algorithms

A digital controller will be used to implement control algo-
rithms for rotor stabilization and vibration reduction. It will
be noted that a digital controller permits the easy change of
algorithms. Hence, a wide range of control options is easy to
implement for the magnetic bearing suspension control system.
The control strategies fall into two categories: closed and open-
loop control. The former is incorporated into the feedback loop
and can impact stability of the active magnetic bearing system.
The latter is a feed-forward method whereby external control
forces are superimposed on the feedback control forces to re-
duce vibration. This method separates the rotor suspension and
vibration control problems, and thus permits the feedback con-
trol to be designed solely to provide maximum stability. Matsu-
mura et al. (1990) discuss the use of feedback or closed-loop
control to reduce synchronous response by the placement of a
notch filter at the running speed. However, stability of the mag-
netic suspension was compromised. Knospe et al. (1991) dis-
cuss the use of magnetic bearings to cancel rotor synchronous
response through the injection of open-loop feed-forward con-
trol forces and reported over 50 db of orbit attenuation.

Two approaches that can be used to implement closed-loop
control are adaptive stiffness/damping control, and the tracking
notch filter method. The former method reduces vibration by
critical speed tuning and vibration energy dissipation. This is
accomplished by varying bearing stiffness and damping to elim-
inate resonances or to heavily suppress response at rotor critical
speeds. This method can provide robust performance when the
shaft/bearing system is subjected to external disturbances. For
the latter closed-loop method, a tracking notch filter is placed

Table 1 Stiffness weight comparison of titanium-based MMC to se-
lected superalloys

TI6-2-42 INCO RENE MARAGE
SIC Angle 718 95 250
Plied MMC
Density
(gm/cm?  4.01 8.19 822  8.00
(Ib/in3)  0.145 0.2906 0297 0.289
538°C (1000°F)
Modulus
(MPA) 172%103 172103 186%103 145%103
MSD) 25 25 27 21
538°C (1000°F)
Ep
(m) 437%#104  213*104 231*104 185%104
(in) 172%106  84*106 91*106 73*106
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Starter Generater
Radial Bearing

Fig. 4 Advanced four-bearing turbofan engine with magnetic bearings
and integral starter/generator

in the feedback loop to permit accommodation of synchronous
disturbances. This causes the magnetic bearing to have greatly
reduced stiffness and damping at the running speed, thus desen-
sitizing the rotor to imbalance because it tends to spin about its
inertial axis.

The open-loop control can be implemented as either an active
vibration control scheme, or as a bearing synchronous force
cancellation scheme for selected frequencies. Typically, for the
former approach, vibration displacements are canceled at the
magnetic bearing plane or at some other location, such as on
the engine casing. This is a disturbance rejection method and
is accomplished by the injection of open-loop forces, which can
be calculated using influence coefficients. In the latter open-
loop approach, the force actuator commands can be adjusted so
as to eliminate the synchronous component of these forces. This
disturbance accommodation approach can be characterized as
an open-loop notch filter, as the bearings exert no active syn-
chronous forces, which results in isolation of the rotor at the
running frequency.

Effective control of the magnetic bearing/rotor system will
require the implementation of a combination of the control ele-
ments discussed above. For example, active vibration control
accomplished through the injection of open-loop forces can be
used for low-speed operation (rotor startup to idle speed) to
cancel rotor synchronous vibration displacements at the mag-
netic bearing planes. In this scheme, the engine is modeled on
line through the generation of dynamic influence coefficients,
which are used to construct reduced dynamic stiffness matrices

Non-Magnetic Flux Barriers
Welded to Laminations

6mil Hiperco 50 Laminations

Fig. 5 Fault-tolerant radial magnetic bearing
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Fig. 6(a) Test rig radial magnetic bearing

Fig. 6(b) Test rig axial magnetic bearing

used in the calculation of vibration canceling forces. One
method to obtain the influence coefficients involves processing
trial force signals injected at the magnetic bearings and the
resulting response signals at discrete rotor speed points during
exploratory accels/decels. This method is adaptive in that the
amplitudes and phases of the corrective forces are dependent
on the engine speed, vibratory characteristics, and imbalance
levels, and the influence coefficients are updated to reflect
changes in the engine system frequency response characteris-
tics. The influence coefficients and measured response are then
used to calculate corrective forces, which are used in an open-
loop mode to cancel the synchronous response due to rotor
imbalance. Since the synchronous response is highly correlated,

0.8

Per Unit Force Capability
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Fig. 7 Effect of temperature on cobalt-iron force-production capability
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Fig. 8 Magnetic model of fault-tolerant bearing

it may be altered without feedback. Thus, the system stability
is not affected by the open-loop control. This active vibration
control method would not be used for high-speed operation
because the injected forces needed to reduce displacement levels
at the magnetic bearing sensors can actually increase the trans-
mittal forces at the magnetic bearings in this speed regime.

For operation above idle speed, the closed or open-loop notch
filter method can be used to suppress synchronous vibration.
This method is not suitable for low-speed operation in the vicin-
ity of the rigid body criticals (resulting from bearing stiffness
suppression) because the synchronous imbalance response is
basically uncontrolled in this speed regime.

Electromagnetic Actuators

Figure 5 shows a fault-tolerant radial magnetic bearing. The
bearing uses 3 radial control axes, which are made up of 12
electromagnetic stator poles organized into 6 force-producing
pole pairs with 60 deg radial spacing. Two pole pairs at 180
deg radial separation combine to create a single control axis.

The stator core is segmented with nonmagnetic sections in
order to minimize the magnetic coupling between adjacent pole
pairs. The magnetic isolation provided by the stator segmenta-
tion will allow nonfaulted force-actuation pole pairs to continue
functioning in the proximity of faulted magnetic poles. Since
any two of the three (or more) control axes are sufficient to
maintain rotor suspension, the third control axis in this magnetic
structure provides inherent redundancy, and given appropriate
control measures, continued bearing operation in the presence of
a variety of faults (e.g., faulted magnetic poles, power electronic
shorts, phase power loss, etc.) is possible. Greater inherent re-
dundancy/fault tolerance can be readily achieved by adding
more than three axes of control. Figures 6(a) and 6(b) show
the fault-tolerant radial and axial magnetic bearings used in a
single-spool test rig and described later in this paper.

This magnetic structure for the stator can be constructed using
a stack of composite laminations as has been done for electric
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Fig. 9 More electric engine electrical system

machine rotors (Kliman, 1987, 1989) or by bonding solid non-
magnetic segments to a stack of laminations as has also been
done for electric machine rotors (Kliman, 1987, 1989). The
bearing laminations are made from a cobalt—iron alloy that
has superior magnetic, thermal degradation, and mechanical
properties, but is slightly more lossy than alternative materials.

A maximum operating temperature is chosen as a compro-
mise between bearing size and cooling requirements. Bleed air
would be used to limit the temperatures. Figure 7 shows the
effect of temperature on per unit force production capability of
cobalt—iron laminations. The magnetic material used for rotors
has to withstand the centrifugal force induced stresses at maxi-
mum rotor speed and maximum temperature. Cobalt—iron in
its normal anneal at 1550°F (840°C) has a 0.2 percent yield of
303 MPa (44 ksi) up to 300°F (150°C). At temperatures of
500°F (260°C) this reduces to less than 276 MPa (40 ksi). A
second material option is the 1350°F (740°C) anneal version
of the same cobalt—iron. This material has a 0.2 percent yield
of better than 552 MPa (80 ksi) at 140°C and remains much
stronger at higher temperatures—517 MPa (75 ksi) at 500°F
(260°C). The price paid for the higher strength is 5 to 10 percent
reduction in maximum force production capability and higher
rotor eddy current losses. .

The stator windings must withstand temperatures signifi-
cantly higher than the magnetic material since heat transfer from
the windings to the stator is generally poor. A silicon-mica
based insulation system, Thermidur, as demonstrated by Sie-
mens, Germany, for 10,000 h life at 400°C (752°F) with occa-
sional excursions to 500°C (932°F) is preferred.

Electronic (Sensorless) Position Estimation

The rotor position sensors used with magnetic bearings are
a major cost and reliability handicap. It is possible to use the
magnetic bearing actuators themselves as magnetic position sen-
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sors, thereby eliminating the need for external position sensors.
This can be done using one of two methods, inductance or flux-
current, which are based on the magnetic model shown in Fig. 8.
The inductance measurement measures time rate of change
of current to estimate inductance, which can be functionally
related to rotor--stator airgap. There are two problems with this
approach. First the rate of change of current is dependent on
airgap velocity as well as rate of change of current and this
causes large errors in the airgap estimate for high-speed bear-
ings. Second, when the soft magnetic materials in the bearing
begin to saturate, the relationship between inductance and airgap
becomes multivalued; that is, there are many possible airgaps
associated with a given inductance. The actuator current can be
used to reduce this to two choices, but some knowledge of
position history is required to choose the correct airgap.

Fig. 10 Single board axis controller
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C GComm G & [ [» c c
& Power Link 1A & Power Link 18 & Power Link 2A & Power Link 28 & PowerLink 1A & PowarlLink 1B & Power Link 2A & Power Link 28
'\ 5 ;
A Bearing System Controiler 2 -t Bearing System C ontrolier
o -
Bearing System Controller 1 - el ’ Bearing System Controller 1
A el A A A A 3
Y Y 3 A fiberoptic A A
Y YY YUYVYY | Yy ¥y eomLaeny 'Y YYYY YY ¥ r ¥
AXC | | axc | | axc AXC AXC | | axC AXC AXC AxXC || axc | | axc AXC axc | { axc AXC AXC
RBI-A| [RB2-A| | AB-A RBI-B| | RB2-B| | AB-B RBI.C | | RB2-(] RBl-A| |RB2-A | [ AB-A RBI-B| { RB2-B| { AB-B RBI-C | { RB2-Q
Power * * ’ Power, ’ + * Power ’ Power. * * & Power, * f * Power. * *
Bus A Bus B BusC Bus A Bus B Bus C

Fig. 11 Twin spool active magnetic bearing control system with duplex supervisor

The flux-current method uses the relationship ¢, = [ [(v — method works regardless of airgap velocity or magnetic satura-
ir)/N]dt to determine the flux in an excited winding. Then, tion. The primary difficulty is in maintaining an accurate flux
given the actuator current and a suitable magnetic model of the estimate where the excitation waveform is not cyclic and the
actuator, a unique rotor—stator airgap can be determined. This required integrator cannot be reset periodically. This method
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Fig. 13  Single-spool magnetic bearing test rig

has been used successfully with switched reluctance motors
(Lyons et al., 1991; Preston and Lyons, 1991).

Fault-Tolerant Engine Electrical System

Figure 9 illustrates a conceptual electric system for an ad-
vanced aircraft engine. This is a fault-tolerant system relying
on three independent 270 vdc buses for distribution among
a variety of loads, including active magnetic bearing (AMB)
controls and power electronics.

The three distribution buses would appear to represent a con-
ventional triple modular redundancy with 200 percent overca-
pacity, but this is not the case. The electric distribution system
is designed for 50 percent overcapacity, i.e., each bus designed
for 50 percent of the needed system capacity, thereby requiring
two of the three buses at any time in order to avoid system
failure.

The radial active magnetic bearings are configured with three
magnetically independent control axes per bearing placed at 60
deg radial separation, These three control axes cooperate to
control the radial rotor position such that control can be main-
tained with only two of the control axes functioning. Each of
the three bearing control axes is powered from a different dc
bus; therefore the radial bearings require two active dc distribu-
tion buses in order to maintain rotor position control. The total
available force vector is angle dependent, but is a minimum of
0.866 times that of a single axis.

The axial active magnetic bearings are configured in a similar
fashion with three magnetically independent control axes, each
control axis with 50 percent force capability; thus two of the
three available control axes are required for rated thrust loading.
Each of the axial control axes are also fed from different dc
electrical distribution buses.

Magnetic Bearing Controls

The magnetic bearing controls consist of two hierarchical
levels: a supervisory level —Bearing System Controller (BSC),
and an actuation level—Axis Controller (AXC). The supervi-
sor controllers are configured in a duplex fault tolerant configu-
ration, with one supervisor in active control and the second
in an active standby mode. Each bearing system controller is
configured to control one engine spool (eight control axes).

The actuation controllers are essentially smart, self-pro-
tecting, power amplifiers capable of exciting a single indepen-
dent AMB axis (two electromagnetic windings, + and —). A
radial bearing will thus require three AXCs. Each actuation
controller is capable of accepting commands from and deliv-
ering feedback information to multiple supervisors, thereby en-
abling redundancy at the supervisor level. Figure 10 shows a
single board AXC capable of 50 A, 500 V.

The duplex supervisory controllers are essentially an exten-
sion of the dual-redundant engine controller (FADEC) acting
as intelligent high-bandwidth actuators. The supervisor control-
lers are powered from the FADEC control power and communi-
cate with the FADEC via a multidrop Engine Area Network
(EAN). Two redundant EAN communication/control power

Journal of Engineering for Gas Turbines and Power

channels are provided. An actuation controller is powered, along
with the power electronic switches it controls, directly from
an individual DC electrical distribution bus. Communication
between the supervisory and actuation levels is accomplished
in a manner to maintain electrical isolation, e.g., fiberoptic com-
munication links.

Figure 11 illustrates the active magnetic bearing controller
architecture for a twin spool engine. Each spool has a duplex
supervisory bearing system controller, which is responsible for
coordinated control of the rotor position, vibration, and imbal-
ance—this coupled control will execute at a 5 kHz task execu-

Fig. 14 (b) Test rig during assembly

S

1

Fig. 14 (¢) Test rig after assembly
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Fig. 15 Twin spool magnetic bearing test rig configurations

tion rate and transmit new force commands to the axis control-
lers. The axis controllers are responsible for force control and
linearization, gap position and velocity inference, fault detection
and isolation; the axis controller will execute at a 10 kHz task
execution rate, which results in power electronic switching at
an equivalent frequency.

Each axis controller is capable of accepting two command
streams from each of the duplex bearing system controllers
via high-bandwidth half-duplex serial communication channels.
The controlling supervisor will transmit a current state informa-
tion packet, once per control iteration, to the active standby BSC
both as a heartbeat indicator and to enable a smooth transition to
the backup supervisor if required. The supervisory controllers
for each engine spool are capable of communicating once per
control iteration with each other, to transmit required dynamic
coupling information. The BSC peer-peer communications are
high-bandwidth full duplex serial communications link. The
BSCs are also required to communicate with the FADEC over
slower half-duplex communication links.

AMB System Modeling and Simulation

Figure 12 illustrates a SimPE! simulation of the AMB con-
trol system. SimPEl (Simulator for Power Electronics) is an
object-oriented dynamic simulator, which uses explicit numer-
ical integration procedures to predict the responses of dynamic
systems. Each of the physical elements of an active magnetic
bearing system have been included, including the three 270
vdc buses (amb-bus in Fig. 12), axis controller power elec-
tronic converters (axc-pe), radial and axial bearing magnetic
actuators (rb and ab), rotor dynamics (rotor), axial and radial
catcher bearings (rcb and acb), bearing mechanical sup-
port structures (stator), and the AMB control system itself
(amb__ control). The rotor model includes rigid body rotor
dynamics, which are currently being extended to include flex-
ible-rotor modeling. The magnetic bearings are modeled using
the model shown in Fig. 8.

The SimPEl amb__control module contains the target source
codes for the BSC and AXC digital signal processor modules.
These source codes enable simulated rotor suspension along
with axis availability dependent force and gap transformations
to and from orthogonal yz control axes and coupled abc control
axes. The SimPEl simulation as configured allows extensive
debugging of the control source codes under simulated condi-
tions, prior to the availability of the target hardware.

Magnetic Bearing Test Rig

The test rig shown in Fig. 13 was developed for validation
testing of advanced magnetic bearings and digital controls/
power electronics systems. Figures 14(a), 14(b), and 14(c)
show the test rig components before, during, and after assembly,
respectively. This effort will encompass programs for the use
of magnetic bearings for marine and aeroengine main shaft
support and applications for stationary power plant turboma-

664 / Vol. 117, OCTOBER 1995

chinery and generator rotor support. The conventional proximity
sensors depicted in Fig. 13 will be used initially for rotor dis-
placement calibration measurements. Later, the sensorless air
gap estimation technique based on utilizing the magnetic bear-
ings as both force actuators and displacement transducers will
be used.

The test rig utilizes two radial magnetic bearings located
fore and aft, an excitation radial magnetic bearing located at
approximately midspan, a thrust magnetic bearing, and a thrust
excitation magnetic bearing. The forward direction is to the left.
Radial auxiliary bearings are mounted outboard of the radial
magnetic bearings. The radial auxiliary bearings are turbine
engine class bearings, and the radial clearance between the shaft
OD and the bearing inner ring ID is equal to 0.0254 cm (10
mils). This precludes the possibility of damage to the radial
magnetic bearings for overloads or rotor drop as the radial
clearance of the magnetic bearings is equal to 0.0508 cm (20
mils). An axial auxiliary or bumper bearing is utilized to pre-
vent damage to the thrust magnetic bearing.

Overhung disks, fore and aft, simulate a fan and turbine
and provide balance planes for mechanical balancing. An
additional balance plane is available at the disk of the thrust
excitation magnetic bearing. The rig is driven by a 20 hp
electric motor through a quill drive shaft located at the aft
end of the rotor.

A generic two-shaft magnetic bearing test rig will be devel-
oped for use in dual rotor magnetic bearing engine studies.
This will be accomplished by developing a shaft/case module
and coupling case to permit expansion of the single shaft rig
shown in Fig. 13 into a two-shaft magnetic bearing test rig.
The two-shaft rig will provide experience and proven method-
ologies for use in the design of future twin spool magnetic
bearing engines.

Figure 15 shows initial layouts for the two-shaft magnetic
bearing test rig. The lower configuration has a tuning spring
(shown as an outer case over the right shaft/case module),
which may be necessary to achieve dynamic coupling between
the two shafts representative of two-spool engine dynamics.
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A Methodology to Assess Design

J.L.Younghans
J. E. Johnson

S. J. Csonka

General Electric Aircraft Engines,
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Cincinnati, OH 45215

Uncertainty in Selecting
Affordable Gas Turbine
Technology

A methodology is discussed that allows quantification of uncertainty in the gas turbine
design and analysis process. The methodology can be employed to rank order the
cost effectiveness of advanced component technologies or alternatively can be used

to determine probable performance (sfc and thrust) of engines that have component
performance uncertainties. Execution of the methodology requires a desktop computer
and commercially available software.

Introduction and Background

Gas turbine designers desire advanced technology features
such as higher stage efficiencies, higher aerodynamic stage load-
ings, increased turbine blade temperatures, and lighter structural
materials for next generation engines. However, the desire for
improved cycle thermodynamics and weight reduction has to
be balanced with what the end use customer can afford.

The need to provide cost-effective propulsion technology is
critical in today’s environment. Severely declining military bud-
gets in the Western world as well as unprecedented levels of
airline losses have created economic constraints on development
budgets that are more severe than at any time in recent history.
Acquisition cost design requirements for next generation en-
gines are being specified (see Fig. 1) such that the cost per
pound of thrust is decreasing.

Next-generation propulsion advances could be less dramatic
and more costly than in the past, and will have to be cost
effective for the developer as well as the end user. Figure 2
portrays the propulsion system designer’s balancing act to intro-
duce only those technologies that are economically viable for
the aircraft operator.

A design consideration that typically has not been addressed
in propulsion technology advancements is a systematic account-
ing of risk and uncertainty. Although this probabilistic concept
of design was suggested by Timson [1] 25 years ago, no wide-
spread evidence of usage has been noted to date. Failure to
account for uncertainty can result in significant shortcomings
in performance when the engine is initially tested. Assessment
of risk should consider typical performance issues such as spe-
cific fuel consumption (sfc) but also account for cost and
weight. Addressing uncertainty will require a culture change
for most propulsion component designers and technologists,
who typically address component performance improvement as
a discrete value or level, rather than a distribution of possible
performance outcomes.

Effective economic assessments of propulsion technologies
for selection of development alternatives must reflect the total
technology impact as well as any uncertainty. Total cost ac-
counts for development of the technology, relative cost to manu-
facture the technology, what cost benefit the technology pro-
vides to the user (e.g., less fuel burn, lower weight, smaller

Contributed by the International Gas Turbine Institute and presented at the 39th
International Gas Turbine and Aeroengine Congress and Exposition, The Hague,
The Netherlands, June 13~16, 1994. Manuscript received by the International
Gas Turbine Institute March 12, 1994. Paper No. 94-GT-419. Associate Technicat
Editor: E. M. Greitzer.
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Fig. 1 Requirements for more affordable engines

size aircraft, etc.), and relative cost to maintain the technology
over the life of the engine. Uncertainty accounts for the possibil-
ity that the designer will not exactly and uniquely achieve design
intent. That is, there is a distribution of possible performance
levels associated with a component’s improvement, as repre-
sented in Fig. 3, rather than a discrete value.

If all relevant component performance improvement opportu-
nities, and the associated economic assessments of this perfor-

M
>
N

¢ DOC Payoffs
¢ Payload Increase
» Range Increase

o Development Cost
¢ Acquisition Cost

¢ Maintenance Costs
¢ Fuel Burn Savings

¢ Weight Savings

Fig. 2 Balancing the propulsion economic impacts on the aircraft
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mance, are modeled in this fashion, it can serve as a ranking
or prioritization criterion for the development of these technol-
ogies, as will be subsequently discussed. This concept can also
be applied in an eclectic sense to quote or guarantee levels of
propulsion system performance, weight and cost, as will be
subsequently presented.

Assessing Technology Opportunities for Advanced Pro-
pulsion Systems. The need for advanced propulsion technol-
ogy is driven primarily by the desire to produce viable advanced
aircraft such as the High-Speed Civil Transport (HSCT), to
add capability to current aircraft (i.e., increased range and/or
payload) or to reduce propulsion ownership costs for current
and advanced aircraft. Significant progress has been made in
the last 40 years in achieving fuel-efficient aircraft (Fig. 4) [2].
This progress is a result of improved propulsion system sfc
characteristics as well as improved aircraft lift-to-drag ratios.

Nomenclature

Table 1 Advanced engine technology impact on engine configuration
and aircraft economics

Advanced Propulsion

Propulsion Changes
Davatopment Goals

Aircraft impact of
To Achisve Goals

Achleving Propuision Goais

Reduced SFC + Increased propulsive efficlency * Increased range
— higher bypass ratio + Increased payload
* Increased therma! efficiancy o Reduced fuel costs
-~ Improved component efficlancy

- higher cycle pressure ratio
« Reduced cycle parasitic cooling alr
~ higher temperature materials
- improved blade cooling technology

Reduced Ownershlp Cost { «  Smaller engines .
- increased thruet per pound of alrflow |
Reducad paris count

- higher siage loading

Reduced manufacturing costs
Reduced maintenance costs

More affordable advanced materlals
Impraved Installation integration

Reduced DOC
Reduced LCC

PR Y

Reduced A/C size
Reduced A/C weight
» Reduced A/C Gost

Increased Thrust to
Waight Ratios

-

Reduced weight .
~  higher stage loadings .
—  Improved strength to density
materlals
o Increased thrust
~ higher fan pressure ratio
~ higher turbine temperatures
-~ improved compenent efficlancies
+ Unconventional architecture
- variable cycle technology

Higher Thrust Per » Incraased cycle energy « Aeduced A/C size
Pound of Alrflow = higher turbine tamperatures « Reduced A/C weight
+ Increased fan pressura ratio + Reduced A/C cost
« Reduced cycle parasitic cooling air * Reduced engine cost per
+ Unconventlonal architecturs pound of thrust

— varlable cycle tachnology

Reduced Emlssions ¢ More efficient combustors « Comply whh envionmantal
- Combustion s Lower cycle pressure ratios ragulations
By-products o Lower turbine tempsratures
- Acoustlc Nolse +  Afternative fuels
* Sourca nolse raduction
» Increased acoustic treatmant

effectiveness
« Efficlent jot mixing

Lists of propulsion development opportunities, the propulsion
system mechanisms to realize these opportunities, and the air-
craft system benefits of achieving them are contained in Table
1. Although Table 1 contains a thorough listing of potential
technology enhancements for propulsion systems, it lacks any
prioritization based on economic value and the cost to develop
and implement the technology. The dilemma facing the designer
is how efficiently and simultaneously to satisfy performance and
customer cost goals and be environmentally compliant while
addressing risk and uncertainty.

Turbomachinery component designers understand how their
particular component affects aspects of system performance,
but they may not address whether or not it is cost effective to
improve its performance. For example, is there more system
payoff (Cost savings — Development cost) for one technology
relative to another? The relative sfc improvements of technolo-
gies presented in Fig. 5 do not provide the necessary input to
select which technologies are most cost effective. Similarly,
input from the aircraft end users is usually qualitative because
they desire the engine manufacturer to improve some or all of
the Table 1 items such as sfc, cost, thrust-to-weight, thrust per
pound of airflow, and emissions. Table 1 contains the relevant
propulsion changes to achieve these goals, but has no quantita-
tive information on identifying which technologies are the most

A/C = aircraft
DOC = Direct Operating Cost
Fn/Wgt = engine sea level static thrust/
engine weight
FOM = Figure of Merit
FV; = DOC-related fan dependent
variable /

A = difference

Journal of Engineering for Gas Turbines and Power

HSCT = High-Speed Civil Transport
LCC = Life Cycle Cost
sfc = specific fuel consumption
TIC = Technology Investment Cost

O = partial derivative
% = percent

Subscript
i = ith variable
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Fig. 5 Sensitivity of augmented turbofan sfc to component technology
improvements

cost effective. The propulsion manufacturer is still left with the
quandary of what is the most cost-effective usage of limited
advanced technology resources. The dilemma is depicted in
Fig. 6 and a methodology for resolving it will subsequently be
discussed.

Component Technology Ranking Considering Eco-
nomic Value and Uncertainty. Uncertainty in component
technology can be modeled in a probabilistic fashion and
should consider at least the uncertainties associated with per-
formance, cost, and weight. The data on variability can be
collected by asking the component design experts three sim-
ple questions:

1  What is the predicted value?

¢ Assume that the predicted value is also the most likely
value

2 What are the one-chance-in-a-thousand best and worst
possible values?

* Most people can relate to this as a very unlikely chance,
but a chance nonetheless

II 7

oeen
Thrust
Airflow

Historical | Technology Initiatives
<
YR
Cost
SFC
Fa/Wgt

Fig. 6 Advanced propulsion plan for augmented turbofans
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% Fan Efficiency Improvement

0.5 T
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0.6 1.0 1.2
% Fan Efficiency improvement

Fig. 7 Probability of achieving fan efficiency improvements

* For modeling purposes, these values can be used as the
0 percent probability values

3 If you did ten such designs, how many of them would
fall within ‘X’ of your prediction?

¢ Units and size of interval ‘X’ can be tailored to spe-
cific discipline and component
¢ Provides additional confidence information

Questions one and two provide sufficient information for
simple distributions (triangles); question three can be used
to generate more complex types of probability distributions.

100% T

50% -

Confidence Level

t }
1.0 1.2
% Fan Efficiency Improvement

Fig. 8 Confidence level representation of fan efficiency improvements
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Statistics: Value
Trials 800
Mean 6.933
Median (approx.) 6.790
Mode (approx.) 6.517
Standard Deviation 1.435
Skewness 0.43
Kurtosis 3.13
Range Minimum 2.778
Range Maximum 12.010
Range Width 9.232
Mean Std. Error 0.051
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0.023 ”L[I 18
-
£ | | )
£ 0015 i 12 €
& 3
0.008 | r 6
0.000 ° -0
3.000 5.000 7.000 9.000 11.000
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Fig. 9 Fan efficiency FOM probability distribution
Table 2 Fan efficiency impacts on overall aircraft DOC
Component DOC-Dependent DOC Sensitivity to
Varlable Proy Varlables Propulsion Varlables

in .

p in fuel burn due to
fan efficlency

improved thermal efficlency
resulting from fan configuration
change (FVy)

Change in DOC with fue!
burn (DOC/FV;)

Changa in manufacturing cost
due to fan configuration change
(Fva)

Change in malntenance cost
due to a conflguration
change (FVj)

Changa in engine weight due to
fan configuration (FV,)

Change in DOC with
manufacturing cost
(2DOC/AFV,)

Change in DOC with
maintenance cost
(aDOCIFV,)

Change in DOC with
engine welght

(93DOCIAFV,)

The data from these three simple questions are then utilized
to construct a probability distribution for a component like the
fan of a high bypass turbofan. Figure 7(a) represents the type
of distribution that could be constructed if the designer answered
only questions 1 and 2, while Fig. 7(5) represents the additional
probability details available if the designer can answer all three
questions.

Appropriate ranges of the normalized probability distribution
from Fig. 7(a) or 7(b) can be integrated to produce a confi-
dence level plot as depicted in Fig. 8. Confidence level is a

desirable parameter to obtain, because it ultimately allows deci-
sions based on equal risk, which is difficult to quantify based
on visual inspection of Fig. 7.

It should be noted that the probability distributions of Fig. 7
produce less than a 50 percent confidence level that the most
probable level of 1 percent fan efficiency improvement will be
achieved. Similarly any other major uncertainties, like develop-
ment cost and weight, that impact any technology affordability
metric should be modeled.

A representative economic Figure of Merit (FOM) for an
airliner gas turbine engine might evaluate all the direct operating
cost (DOC) propulsion variables associated with a component
technology improvement, as well as the technology investment
cost (TIC) to obtain the component technology improvement.
Equation (1) reflects this hypothesis:

2 %ADOC

FOM = = —

TIC )

where the numerator is the total DOC impact associated with the
n dependent variables impacted by a technology improvement.

In the case of a fan efficiency improvement, the appropriate
interactions have to be quantified (see Table 2). The change in
DOC due to the DOC-dependent propulsion variables is depen-
dent on aircraft type and usage, so a representative set of values
should be utilized and the resulting FOM is unique to that
application and usage.

Utilizing the information from Table 2 (if there were no
uncertainty associated with the FV,; and TIC values), the FOM
could be evaluated as follows:

4
z (FV,- X M)
i=1 6FV,

FOM =

TIC 2

Since uncertainty does potentially exist for FV1-FV4 as
well as TIC, a statistical assessment of this uncertainty can be
made using commercially available software such as Crystal
Ball® [3]. Utilizing Monte Carlo simulations of the FOM
variables, a FOM distribution can be calculated using Crystal
Ball®. Having done this, a fan efficiency FOM result is con-
tained in Fig. 9, with its statistical uncertainty displayed
graphically and quantified numerically in the table. High val-
ues for FOM represent goodness and appropriate selections
of advanced technology development opportunities can be
made based on the magnitude of the advanced technology
FOM. Since there is a range of FOM values for Fig. 9, the
question arises as to what ‘‘the FOM”’ is we should use to
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Fig. 10 Fan efficiency FOM confidence level distribution
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Fig. 11 FOM ranking of component technology opportunities

quantify the technology opportunity and make appropriate
selections. For this reason, it is useful to construct confidence
level distributions from the FOM probability distributions,
and compare FOM values at the same confidence level. Figure
10 is the confidence level distribution generated from the fan
efficiency FOM probability data contained in Fig. 9. Utilizing
this probabilistic econometric methodology for other turbo-
machinery components yields results for several technology
opportunities, as depicted in Fig. 11. Since high FOM values
represent goodness, the identified technologies that result in
a 2 percent increase in high pressure compressor efficiency
(FOM = 7.10) should be developed first. The technologies
that provide a 25 percent increase in fan booster pressure rise
(FOM = 3.91) result in the lowest FOM and would be se-
lected for development only after all the other technologies
on the chart had been developed. Since the FOMs consider

reduction in DOC as well as the impact of the relative tech-
nology development costs, they now offer an economically
prioritized development list, which can be used to aid in
constructing the advanced technology roadmaps depicted in
Fig. 6. The process steps and information utilized are graphi-
cally depicted in Fig. 12. It should be noted that not all of
the FOM’s will be positive. For example, if the manufactur-
ing cost and maintenance cost for implementing a technology
would increase the DOC more than any reduction in DOC
due to decreased fuel burn, the overall FOM will be negative
and should be excluded from further consideration, since
there is no net economic benefit to the propulsion system
user.

Quoting New Engine Performance and Incorporating
Component Design Uncertainty. Gas turbine engine manu-
facturers typically quote engine performance with margins to
account for engine-to-engine variation, which is based on histor-
ical trending of production performance experience, and perfor-
mance deterioration with engine usage. The production margins
deal with parts and control tolerances and do not address perfor-
mance uncertainty in the design of the components. Utilizing
all the component performance uncertainty models, similar to
those depicted in Fig. 7, a performance parameter probability
distribution can be obtained utilizing the methodology contained
in Fig. 13. Figure 14 contains the sfc probability distribution
relative to design intent and indicates a skewing to the positive
region relative to design intent (worse sfc). The confidence
level distribution associated with Fig. 14 is presented in Fig.
15 and indicates a 50 percent confidence level that the sfc will
be no worse than 1 percent over design value and a 85 percent
confidence level that it will be no worse than 4.5 percent over
design value. Overall engine performance uncertainty can also
take the form of:

Candidate Technology List
Nozzle
Turbomachinery Components
' Veintenans Gost """ T 1 " Monts Carlo
) Maintenance Cost _ _ _ _ _ _ ___ _ n Select Spacif P
i . I Toomgy || Smaions || GRS
P Weght a Component Variabl
! | ! | EfficiencylPerformance ! e
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Fig. 12 Methodology for prioritizing technology development opportunities
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Thrust probability distributions

Cycle airflow probability distributions
Turbine temperature probability distributions
Acoustic noise probability distributions

as well as the sfc uncertainty modeled. Any performance metric
can then be quoted at a user-specified confidence level.

The engine developer does have other options if the pre-
dicted results of Fig. 14 are unacceptable. He can allocate
more money for component development and strive for addi-
tional component performance enhancements. The results of
such an exercise are depicted in Fig. 16(a), where the most
likely levels of sfc are improved with additional development
expenditure. The worst sfc expected is improved with in-
creased development expenditures. Probable cruise sfc im-

provements with component technology investment increases
are portrayed in Fig. 16(b).

Summary

Declining development budgets and customer desires to
purchase gas turbine engines with the most economic utility
dictate that only cost-effective technology be developed. A
probabilistic analysis methodology and a sample economic
Figure of Merit were presented that dealt with design uncer-
tainty and measurement of economic value in evaluating
alternative component technology developments. Utilization
of this methodology for technology ranking requires the de-
signer to provide and acquire additional data. The new data
consist of a probabilistic distribution of design performance,

Forecast: A% SFC

0.4
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Probability
o
N
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Design Value

Fig. 14 The sfc probability distribution for the engine
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Fig. 16 Balancing performance risk with development expenditures

rather than a discrete value; it also includes an assessment of
cost differences to manufacture and maintain the proposed
technology over the product life. Once this design and cost
information is provided, commercially available software
and a PC (Personal Computer) can quantify the impacts of
design uncertainty for a user-specified FOM. A methodology
was also discussed that allows the propulsion system
designer to account for all the design uncertainties in
component performance while quoting overall levels of en-

672 / Vol. 117, OCTOBER 1995

gine performance such as thrust and specific fuel consump-
tion.
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System Evaluation and LBTU
Fuel Combustion Studies for
IGCC Power Generation

The integration of gas turbines and combined cycle systems with advances in coal
gasification and gas stream cleanup systems will result in economically viable IGCC

C. S. Cook systems. Optimization of IGCC systems for both emission levels and cost of electricity

is critical to achieving this goal. A technical issue is the ability to use a wide

J. C. Corman range of coal and petroleum-based fuel gases in conventional gas turbine combustor
+ Ve hardware. In order to characterize the acceptability of these syngases for gas turbines,
combustion studies were conducted with simulated coal gases using full-scale ad-

D. M. Todd vanced gas turbine (7F) combustor components. It was found that NO, emissions

could be correlated as a simple function of stoichiometric flame temperature for a
wide range of heating values while CO emissions were shown to depend primarily
on the H, content of the fuel below heating values of 130 Btu/scf (5125 kI/NM?)
and for Hy/CO ratios less than unity. The test program further demonstrated the
capability of advanced can-annular combustion systems to burn fuels from air-blown
gasifiers with fuel lower heating values as low as 90 Btu/scf (3548 kJ/NM’) at
2300°F (1260°C ) firing temperature. In support of ongoing economic studies, numer-
ous IGCC system evaluations have been conducted incorporating a majority of the
commercial or near-commercial coal gasification systems coupled with ‘‘F’’ series
gas turbine combined cycles. Both oxygen and air-blown configurations have been
studied, in some cases with high and low-temperature gas cleaning systems. It has
been shown that system studies must start with the characteristics and limitations of
the gas turbine if output and operating economics are to be optimized throughout
the range of ambient operating temperature and load variation.

GE Power Generation,
Schenectady, NY 12345

Introduction

Gasification systems, including air-blown, integrated oxygen-
blown and oxygen-blown followed by heavy moisturization pro-
cesses can produce fuels that have heating values as low as 100
Btu/scf (3942 kI/NM?). A joint EPRI/DOE/GE sponsored
combustion program was created to provide a set of screening
tests for the advanced GE MS7001F combustion system and
determine its combustion characteristics with low-Btu fuels.
The program was structured to uncouple the gasification process
from the turbine combustion process in order to provide funda-
mental data regarding the combustion of syngas, making the
results applicable to oil and biomass gasification as well as
industrial processes (e.g., coke oven gas). During 1990, a joint
EPRI/Shell/GE program began the combustion screening test
process with simulated Shell, oxygen-blown coal gas. Steam,
blended with the syngas, was used as a diluent and fuel gas
compositions with heating values as low as 110 (4337 kJ/NM?)
to 120 (4721 kJ/NM?) Btu/scf were tested. The current pro-
gram links those 1990 results with recent tests, which consider
other diluents for a variety of H,/CO/CO, ratios.

Definition of the combustion characteristics of the various
LBtu fuels has allowed full utilization of an IGCC system opti-
mization methodology to provide least cost, highest perfor-
mance IGCC power generation systems within gas turbine op-
erating constraints.

Combustion Study Program Description
The present program consisted of six combustion tests. The
major screening tests were conducted at approximately 5 normal

Contributed by the International Gas Turbine Institute and presented at the 39th
International Gas Turbine and Aeroengine Congress and Exposition, The Hague,
The Netherlands, June 13-16, 1994. Manuscript received by the International
Gas Turbine Institute February 15, 1994. Paper No. 94-GT-366. Associate Techni-
cal Editor: E. M. Greitzer.
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combustor mass flow and pressure but duplicated actual op-
erating combustor inlet and exit temperatures simulating the
*‘F’’ operating conditions. A full flow demonstration of injec-
tion of nitrogen at the head end of the combustor for NO,
control was included.

The major objectives of the program were:

1 Parametric determination of the effects of moisture, nitro-
gen and carbon dioxide as preblended diluents, so that the com-
bustion characteristics of gasification product gases could be
reasonably predicted without testing each specific gas composi-
tion.

2 Determination of NO,, CO, and UHC (where applicable)
emission characteristics, combustor turndown, and flame stabil-
ity associated with each diluent.

3 Operation with at least two significantly different syngas
compositions to confirm that combustion characteristics were
in line with predictions.

4 Demonstration of the feasibility of nitrogen injection at
the head end of the combustor for thermal NO, control and
comparison of combustion characteristics, including NO, reduc-
tion, with preblended nitrogen combustion data.

5 Investigation of the effect of fuel temperature on emis-
sions, flame stability, and turndown.

6 Further investigation of the effect of H,/CO/CQ, ratio
on CO emissions, flame stability, and turndown.

The combustion tests were performed in the GE Engineering
Development Laboratory in Schenectady, New York. The labo-
ratory contains six full-pressure test stands, each capable of
accommodating a single industrial gas turbine combustor and
duplicating actual combustion conditions at rated temperature,
pressure and air flow. The principal fuel gas combustibles (H,
and CO) (2832 NM?) were premixed by a gas supplier and
delivered to the site in nominal 100,000 scf tube trailers at 2000
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Fig. 2 Standard “7F"” combustion liner
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Fig. 3 Model “F" Test stand arrangement

psig (138 bar). The balance of the gas constituents (N, CO,,
H,0, and CH,) were blended on line.

A conventional GE model 7F combustor (Fig. 1) with a
diffusion combustion liner (Fig. 2) was used for all tests. Figure
3 shows the combustion system as mounted in the test stand.

Table 1 compares the fuel gases tested during this program
with the Shell gas tested in 1990 under the EPRI/Shell/GE
program. A major part of the testing was done with fuel gas
mixtures related to an air-blown gasifier with an H,/CO ratio
of 3.3:1. The basic fuel dilution tests were done with this H,—
CO mixture. The combustion test sequence for the most recent
test program is outlined in Table 2. All tests were conducted
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Table 1 Fuel gas compositions

Shell Air Blown Texaco Test
Constituent O;Blown Dry Wet O,Blown No.6
H2 313 23 16.7 34.0 57
Cco 62.7 7 4.8 49.0 43
CO; 15 20 143 9.7
N2 4.5 47 342 6.1
H20 (Dry) 0 267 (Dry) (Dry)
CH, 3 3.1 0.2
NH3 0.1
Other 0.1 1.0
LHV (Btu/scf) 287 113 89.0 251 295
H,/CO Ratio 0.5 3.3 3.5 0.69 1.33
Table 2 Combustion test description
Test
& Fuel Description Fuel Nozzles Diluent Diluent Location
1 AlrBlown, Hy/CO = 3.3 Standard  CO,, Steam With Fuel
2 AirBlown, Ho/CO = 3.3 Standard N, Steam  With Fuel
3 Air Blown, Wet Syngas Steam With Fuel
4 AirBlown, H/CO = 3.3 Syngas Ny Combustor Head End |
5  Texaco O; Blown, Ho/CO = 0.6  Syngas Nz Combustor Head End
6 O, Blown, H/CO = 1.33 Byngas
71000 -
Full-Flow —_
Projection” %, ¢~
7
//
100
F Full-Flow
E Verification 7,
NO, ppmv - / Conditions:
O N M Laboratory Testing
# Shell Product Gas
10 HaltFlow o Steam Diluant
F M 7F Multi-Nozzle Combustor
C 8 2550°F Combustor Exit Temp.
] M Corr. to 1SO and 159% O,
1 Y AN DN TN NN AU OO N B |
100 120 140 160 180 200 220 240 260 280 300
LHV, Btu/SCF

Fig. 4 NO, Emissions versus heating value from EPRI/Shell tests

at 50 percent combustor mass flow and pressure unless noted
otherwise. Tests 1 and 2 used hardware identical to that used
during the prior 1990 EPRI/Shell test program. Subsequent
tests used modified fuel nozzle gas tips specifically designed
for syngas combustion.

Combustion Test Results

Figure 4 shows NO, levels as a function of moisturized fuel
heating value taken from the prior 1990 EPRI/Shell/GE pro-
gram. As the heating value of the fuel decreases, so does the
stoichiometric flame temperature and the amount of NO,
formed. The two lines in the figure show the relationship be-
tween the half-flow, half-pressure tests and full-flow, full pres-
sure conditions. In agreement with the well-known relationship
between NO, and pressure in diffusion flames, NO, formation
was found to be proportional to the square root of pressure.
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Fig. 5 NO, reduction ratio versus stochiometric flame temperature

As illustrated in Fig. 5, the relationship between NO, reduc-
tion ratio and stoichiometric flame temperature holds for all
diluents evaluated, whether blended individually or in combina-
tion, as was the case for the air-blown gas. All NO, ratios in
the figure are relative to the measured NO, observed when
burning a combustible mixture of 77 percent H,/23 percent CO
and all data have been corrected to 15 percent O, and ISO
humidity. The experimental data represented in Fig. 5 provide
an engineering tool for estimating NO, for a given fuel composi-
tion and have been applied to all fuels, including natural gas
and distillate. These results apply over a wide range of heating
values and compositions, and show the equivalence of the case
of air-blown fuels and high levels of nitrogen dilution for oxy-
gen-blown systems.

The diluent blending tests were designed to determine the
effect of diluent type and H,—CO content on CO emissions at
GE 7F base load combustor exit conditions. By determining the
minimum heating value for excessive CO emissions for each
diluent and H,—CO mixture, bounds could be established for
IGCC application of the standard GE 7F combustion system.
CO emissions at low combustor exit temperatures were used as
an indication of flame stability and incipient flameout.

CO emissions are shown as a function of volumetric LHV
at full load combustor exit temperature in Fig. 6. For the air-
blown, 3.3:1 H~CO mixture, CO is relatively constant with
variation in steam or N, dilution but steadily increases with
decreasing LHV when CO, is used for dilution. The increase
with CO, is consistent with equilibrium predictions. The prior
1990 EPRI/Shell/GE data showed the existence of a lowest

oooAlI Diiuent Preblended  Tys = 2450 - 2550F  Tge = 500F Ty, = 725F
E Laboratory Testing HA/CO
: ¢h Steam 33
[ O Ng/NrSteam 1.33/3.3
3 Steam (Shell) A CO, 33
100k ¥ Steam (Shell) 0.5
2 0O Airblown 33
g o
n_ L.
10F
3 HACO = 1.33& 3.3
o Steam and/or N2 (Band}
[ v
1
50 100 150 200 250 300
LHV, Btu/sct
Fig. 6 CO emissions as a function of LHV and H,/CO ratio
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Fig. 7 CO and NO, emissions versus combustor exit temperature

heating value limit of about 128 Btu/scf (5046 kJ/NM?) based
on CO emissions. No such limit could be found for either the
fuel with an H,/CO ratio of 3.3 or the fuel having a H,/CO
ratio of 1.33. CO concentration remained low (<10 ppmv) for
heating values approaching 100 Btu/scf (3942 kJ/NM?) for
these mixtures.

The simulated air-blown gas (Table 1) was evaluated using
the conventional GE 7F combustion liner but with gas tips
redesigned specifically for syngas. The dry syngas was mixed
first and steam subsequently added in increments until the satu-
rated fuel composition of Table 1 was obtained. Figure 7 shows
emissions as function of combustor exit temperature for the
saturated, 89 Btu/scf (3509 kJ/NM?) fuel. It can be seen that
NO, emissions were extremely low, and fell below the limit of
detection. CO and UHC were also very low at exit temperatures
above 1880°F (983°C), but below this, increased rapidly al-
though blowout was never reached.

A more practical and efficient method of returning nitrogen
to the cycle in oxygen-blown IGCC applications, other than
reinjecting it into the syngas fuel stream, is to inject it into the
combustion air stream at the head end of the combustor in a
manner similar to head-end steam injection for NO, control.
Head-end nitrogen injection was first tested with the air-blown
3.3:1 N,/CO, mixture at reduced flow and then at full flow with
simulated Texaco syngas. Figure 8 compares NO, reduction
with head-end nitrogen with that of nitrogen blending. It appears
that head-end injection will allow sufficiently low NO, levels
and the IGCC system will be able to realize the full performance
benefits of this concept.

1 -
%4}N, Inj - Half Flow - H#CO = 3.3
[ 7 Nq Blend - Half Flow - H¥CO = 3.3
" O Ny Inj - Full Flow - HyCO = 0.69
A E
o -
3 ul N; Injected
g YFE
= 2 N, Blended Conditlons:
~ M Laboratory Tasting
M-N; Inj. Temp = 75 to 150°F
001 E M Fuel Gas Temp = 500°F
= M Comb. Exlt Tomp = 2400 to 2500°F
o M 7F Multl-Nozzle Combustor
B W Corr. to ISO and 15% O,
.m1 1 1 1 i 1 i L
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Calculated Equilibrium Flame Temperature, °F

Fig. 8 NO, emissions for head-end N, injection versus N, blended with
fuel
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A limited number of test points were obtained at different
fuel temperatures during the sixth test. For the syngas tested,
NO, varied little at maximum exit temperature for fuel gas
temperatures of S00°F (260°C) and 650°F (344°C). CO ap-
peared to increase somewhat with fuel temperature contrary to
expectations. When the fuel temperature was dropped from
500°F (260°C) to 350°F (177°C) at part-load exit temperature
CO and NO, levels changed very little.

IGCC System Considerations

It is critical to understand the gas turbine operational limits
with respect to fuel composition in order to assess the perfor-
mance of various IGCC configurations. As more attention has

676 / Vol. 117, OCTOBER 1995

continued to be paid to system integration, and as GE and other
gas turbine vendors have continued to elevate firing tempera-
tures for natural gas and distillate fuel operation, it has been
necessary to create a standardized IGCC performance model to
be used in screening system configurations on a performance
basis. The current GE IGCC performance model is shown in
Fig. 9.

The combustion testing discussed previously has allowed es-
tablishment of lower limits on fuel heating values for standard
and modified GE gas turbine combustors as a function of air
or oxygen-blown gasification and the required NO, emission
levels. Usually, a utility or an independent power producer will
formulate a potential IGCC plant configuration around a limited
set of fuel feedstocks and one or two gasification processes and

Transactions of the ASME

Downloaded 02 Jun 2010 to 171.66.16.102. Redistribution subject to ASME license or copyright; see http://www.asme.org/terms/Terms_Use.cfm



will then ask a gas turbine manufacturer directly, or in concert
with an engineer/constructor, to provide projected IGCC system
performance for particular gas turbine, steam turbine-generator
configurations the manufacturer offers. It is important to recog-
nize that, although a reasonably wide range of gas turbine sizes
is available, this distribution is still quantized while fuel plant
size is continuously variable, up to current maximum size limits.
Therefore, to start the performance evaluation, the total fuel
input to the system is used for preliminary selection of the
turbomachinery. This allows a first iteration involving running
the manufacturer’s gas turbine performance model, as adapted
and constrained for other than natural gas or distillate fuel. Site
ambient conditions and NO limits, as well as fuel heating value
and mechanical, thermal, and mass flow limits for the particular
turbine, are factored in the analysis, which results in a projected
gas turbine output and exhaust energy available as a function
of ambient temperature over the range of interest. This then
leads to verification of the fuel flow requirements, factoring in
air separation unit integration and steam or water injection.
An iterative evaluation can then proceed, involving a match
of the gasification system and gas cooling requirements with
the gas cleaning subsystem. The significant amount of high-
pressure steam generated from the fuel gas heat recovery system
in oxygen-blown, entrained flow gasification must be carefully
integrated with the Rankine cycle. However, it is the Brayton
cycle portion of the IGCC system that has allowed, and will
continue to allow, significant improvements in cycle output and
efficiency as firing temperatures increase and gas turbine con-
figurations evolve. This will require a continuous evaluation of
the combustion of IGCC fuels in standard and modified gas
turbine combustors in order to utilize existing, highly devel-
oped, lowest cost gas turbine designs while meeting low NO,
and CO emission levels over the operating range required.

Conclusions

The data from the current combustion testing, taken together
with those of the prior test program, have resulted in an under-
standing of trends and relationships regarding syngas combus-
tion. Some of the significant results are:

Journal of Engineering for Gas Turbines and Power

1 Demonstration of the advanced GE 7F combustion sys-
tem’s ability to accommodate fuel gas from current coal gasifi-
ers and the viability of the can-annular combustor design for
low Btu gas operation.

2 Correlations for estimating NO, applicable to GE 7F class
machines over a wide range of fuel heating values and composi-
tions.

3 Determination that a combustion limit based on full-load
CO emissions could not be found for H,/CO > 1.0, even for
air-blown type fuels with LHV below 90 Btu/scf (3548
KI/NM?).

Additionally, it can be concluded that continuing combustion
testing of the sort reported here will be required as gas turbine
technology evolves with higher firing temperatures and different
machine configurations in order to adapt next-generation natural
gas and distillate fuel-fired machines to IGCC operation while
preserving low cost and low emissions.

It is the gas turbine that has been primarily responsible for the
recent dramatic improvements in performance and reductions in
projected cost of electricity for IGCC systems. It is unlikely
that gas turbines especially designed for IGCC will be either
available or cost effective. Therefore, IGCC systems designers
must work closely with gas turbine manufacturers to optimize
plant size, output requirements, and level of integration in order
to ensure the most attractive overall concepts.
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Detailed Measurements on a
Modern Combustor Dump
Diffuser System

An experimental investigation has been carried out to determine the flow characteris-
tics and aerodynamic performance of a modern gas turbine combustor dump diffuser.
The system comprised a straight walled prediffuser, of area ratio 1.35, which pro-
Jected into a dump cavity where the flow divided to pass either into the flame tube
or surrounding feed annuli. In addition, a limited amount of air was removed to
simulate flow used for turbine cooling. The flame tube was relatively deep, having a
radial depth 5.5 times that of the passage height at prediffuser inlet, and incorporated
burner feed arms, cowl head porosity, cooling rings, and primary ports. Representa-
tive inlet conditions to the diffuser system were generated by a single-stage axial
Jlow compressor. Results are presented for the datum configuration, and for a further
three geometries in which the distance between prediffuser exit and the head of the
Sflame tube (i.e., dump gap ) was reduced. Relatively high values of stagnation pressure
loss were indicated, with further significant increases occurring at smaller dump
gaps. These high losses, which suggest a correlation with other published data, are
due to the relatively deep flame tube and short diffuser length. Furthermore, the
results also focus attention on how the presence of a small degree of diffuser inlet
swirl, typical of that which may be found within a gas turbine engine, can result in
large swirl angles being generated farther downstream around the flame tube. This
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is particularly true for flow passing to the inner annulus.

Introduction

The primary function of a gas turbine diffuser system is to
decelerate air issuing from the compressor and to distribute this
flow in a uniform and stable manner around the flame tube.
This also needs to be achieved with a minimal loss of stagnation
pressure due to the effect on specific fuel consumption and the
penetration of flow entering the flame tube. In current advanced
core engines these objectives are usually met with dump diffuser
systems, which incorporate a prediffuser followed by a recircu-
lating dump region surrounding the flame tube head. Although
such systems have relatively high losses, they are favored be-
cause of their inherent flow stability and insensitivity to manu-
facturing tolerances and thermal expansions.

Fishenden and Stevens [1] initially investigated the overall per-
formance of a dump system by varying several parameters, includ-
ing the mass flow split to each feed annuli, prediffuser area ratio,
and the distance between prediffuser exit and the flame tube head
(ie., dump gap D/h,). All tests were conducted with a flame tube
that had a radial depth, expressed in terms of the passage height at
prediffuser inlet (W/h;) of 3.5. It was concluded that the principal
determinants of stagnation pressure loss in such systems are the
amount of diffusion being attempted and the radius of curvature
undertaken by the flow as it passes around the flame tube. This
latter effect is a function of the size and shape of the flame tube
and the dump gap. With this in mind it is interesting to note the
more recent works of several authors [2—6], which illustrate the
trend for flame tubes of increasing depth, with values (W/k,) in
excess of 4.0. In addition, this trend is likely to continue as stricter
emission regulations are introduced. For aircraft applications there
is also a constant desire to reduce weight, resulting in the demand
for shorter length diffusers. These trends imply that, in a modern
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dump diffuser system, relatively large amounts of flow turning
and curvature are required in the vicinity of the flame tube head,
which has a significant effect on diffuser performance. It should
also be noted that investigations by several authors have shown
how the performance of any diffuser is affected by the flow condi-
tions at inlet to the system. For example, Stevens et al. [ 7], Stevens
and Wray [8], and Klein [9] noted the effects on diffuser perfor-
mance due to wakes from upstream compressor outlet guide vanes.
In addition, Lohmann et al. [10] considered tangential momentum
within a prediffuser and showed that inlet swirl angles can increase
as the flow is diffused due to reductions in axial velocity and flow
radius. This latter effect may be of significance when considering
the large changes in radius that must be undertaken by flow when
passing around the head of the flame tube. It is therefore thought
that as performance becomes more critical and designs less conser-
vative, so it is necessary when investigating such systems to simu-
late accurately the inlet conditions that are typically generated by
an upstream COMpressor.

This paper presents detailed measurements of the mean flow
field and pressure distribution within a dump diffuser incorpo-
rating a flame tube of radial depth 5.5 times the passage height
at pre-diffuser inlet (W/h;). With the exception of Stevens et
al. [2], this represents a significant increase in depth, and hence
flow curvature, relative to other published data. In addition to
the datum configuration, results are also presented for three
other dump gaps. Thus, an assessment can be made of the
performance penalty that will be incurred in such a system when
the diffuser length is shortened by reducing the dump gap. All
measurements were obtained on a fully annular facility with
the diffuser located downstream of a single-stage axial flow
compressor. This gave a good representation of the secondary
flows, blade wakes, turbulence characteristics, rotor tip leakage,
and other effects that are present at the inlet of a diffuser system
operating within a gas turbine engine.

Experimental Facility
A comprehensive description of the experimental facility is
given by Wray et al. [11]. Air is drawn from atmosphere into
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a large plenum, above the vertically mounted facility, prior to
passing through the entry flare, which also contains a honey-
comb flow straightener (Fig. 1). The pressure rise required to
draw air through the facility is provided by the single-stage axial
flow compressor located immediately upstream of the working
section. It consists of stationary inlet and outlet guide vane rows
and a rotor, this being driven by a 45 k W DC motor sited in
the exhaust plenum below the test rig. The rotor is operated at
a constant nondimensional speed (N/ﬁ ) of 168.7, which, at a
typical ambient temperature of 291 K, results in a rotor speed
of 2880 rpm. This provides approximately 46 deg of inlet swirl
to the compressor outlet guide vanes (OGVs), which are fully
shrouded and representative of current engine design practice.
Their operational Reynolds number of 2.6 X 10°, based on
blade true chord, together with the turbulence effects associated
with the upstream rotor, means the blades are well above their
critical transition value.

The inlet of the combustor diffuser system is located at the
trailing edge of the OGVs where the passage height (#,) is 36.6
mm with a radius of 375 mm at midpassage height (Fig. 2).
For a mass flow of 4.6 kg/s, this gives a mean velocity at inlet
to the prediffuser of approximately 45 m/s (Mach No. ~ 0.13).
The prediffuser is of area ratio 1.35 and has an axial length 1.5

F—— r=375mm ——-{ \(_—:1[_ ]

[

j by ho» e
6.4% 20.6% 24.3%
Pre-diffuser inlet height (Iy) = 36.6mm
Pre-diffuser exit height (ha/hy) = 135
Inner annulus height (hi/h) = 141
Outer annulus height (hy/hy) = 0.67
Flame tube radial depth = 5.5

Fig. 2 Diffuser geometry

times the inlet height (A4,). At prediffuser exit the flow enters
the dump cavity, where it divides to pass into either the outer
and inner feed annuli or flame tube. In addition, the results of
Stevens et al. [2] have shown that removal of turbine cooling air
from the dump region can significantly affect the flow properties
within the feed annuli. Consequently a limited amount of air is
removed through a series of plunged holes (¢$43.5 mm) within
the inner dump casing.

In its datum configuration, the distance between the exit of
the prediffuser and the flame tube cowl corresponds to the
annulus height at prediffuser exit (i.e., dump gap, D/h, = 1.0).
Since the diffuser system is not canted, additional dump gaps
of 0.80, 0.65, and 0.50 were obtained merely by raising the

Nomenclature
A = area r; = inner casing radius relative to rig ~ Superscripts
C, = static pressure recovery coeffi- centerline ~ = area-weighted spatial
cient r, = outer casing radius relative to rig mean value
D = dump gas distance (Fig. 2) centerline " = mass-weighted spatial
h = annulus passage height T = ambient temperature, K mean value

L = diffuser axial length (Fig. 14)
m = mass flow
N = compressor rotor speed

OGYV = compressor outlet guide vane
p = local static pressure
P = local stagnation pressure
r = radius relative to rig centreline

p = fluid density

Journal of Engineering for Gas Turbines and Power

U = axial velocity
U, = tangential velocity
W = flame tube radial depth
W' = radial flow deflection (Fig. 14)
A = stagnation pressure loss coefficient

# = flow swirl angle

¢ = circumferentially
weighted mean value

Subscripts

1, 2 = stations at prediffuser
inlet, exit (Fig. 2)
01, 02, 03 = stations within outer
annulus (Fig. 2)
11, I2, I3 = stations within inner
annulus (Fig. 2)
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complete flame tube unit by the required distance. Porosity
through the cowl head is provided by holes ($79.5 mm) in each
of the 20 burner sectors, this flow then entering the combustor
primary zone through the cowl backplate. Also located within
the center of each cowl hole is a burner, with representative
porosity, and an attached fuel feed arm. Flow can also enter the
flame tube through primary cooling rings, primary ports, and
secondary cooling rings located in both the outer and inner feed
annuli. At the entry plane to each annulus the radial depth of
the flame tube is 5.5 times the passage height at prediffuser
inlet; however, this ratio increases to 6.3 downstream of the
second cooling ring. A series of throttles located below the
working section allowed, for a given geometry, the correct mass
flow split and overall mass flow to be set. All results presented
in this paper were obtained for a mass flow split of:

Outer feed annulus 24.3%
Inner feed annulus 20.6%
Turbine bleed passage 6.4%
(Flame tube) 48.7%

[N.B. Food annulus and flame tube mass flows measured down-
stream of second cooling rings].

The division of mass flow to the turbine bleed passage and
feed annuli were maintained to within +0.1 and +0.5 percent
of their respective nominal values. The flow, having passed
through the working section and throttle system, was expelled
to atmosphere via the exhaust plenum below the facility.

Instrumentation

Data presented in this paper were mainly derived from mea-
surements with miniature five-hole pressure probes of overall
diameter 1.7 mm, hole bore 0.25 mm, which were used in a
nonnulled mode as outlined by Wray et al. [11]. Measurements
were made 2 mm downstream of the OGV trailing edge, 1 mm
downstream of prediffuser exit, and at up to three planes within
each feed annulus (Fig. 2). At all these stations area traverses
were performed. For measurements within the prediffuser and
outer annulus, radial movement of the instrumentation was ob-
tained by attaching the probes to stepper motors located on the
outer casing. In addition, to avoid numerous circumferential
instrumentation locations, the OGV row and flame tube could
be indexed around to provide the required circumferential
movement. For measurements within the inner annulus a tra-
versing mechanism was mounted inside the flame tube. As de-
scribed by Wray et al. [11] this could be rotated circumferen-
tially, independent of the flame tube, while also providing radial
movement of the probe. Using these techniques, data were re-
corded at 20 radial positions, and this was repeated at 21 circum-
ferential locations for each traverse plane. The area traversed
either corresponded to one OGV blade space, as at prediffuser
inlet, or one burner sector for measurements within the feed
annuli. At prediffuser exit measurements were made across an
OGV space and a burner sector in order to define accurately
the blade wakes and assess the influence of cowl head geometry
at this location. Numerous static tappings were also located
within the dump cavity, around the flame tube head, and on the
casing walls within the feed annuli and turbine bleed passage.
Stagnation pressure levels within the turbine bleed passage were
derived from fixed pitot rakes. Operation of the test rig, position-
ing of the instrumentation, and digitizing of all pressure trans-
ducer signals was controlled by a Personal Computer (PC).

Data Reduction

At each traverse point, five-hole probes provide information
on stagnation and static pressure in addition to velocity magni-
tude and direction. From this information the overall mean ve-
locity at a traverse plane was calculated using an area-weighted
method so that:
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P (D
with the mass flow rate through a traverse plane being defined
as
m = f pUdA = pUA (2)
Spatially averaged values of stagnation and static pressures at
a traverse plane were defined by mass weighting the appropriate
individual values, i.e.,

13=l-J‘Pdm p"=lfpdm
m m

For radial distributions of circumferentially averaged quanti-
ties, this weighting was performed in the circumferential direc-
tion only. All flow angles presented were derived from the
mass-weighted tangential and area-weighted axial velocity com-
ponents as outlined by Dring and Spear [12]. It should also be
noted that all of these averaged quantities were derived by
numerical integration of the data to which had been fitted a
spline curve,

Changes in the spatially averaged pressures between various
planes within the diffuser system are expressed in terms of the
stagnation pressure loss (\) and static pressure recovery (C,)
coefficients:

(3)

ﬁb - ﬁa
Moot = = C, ==
' P a ﬁa ? P a = p~a
where “‘a’’ and ‘‘b”’ are the upstream and downstream planes,
respectively.

(4)

Estimate of Experimental Errors

At a given data point the experimental accuracy is influenced
by:

(i) the spatial error associated with the finite distance be-
tween the five holes on the probe tip; this was elimi-
nated by radial and circumferential interpolation of the
side pressures onto the central measurement hole [11].

(ii) the proximity of casing surfaces to a measurement
location.

(iii) recording of the pressure signals via transducers and
an analogue to digital convertor.

(iv) maintaining the compressor on its correct operating

point.

Discrepancies in mass flow of less than 2 percent were recorded
between the pre-diffuser inlet and exit planes due to these
sources of error. Based on these values and the repeatability of
test data it was estimated that the stagnation pressure loss (\)
and static pressure recovery (C,) coefficients were accurate to
within 0.01 of their true values. Flow angles were thought to
be in error by up to 1 deg.

Results and Discussion

Results are presented for the diffuser in its datum configura-
tion, with a dump gap of 1.0, and at three additional dump gaps
of 0.80, 0.65, and 0.50.

Inlet Conditions. Axial velocity contours indicate the cir-
cumferential and radial distribution of fluid at inlet to the dif-
fuser system (Fig. 3). As well as boundary layers on each
casing, well-defined blade wakes are present from the upstream
compressor outlet guide vanes. Within experimental error, these
inlet conditions were the same for all the geometries tested.

Several authors have noted how the performance of a diffuser
system varies with inlet conditions. For example, Stevens et al.
[8] have shown that blade wakes can have a favorable effect
by re-energizing boundary layer flow due to enhanced mixing.
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However, the presence and mixing out of such flow nonunifor-
mities will lead to an increase in the diffuser system’s mass-
weighted pressure loss. To try and reduce this loss variation
with inlet conditions Klein [9] defines diffuser performance in
terms of momentum mix weighted values. In this case, overall
stagnation and static pressures at the inlet and exit planes are
those which would occur if the respective velocity profiles were
to mix out in a frictionless duct of constant area. However,
within a diffuser system the flow area increases and, as outlined
by Denton [13], the resulting positive pressure gradient in-
creases the mixing losses, which are not accounted for in the
momentum mix approach.

It should be noted that all performance data presented in this
paper are in terms of mass-weighted pressures and therefore
include not only the favorable effects of wake mixing, on
boundary layer flow, but also any mixing loss associated with
the nonuniform inlet flow.

Datum Configuration. The stagnation pressure losses ()
between prediffuser inlet (X 1) and the outer (X O3) and inner
(X 13) feed annuli are 0.483 and 0.430, respectively. Since the
loss within the prediffuser is 0.068, this implies that a large
proportion of the loss occurs downstream of the prediffuser as
the flow passes around the flame tube head and enters the feed
annuli. It is also interesting to note the relatively high stagnation
pressure loss (\), of 0.664, that is associated with the flow
entering the turbine bleed passage. This represents low-energy
high-loss flow that is drawn through the bleed ports from the
inner dump cavity. The remaining flow passes to the inner
annulus and so, by removing low-energy air, this may account
for the relatively low loss within this annulus relative to the
outer feed annulus. With this in mind it is interesting to note
the combined mass weighted inner annulus and turbine bleed
loss of 0.485 is virtually the same as the outer feed annulus
loss of 0.483.

The prediffuser static pressure recovery coefficient (C,) of
0.373 is a significant proportion of the total static pressure
recovery values of 0.448 and 0.510 recorded between predif-
fuser inlet and the outer (X O3) and inner (X I3) feed annuli,
Although there is a relatively large velocity reduction between
prediffuser exit (~33 m/s) and the feed annuli (~11 m/s), the
static pressure rise is significantly reduced by the relatively high
stagnation pressure loss around the flame tube head. It can
therefore be seen that in terms of overall diffuser performance,
the majority of the static pressure rise occurs within the predif-
fuser.

It should be noted that diffuser performance is based on the
overall mean flow properties at each traverse plane. However,
there will be slight variations between these values and the
actual loss and diffusion incurred along each flow path. This
is because the actual values depend on which portion of the
prediffuser flow passes into the feed annuli or turbine bleed
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passage. For example, assuming it is the 24.3 percent of the
flow closest to the prediffuser outer casing that passes to the
outer feed annuli, then a dividing streamline can be obtained
and mass-weighted pressures for that streamtube calculated.
This yields, for the flow passing to the outer annulus, a loss of
0.082 within the prediffuser (hout,_,) and a total loss of 0.459
(hout,_q;). Applying a similar technique to the inner annulus
flow gives, for the prediffuser and total loss, values of 0.048
(Ain,_;) and 0.408 (\in,_;3), respectively. Comparison with the
data based on overall mean flow properties indicates some dif-
ferences, but variations are relatively small and show the same
trend of high losses around the flame tube head. Similarity of
the results is thought to reflect the lack of large radial flow
distortions at inlet to, and within, the prediffuser as well as a
comparable stagnation pressure loss at different radii. In addi-
tion, this streamtube method was first used by Fishenden and
Stevens [1] whose flame tube incorporated no porosity. How-
ever, the head porosity in this investigation means that, as well
as radial location, the flow path at prediffuser exit is also deter-
mined by whether it is in line with, or between, cowl holes.
Thus, flow entering each feed annuli is more uniformly distrib-
uted at prediffuser exit and is not confined to streamtubes adja-
cent to each casing.

Flow Field Characteristics. Comparison of the axial ve-
locity contours at prediffuser inlet (Fig. 3) and exit (Fig. 4)
indicates decay of the compressor OGV blade wakes within the
prediffuser. As discussed by Hill et al. [14], in large positive
gradients the pressure forces can increase the velocity gradients
since the momentum of the slower moving fluid undergoes a
greater reduction compared with the faster moving fluid. How-
ever, decay of the blade wakes means that in this geometry it
is the flow shear forces, rather than the pressure forces, which
are predominant. The radial distribution of flow at inlet (X'1)
and exit (X 2) from the prediffuser is more clearly indicated by
the circumferentially averaged axial velocity profiles (Fig. 5).
These are nondimensionalized by the calculated mean velocity
at each plane and comparison of the profiles indicates the bound-
ary layer growth that occurs along each prediffuser casing. This
leads to a radial redistribution of fluid so that, at prediffuser
exit, there is a relative increase in the amount of flow in the
center of the prediffuser (between 10 and 90 percent of annulus
height). The boundary layer growth is promoted by the positive
pressure gradient within the prediffuser due to the increasing
flow area. This pressure rise is shown by the static pressure
profiles at each plane, which are nondimensionalized by the
conditions at prediffuser inlet (Fig. 5). It should also be noted

[N S N U S SO NN SO R |

Outer Casing

Contours U/U
(0.1 Intervals)

Dump Gap = 1.0

08~

r1lllll.ll__‘

Inner Casing
Fig. 4 Axial velocity distribution at prediffuser exit

OCTOBER 1995, Vol. 117 / 681

Downloaded 02 Jun 2010 to 171.66.16.102. Redistribution subject to ASME license or copyright; see http://www.asme.org/terms/Terms_Use.cfm



. | ) o

r————r——
Dump Gap (D/h) = 1.0

——&—— Velocity Profile (X1)
—&—— Velocity Profile (X2) .
———@—— Static Pressure Profile (X1)
L2 ) s Static Pressure Profile (x2) |~} 1.2

14 o

1.0 bl

T Velo;:ity l‘mﬁles

0.8

Uy

i

=

o0
W(P-p)y,

0.6

C

=)
o
p'i’m

(

SH. KRR ECERET] Teevnn Toone O il oo Teese

Pre-diffuser inlet

Sod
Inlet :———3--

00F E . =10.0
i 1 i i l 1 i | i
0.0 0.2 0.4 0.6 0.8 1.0
Inner (r- p/r, - 1) Outer

Fig. 5 Axial velocity and static pressure profiles

that due to gradients of pressure in the radial direction, the
pressure increase along each casing is different. This is thought
to contribute to the more pronounced growth of the boundary
layer along the outer casing.

At prediffuser exit the flow separates to form a recirculation
zone in the dump cavity. This region bounds the mainstream flow,
which is discharged into the dump region and impinges on the
flame tube head. The flow accelerates around the head, away from
the stagnation point, giving rise to high velocities adjacent to the
cowl surface (Fig. 6). This is reflected by the measured static
pressure distribution on this surface that is presented later (Fig.
12). The maximum velocity acquired is determined mainly by the
curvature undertaken by the flow as it passes around the head and
into the feed annuli. Measurements by Carrotte et al. [6] and
Stevens et al. [2] have also shown how the velocity away from
the cowl, toward the recirculation region, decreases rapidly. It is the
high-velocity gradients in this region where a significant amount of
turbulence, and hence stagnation pressure loss, is generated [6].
At entry to each feed annulus the flow distribution is still biased
toward the flame tube, as shown for the outer feed annuli by the
circumferentially averaged axial velocity profile at plane X O1
(Fig. 7). However, due to the unstable nature of the flow passing
around the head, this bias rapidly changes toward the outer casing,
as measured at plane X O2 downstream of the first cooling ring
(Fig. 7). The turbulence in this region is relatively high and, in
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Head  Accelerating

Dividing
Streamline

Fig. 6 Flow field downstream of pre-diffuser
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- several other investigations, has led to rapid mixing out of the

velocity profile. Comparison of the profiles at stations X 02 and
X 03 shows this is not apparent in the present investigation. How-
ever, it is thought the passage of air into the flame tube through
primary ports and the secondary cooling ring helps maintain the
distorted profile down the feed annulus, features that are often not
simulated in other investigations. Although not presented, similar
bias characteristics and axial velocity profiles have been measured
for the flow passing down the inner annulus.

As well as the radial distribution of flow, significant varia-
tions in the swirl angle were found as the flow passed through
the diffuser system (Fig. 8). At prediffuser inlet the increased
swirl angles close to each casing (within 10 percent of the
passage height) reflect the presence of flow overturning due to
classical secondary flow within the upstream OGV passage.
This is a usual occurrence within the stationary blade rows of
axial compressors. Flow overturning by the OGVs, of approxi-
mately 3 deg, is also indicated within the central region of the
passage. The presence of this tangential momentum at inlet to
the system leads to significant changes in the swirl angles ()
farther downstream, particularly for the flow passing to the inner
annulus (Fig. 8). This is due to the change in radius, relative
to the engine centerline, that is undertaken by the flow within
the diffuser system and the reduction in axial velocity. For
example, if tangential momentum is conserved, then the product
of a particle’s tangential velocity and radius (U,r) is constant
so that, as tan § = U,/ U, then tan 8 « 1/Ur. Within the predif-
fuser, the mean radius is constant and so the increase of swirl
angle at prediffuser exit is mainly due to the reduction in axial
velocity (U). For flow passing to the outer annulus, a further
reduction in axial velocity occurs, but this is also accompanied
by an increase in radius (r) leading to minimal change in swirl
angle. In contrast, flow entering the inner feed annulus under-
goes both a reduction in axial velocity and radius so that flow
swirl significantly increases. This effect may be enhanced fur-
ther if the flow close to the inner casing of the prediffuser,
which has been overturned within the OGV passage, passes into
the inner annulus. The calculated tangential momentum per unit
mass flow at prediffuser inlet (0.85 m? s '), exit (0.83 m*s "),
and within the outer (0.36 m?s~!) and inner (0.49 m?s ") feed
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annuli was calculated using a similar method to that outlined
by Dring [15]. Due to friction it can be seen that a relative
decrease of tangential momentum occurs through the diffuser
system. Although this reduces the magnitude of the swirl, angles
in excess of 15 deg are still recorded within the inner annulus.
The presence of such swirl is thought to have only a minor effect
on the diffuser’s static pressure rise and stagnation pressure loss.
However, of greater significance is thought to be its effect on
the discharge coefficients for the inner annulus cooling rings,
primary and dilution ports as well as the behavior and stability
of the flow passing through these features. Carrotte and Stevens
[16] have already indicated how vortices and other flow instabil-
ities can develop within dilution holes and affect mixing within
the combustion chamber. It should also be noted that as radial
flame tube depth increases, so this amplification of swirl angle
will become greater. Furthermore, for a given geometry the
magnitude of the angles within the inner annulus is determined
by the swirl at diffuser inlet, and in a gas turbine engine this
will vary with engine speed.

Effects of Dump Gap Variation. The variation of stagna-
tion pressure loss to the turbine bleed passage (Xb), outer
(X 03), and inner (X I3) feed annuli increases significantly as
the dump gap is reduced (Fig. 9a). For example, at a dump
gap of 0.50 the loss to the inner and outer feed annuli increases
by 48 and 32 percent, respectively, relative to the datum con-
figuration. Since the overall performance of the prediffuser does
not vary significantly and the loss within each feed annulus is
small, virtually all the increase in stagnation pressure loss occurs
within the vicinity of the flame tube head (i.e., between stations
X2 and XO1, XI1). In addition to the increased stagnation
pressure loss, there is also a corresponding decrease in static
pressure recovery (Fig. 9b). Although a small proportion of
this reduction is associated with more distorted velocity profiles
within each feed annulus, the majority of this effect is due to
the higher stagnation loss. For all the geometries tested, the
static pressure rise within the prediffuser is virtually the same,
while at large dump gaps there is an additional pressure rise
between prediffuser exit (X 2) and the feed annuli. As the dump
gap reduces, the increased stagnation pressure loss around the
head reduces the static pressure rise. Eventually, at dump gaps
less than approximately 0.65, the loss is of sufficient magnitude
that the static pressure falls downstream of prediffuser exit.
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Prediffuser Performance. The overall prediffuser perfor-
mance does not vary significantly with dump gap, but changes
to the flow field do occur in this region. At prediffuser exit
the circumferentially averaged radial static pressure profiles,
nondimensionalized by the mean flow properties at the inlet
plane, indicate that reducing the dump gap causes an increase
of static pressure in the central region of the passage and a
decrease toward each casing (Fig. 10). This reflects the pressure
distribution that is generated by flow curvature around the flame
tube head, which, due to the flame tube’s upstream influence,
becomes apparent at prediffuser exit when the dump gap is
small. Fishenden and Stevens [1] also noted this effect and,
since inlet conditions are not affected, means that diffusion is
increased along the center streamtube of the prediffuser but
decreased close to each casing. These effects are also reflected
by the axial velocity profiles at prediffuser exit (Fig. 11), the
midpassage velocities decreasing with a corresponding rise in
velocity close to each casing.

The lower static pressure gradient along the prediffuser cas-
ings at smail dump gaps reduces boundary layer growth. Hence,
as dump gap is reduced, it should be possible to introduce
corresponding increases in prediffuser area ratio, within the
same axial length, and not adversely affect the condition of the
boundary layers on each casing. This should increase the static
pressure recovery within the prediffuser and help offset the
larger stagnation pressure losses around the flame tube head.
With this in mind it is also interesting to note the work of
Hestermann et al. [5], who unstalled a prediffuser by operating
the system at a reduced dump gap.

Dump Cavity Flow. It is in the region surrounding the flame
tube head where most of the loss increase occurs as the dump
gap is reduced. Although instrumentation is limited, cowl sur-
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face tappings allow the static pressure distribution, averaged
over one OGV blade space, to be determined around the head.
It can be seen that away from the stagnation point, the pressure
decreases rapidly to a minimum before undergoing a rise in
pressure prior to entering each feed annulus (Fig. 12). This
static pressure distribution reflects the velocities adjacent to the
cowl surface, which accelerate from zero at the stagnation point
up to a maximum value, at the minimum pressure location,
prior to diffusing into the downstream annuli. In addition, as
measured by Carrotte et al. [6] away from the flame tube head,
toward the recirculation region, the velocity decreases rapidly
giving rise to steep velocity gradients. It is these gradients where
turbulent energy is produced and the stagnation pressure loss
generated. As the dump gap is reduced the minimum pressure
on the head decreases, indicating higher velocities adjacent to
the surface. A corresponding increase of the velocity gradients
around the head must therefore occur, thus explaining the in-
crease in stagnation pressure loss. The higher velocities and
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steeper velocity gradients are due to the greater curvature and
more rapid rates of deflection that must be undertaken by the
flow, at small dump gaps, in order to pass around the flame
tube head and into the feed annuli. These more distorted profiles
are also indicated by the axial velocity profiles within the down-
stream annuli (Fig. 13). It should also be noted that as dump
gap is reduced, the stagnation pressure loss incurred by fluid
passing to the inner annulus increases at a greater rate compared
with the outer annulus flow. This is also reflected by the greater
reduction in minimum static pressure on the inner annulus side
of the cowl surface (Fig. 12). One possible reason for this
effect is that flow passing to the outer annulus is subjected to
an increasing radius and can therefore diffuse circumferentially
around the head. This is in contrast to flow passing to the inner
annulus where the decreasing radius may lead to higher cowl
velocities, steeper velocity gradients, and increased losses. Fur-
thermore, downstream of the minimum pressure location the
rapid rise in pressure, at small dump gaps, means the flow in
this region is prone to separate from the cowl surface.
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Comparison With Other Data. The stagnation pressure
losses from a variety of published data are presented (Fig. 14)
relative to the ratio of diffuser length (L) to flow deflection (W').
Diffuser length is defined as the axial distance between prediffuser
inlet and the combustor primary ports, whereas flow deflection is
based on the radial distance between the diffuser centerline and the
mean radial location of each feed annulus. This latter parameter is
therefore mainly a function of the flame tube radial depth. The
diagram contains a wide variety of results from various diffuser
systems with differing inlet conditions, various amounts of diffusion,
flame tubes with and without porosity, etc. In addition, the definition
of diffuser length and defiection can be somewhat subjective, partic-
ularly for systems with large cant angles. However, a correlation is
suggested between the results, although for a given geometry, minor
loss variations will occur due to changes in mass flow split, predif-
fuser area ratio, cowl shape, etc. The general trend indicates that
for diffusers with relatively long lengths and narrow flame tubes,
the losses are relatively low and of comparable magnitude to those
of a faired system [1]. However, the deeper flame tubes and shorter
lengths inherent to more modern systems result in larger flow de-
flections and a more severe radius of curvature as the flow passes
around the head. As already discussed and demonstrated by the
results, this leads to increased pressure losses. For diffusers typical
of the geometry tested in this paper, any further reductions in length
or increases in flame tube depth will lead to relatively large pressure
loss penalties. Hence, any potential benefits in terms of weight
reduction, for example, may be more than offset by the adverse
effect on engine specific fuel consumption.

Included in the comparison are the results of Carrotte et al.
[6] obtained for a short faired system. This indicates that for
relatively short diffusers with deep flame tubes, there are large
differences in loss performance between dump and faired sys-
tems. Due to their stability characteristics, it is not thought
practical or desirable to operate such faired systems within a
gas turbine engine. However, as diffuser systems become
shorter and flame tubes deeper, it may be desirable to investigate
a possible hybrid or compromise system. This would utilize
some of the potential loss reduction offered by a faired system
while still achieving acceptable stability performance.

Conclusions

An experimental investigation has been undertaken on a mod-
ern dump diffuser system with inlet conditions being generated
by an axial flow compressor. Measurements were obtained at a
dump gap of 1.0 (datum configuration) and at three other dump
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gaps (0.80, 0.65, and 0.50). The following conclusions have
been drawn:

* For the datum configuration, the stagnation pressure loss
coefficients (\) between prediffuser inlet and the outer and
inner feed annuli were 0.483 and 0.430, respectively. The major-
ity of this loss was generated around the flame tube head while
most of the static pressure rise occurred within the prediffuser.

¢ The stagnation pressure losses increased by 32 (outer) and
48 percent (inner) as the dump gap was reduced from 1.0
(datum) to 0.50.

¢ The high losses were associated with the relatively deep
flame tube and short system length, This increases the amount
of flow curvature around the flame tube head, which becomes
more severe as dump gap is reduced.

* For all the geometries tested, relatively high swirl angles
(=~15 deg) were observed within the inner feed annulus com-
pared with those at prediffuser inlet (~3 deg). This amplifica-
tion is due to the decrease in axial velocity and radius that is
undertaken by the flow passing to the inner annulus.
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Flow Field and Performance
Characteristics of Combustor
Diffusers: A Basic Study

Results of a detailed study concerning the influence of geometric as well as fluid
mechanic parameters on the performance of a plane model combustor diffuser in
cold flow are presented. For a qualitative insight into the complex flow field inside
the prediffuser, the sudden expansion region, and the flow field around the flame tube
dome, results of a flow visualization study with the hydrogen bubble method as well
as with the ink jet method are presented for different opening angles of the prediffuser
and for different flame tube distances. Also, quantitative data from detailed measure-
ments with LDV and conventional pressure probes in a geometrically similar air-
driven setup are presented. These data clearly demonstrate the effect of boundary
layer thickness as well as the influence of different turbulence levels at the entry of
the prediffuser on the performance characteristics of combustor diffusers. The possi-
bility of getting an unseparated flow field inside the prediffuser even at large opening
angles by appropriately matching the diffuser’s opening angle and the flame tube
distance is demonstrated. Also, for flows with an increased turbulence level at the
entrance—all other conditions held constant—an increased opening angle can be
realized without experiencing flow separation. The comparison of the experimental
data with predictions utilizing a finite-volume-code based on a body-fitted coordinate
system for diffusers with an included total opening angle less than 18 deg demon-
strates the capability of describing the flow field in combustor diffusers with reason-
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able accuracy.

Introduction

One of the most challenging tasks in the design of future
generations of gas turbine engines is to minimize the pollutant
emissions and to maintain at least identical lifetime as well as
the reliability of the entire engine at improved efficiency. In
order to be successful, the combustion process inside the com-
bustor’s flame tube has to be controlled effectively even under
the extreme conditions of high temperature and high pressure.
With its dominating effect on the flow field inside and outside
the flame tube, the combustor diffuser shows considerable po-
tential in optimizing gas turbine engines. For reasons of high
efficiency, the combustor diffuser has to decelerate the flow
with minimum pressure loss, resulting in a pressure level in the
region surrounding the flame tube as high as possible to ensure
deep penetration of the air jets into the flame tube. Also, for
reasons of .reliability, the combustor diffuser has to provide
similar flow profiles at the diffuser’s exit under a wide range
of operating conditions. The factor limiting the performance of
diffusers is the onset of flow separation, which is influenced—
among other parameters— by the length and the opening angle
of the diffuser. The diffuser length is an even more important
parameter in the design of jet engines than in the design of
stationary gas turbine engines because of its effect on engine
weight and rotor stiffness. Modern gas turbine combustor dif-
fusers are of relatively short design comprising a prediffuser to
reduce the air velocity followed by a sudden expansion.
Whereas for conventional diffusers performance charts exist
(see, e.g., Reneau et al., 1967), little information is available
for the correlation of the geometric and fluid dynamic parame-
ters and the corresponding performance parameters for combus-
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tor diffusers. In comparison with conventional diffusers, addi-
tional parameters exist influencing combustor diffuser’s perfor-
mance, especially the shape and the position of the flame tube
relative to the prediffuser, the width of the flame tube annuli
surrounding the flame tube, as well as the position and size of
mixing holes along the flame tube’s wall.

Up to now, relatively few studies can be found that consider
these parameters systematically. In general, the design is based
on the well-known results of Reneau et al. (1967), Kline et al.
(1969), Adkins (1983), and Adkins and Wardle (1992). Ear-
lier studies of the characteristics of annular diffusers were pre-
sented by Ainley (1945), Johnston (1953), and Howard et al.
(1967), but without taking into account flame tube effects.
Biaglow (1971) could demonstrate the advantage of dump-type
diffuser configurations compared to faired diffusers. He showed
that the temperature distribution at the exit of a two-dimensional
model of a dump diffuser is insensitive to the inlet velocity
profile. In an extensive study, Fishenden and Stevens (1974)
examined the influence of the prediffuser geometry, the flow
split between the two annuli surrounding the flame tube, and
the distance between the flame tube and the prediffuser exit.
The largest area ratio of the prediffusers under examination was
1.8. Klein (1988) in his work showed that the radial velocity
profile more than the circumferential velocity profile determines
the performance characteristics of combustor diffusers. Wagner
et al. (1980) investigated the effects of flow splits on the perfor-
mance of a curved wall dump diffuser with a canted prediffuser.
More recently, Srinivasan et al. (1990) published the results
of an experimental study concerning the effects of flame tube
distance, flow split, prediffuser inlet velocity profile and com-
bustor channel height on diffuser performance in a 60 deg sector
element of a combustor diffuser. Despite the increasing efforts
to obtain more experimental data to describe the correlation
between geometric, fluid dynamic, and diffuser performance
parameters, there is still a lack of accurate data. A comparison
of the available results is difficult because of the different geom-
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Fig. 1 Sketch of the model diffuser

etries and fluid dynamic boundary conditions. Sovran and
Klomp (1967) basically show the correlation between the per-
formance parameters of plane, conical, and annular diffusers.
However, the effect of flame tubes is not considered. Therefore,
up to now it is not possible to generate a general performance
chart for combustor diffusers, comparable to those for plane
diffusers (e.g., Reneau et al., 1967).

A solution in the design of diffusers for gas turbine combustor
applications is found in the use of numerical codes to predict
the flow field. The possibility to calculate the flow field inside
complex geometries has been shown by us as well as by various
authors (see, e.g., Shyy, 1985; Noll, 1986; Koutmos and Mc-
Guirk, 1989; Noll et al., 1989; Noll and Wittig, 1991). To
verify and to improve available computer codes, detailed experi-
mental data with well-defined boundary conditions are required.
In extending our earlier studies of diffusers (Kim, 1976), two
test facilities were developed. Both are equipped with plane
model combustor diffusers. The plane arrangement has the ad-
vantage of good accessibility and flexibility and in addition is
sufficient to demonstrate the flow behavior in annular dump
diffusers, as was shown by Little and Manners (1993) in a
recently published paper. In the air-driven test rig, detailed mea-
surements with LDV as well as with conventional instrumenta-
tion were performed. A description of the setup and the measur-
ing techniques used is presented elsewhere (Hestermann et al.,
1991). The second test facility is used mainly for flow visualiza-
tion studies and uses water as the fluid. In the following, a
description of the water test facility and the techniques used for
flow visualization is presented along with the results. Also some
results of the LDV measurements in the air-driven setup are
presented.

Experimental Setup

The diffuser model under investigation in the water test facil-
ity is geometrically similar to that used in the air-driven test
rig. It comprises a straight-walled prediffuser followed by a
dump diffuser and a flame tube, as shown in Fig. 1. All compo-

Adustable

Fig. 2 Water test facility

nents were made of plexiglass to enable a great variety of flow
visualization techniques. Similar to the air-blown test facility,
a great number of parameters can be varied independently. In
this paper the visualized flow fields for different opening angles
of the prediffuser and different flame tube distances are pre-
sented. To allow direct comparisons to real engine flow condi-
tions, the experiments were conducted at Reynolds numbers,
based on inlet height Ay, of about Re, ~ 0.4 x 10°. This is a

good approximation of real engine conditions.

The water test facility is a closed circuit arrangement as
shown in Fig. 2. The main components are the inlet tank, the
test section, and the settling tank. It can be operated either with
a free surface or as a covered tunnel. The cross section of the
test section is 600 X 280 mm with a length of 1800 mm. The
walls consist of glass to enable the use of light sheet techniques
as well as of other flow visualization methods. The excellent
optical access enables observation of the complete flow field
all along the length of the test section. To avoid mechanical
vibrations, the test section is mounted between two compensa-
tors. The flow rate can be controlled by a throttle valve and a
bypass. At the exit of the test section, a weir is mounted to
adjust the water height inside the test section. To measure the
flow rate, a vortex meter is installed in the pipe system. The
flow rate through the adjustable overflow can be measured by
an additional flow meter, if necessary.

Inside the test section, a contraction module is mounted, fol-
lowed by a parallel-walled entry section. To ensure turbulent
flow conditions, trip wires with a thickness of 5 percent of the
channel height are installed on both side walls of the entry
section. The diverging diffuser walls are attached to the entry
section via two cylinders allowing the adjustment of any open-
ing angle on either side.

Flow Visualization Techniques

For the visualization of the complex flow field, two tech-
niques have been applied: To give an impression of the entire
flow field, the hydrogen bubble method is employed. In those
regions where it was desirable to get additional information

Nomenclature

AR = area ratio = A,/A,
B = blockage factor = 1 — 1/A

xf LA
umax

C,» = pressure recovery coefficient
D = flame tube height
d = flame tube distance
d, = diameter of the turbulence gener-
ating bars

X, y = coordinates

Journal of Engineering for Gas Turbines and Power

h = channel height
Hj, = annulus height

! = prediffuser length
Tu = turbulence intensity

& = half-angle of the prediffuser

Subscripts

1 = reference position; x/h, = —2.0
2 = exit of prediffuser
V D = measured from reference position
to prediffuser exit
ges = measured from reference position
to the exit of the flame tube annuli
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Fig. 3 Laser light sheet setup (top view)

on the flow, the ink jet method was utilized. Two different
illumination techniques were used. For the hydrogen bubble
method, a laser light sheet was generated by use of two rotating
mirrors. The mirror positioned inside the flame tube (see Fig.
3) was encapsulated in a waterproof plexiglass box to illuminate
the flow field inside the prediffuser. With the ink jet method, a
standard photographic light source and a reflecting white plate
were employed (see Fig. 4) resulting in a dark image of the
ink in front of a light background.

Photographs of the flow field were taken by a standard camera
as well as with a video camera. The application of the hydrogen
bubble method made it necessary to use highly sensitive films
even with a laser output power of about 2 W. Both cameras
can be mounted on a movable frame to allow positioning of the
cameras at any position at the top of the test section.

Results

As a result of earlier studies in an air-blown test facility
(Hestermann et al., 1991) it was shown that the flow inside the
prediffuser has a dominating effect on the flow field of the
entire combustor diffuser. On the other hand, the geometry
downstream of the prediffuser affects the flow inside the predif-
fuser. Applying the nonintrusive LDV measuring technique, it
could be shown that for moderate diffuser opening angles of
2® = 15 deg, the velocity distribution at the prediffuser’s exit,
starting with a nozzlelike profile for large flame tube distances,
flattens with decreasing flame tube distances. As a consequence,
the flow near the prediffuser walls at its exit exhibits normal
components toward the upper and lower walls, respectively,
and the velocity near the walls close to the prediffuser exit
increases, resulting in a stabilization of the flow with decreasing
flame tube distance. For moderate opening angles the flow is
attached throughout the prediffuser. The results of the flow

Camera ;;I

VA4

Test Section

AN AN

Light Source White

coloured
plate

Fig. 4 Ink jet method: illumination
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Fig. 5 Hydrogen bubble flow visualization (geometric data: 2% = 15
deg; I/hy = 3.0; Hs,/hy = 1.0; d/hy = 0.74)

visualization confirm these quantitative results qualitatively, as
shown in Figs. 5 to 7. Clearly visible is the attached flow inside
the entire prediffuser, the flow separation at the edge of the
prediffuser’s exit and the reattachment of the flow downstream
of the dump diffuser.

At small flame tube distances (d/h; = 0.74, see Fig. 5), the
upstream influence of the flame tube dome inside the prediffuser
is indicated by the curvature of the hydrogen bubbles’ path lines
starting with the curvature already inside the prediffuser. This
is in good agreement with the results of the LDV measurements
presented earlier. At large flame tube distances (d/h, = 2.51,
see Fig. 7) the flow propagates similarly to a jet for a certain

Fig. 6 Hydrogen bubble flow visualization (geometric data: 2& = 15
deg; I/hy = 3.0; Hs,/hy = 1.0)
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Fig. 7 Hydrogen bubble flow visualization (geometric data: 2& = 15
deg; I/hy = 3.0; Hs,/hy = 1.0; d/h; = 2.51)

distance downstream of the prediffuser’s exit before it is influ-
enced by the flame tube dome. In the corner region of the dump
diffuser, a clearly visible vortex exists as expected. A much
smaller counterrotating vortex can be recognized at the edge of
the prediffuser’s exit. At a moderate flame tube distance of
d/h; = 1.26 (see Fig. 6) the deflection of the flow starts directly
at the prediffuser’s exit without any upstream effect of the flame
tube dome visible inside the prediffuser. Obviously, the flow
deflection is not affected by the edge at the prediffuser’s exit.
This is a further demonstration for the existence of an optimum
pressure recovery at the moderate flame tube distances men-
tioned by Fishenden and Stevens (1974). Also visible in the
photographs is the location of the reattachment point at the
casing walls of the dump diffuser, varying with flame tube
distance.

0.6 - i
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o
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Fig. 8 Effect of boundary layer thickness on overall pressure recovery
(B = inlet blockage factor); geometric data: 2® = 15 deg; //h; = 3.0
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Fig. 8 Hydrogen bubble flow visualization {geometric data: 2& = 25
deg; I/hy = 3.0; Hs,/hy = 1.0; d/hy = 0.74)

The photographs shown here have been taken for thin bound-
ary layers at the entrance of the prediffuser. As the results
of the LDV measurements inside the prediffuser show (see
Hestermann et al., 1991), the strong upstream effect of the
flame-tube on the velocity profile at the prediffuser’s exit de-
creases with increasing boundary layer thickness at the predif-
fuser’s entry because of the larger momentum in the core region
at thicker boundary layers and at equal mass flow rates. Also,
the overall pressure recovery, measured from the entry of the
prediffuser to the exit of the flame tube annuli, decreases with
increasing boundary layer thickness (see Fig. 8).

In real engines the boundary layer thickness at the diffuser’s
entry is given by the compressor’s discharge flow. So from a
designer’s point of view, the only way to increase the pressure
recovery at a given diffuser length is to increase the opening
angle. In doing so, the flow remains attached to both prediffuser
walls for moderate opening angles. At an opening angle of 2&
= 18 deg and at large flame tube distances (d/h, = 2.51), the
flow starts separating from the prediffuser’s diverging walls for
short time intervals. With increasing opening angle, the time
intervals showing flow separation grow and the extension of
the separated regions increases similarly to the flow phenomena
described by Reneau et al. (1967) for conventional two-dimen-
sional diffusers without flame tube. This unsteady separation
can be eliminated by decreasing the flame tube distance. The
larger the opening angle, the smaller the flame tube distance
has to be to suppress flow separation. At a total opening angle
of 2¢ = 22 deg, the flow separation inside the prediffuser can
only be prevented for flame tube distances d/h;, < 1. For larger
total opening angles (2® = 25 deg) flow separation cannot be
prevented even at small flame tube distances. Especially at these
large opening angles, the flow stabilizing effect of the flame
tube can clearly be demonstrated: At large opening angles and
simultaneously at large flame tube distances the flow always
separates from one diverging wall inside the prediffuser while
the flow on the opposite side remains attached. Thereby two
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Ink jet flow visualization in the water channel

LDV measurements in the air driven test facility

Fig. 10 Occurrence of two similar flow situations in diffusers with large opening angles (geometric data:

2® = 25 deg; I/hy = 3.0; d/hy = 2,561)

possible flow situations may occur with the same probability.
Because of the lifetime of these possible flow situations the
flow can be regarded as quasi-stationary, but not as a stable
flow. The switch from one flow situation to the corresponding
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0.25 /
1 d/n=1.26 | %
} d/hy=2.51 —

N
£ o000 ]
>_ L

-0.25 -

0.75 1.00

-0.50 4

025 0.0
U/Uoo

Fig. 11 Measured velocity distribution at the prediffuser’s exit at large
opening angles (geometric data: 2& = 25 deg; //h, = 3.0)
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mirror-symmetric flow occurs quite stochastically. An impres-
sion of this flow is given in Fig. 10 by the visualization of the
near-wall flow field applying the ink jet method. In this case,
the color was added to the flow at the prediffuser’s exit. While
in the left-hand photograph the color moves in the upstream
direction along the right diverging wall of the prediffuser,
viewed in the flow direction, the right-hand photograph shows
the opposite effect. Here, backflow occurs along the left diverg-
ing wall.

While the flow visualization only is a qualitative description
of this phenomenon, it is confirmed by the results of the LDV
measurements taken in the air-blown test facility. The vector
diagram in Fig. 10 quantitatively shows the mirror symmetry
of the two possible flow situations.

At the smallest flame tube distance under examination, d/h,
= (.74, the upstream effect of the flame tube causes the flow
to reattach near the prediffuser’s exit, resulting in a separation
bubble inside the prediffuser (see Figs. 9 and 11). Although
the flow is attached near the exit of the prediffuser, the velocity
profile becomes unsymmetric. Therefore, for prediffuser geom-
etries with a normalized length of I/k, = 3.0 and large opening
angles, an overall pressure recovery similar to that in combustor
diffusers with moderate opening angles can be reached only
with very small flame tube distances (see Fig. 12).
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Fig. 12 Experimentally determined overall pressure recovery

Among other parameters influencing the onset of flow separa-
tion, the knowledge of the turbulence intensity at the diffuser’s
entry is of fundamental interest. In the following, some results
concerning the influence of turbulence on the pressure recovery
attainable in dump diffusers are presented. Elevating the turbu-
lence level increases the momentum exchange between the core
flow and the near wall flow. Therefore, the onset of flow separa-
tion can be delayed. For example, Stevens and Williams ( 1980)
showed, for an annular diffuser with constant inner diameter,
that increasing the turbulence intensity leads to an improvement
in flow stability at the diffuser exit. Hoffmann and Gonzalez
(1984) showed, for a two-dimensional diffuser with free dis-
charge, that increasing the turbulence level to at least 3.5 percent
can improve the pressure recovery drastically. Their data, for
example, for a diffuser geometry with a ratio of diffuser length
{ to inlet height h, = 15 and an opening angle of 2& = 20 deg,
show an increase in pressure recovery from C, = 0.58 without
turbulence generator to C, = 0.71 at increased turbulence level.

This improvement in C, for the condition of increased turbu-
lence intensity is a result of the improved velocity profile with
a symmetric velocity distribution because of a delayed flow
separation.

The results of our experiments show that this tendency is
also valid for combustor dump diffusers. By mounting a turbu-
lence grid consisting of bars with a diameter of d, = 8 mm, the
turbulence intensity in the core region was increased from Tu
~ 1.5 to Tu =~ 6 percent with a nearly identical velocity distribu-
tion (see Fig. 13). At small opening angles, where the flow
inside the diffuser is attached and remains symmetric even at
low turbulence levels, increasing the turbulence intensity results
in an increased pressure recovery (see Fig. 14). At larger open-
ing angles, the effect of flame tube distance additionally has to
be taken into account; while at small flame tube distances (d/
hy = 0.74) the flow at increased turbulence intensity remains
symmetric throughout the prediffuser, the flow becomes unsym-
metric at large flame tube distances (d/h; = 2.51) due to a
fiow separation despite the increased turbulence intensity (see
Fig. 15).

Numerical Calculations

One of the major goals of the research program was to obtain
detailed experimental data with well-known boundary condi-
tions to get a better understanding of the complex correlations
between diffuser geometry and inlet flow conditions on one
hand and flow characteristics in combustor diffusers on the
other. Both the air and the water tunnel allow the study of the
influencing parameters by isolating the parameters of interest.
As aresult, a data base is available for the validation of numeri-
cal codes. The code used here is a finite volume code solving
the time-averaged Navier—Stokes equations on a body-fitted
coordinate system first described by Bauer (1989). To take into
account the turbulent nature of the flow, the standard k— ¢ model
was used. For all computations the inlet flow conditions as
measured two channel heights upstream of the beginning of the
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Fig. 13 Velocity and turbulence intensity profiles at the reference position
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Fig. 14 Influence of turbulence on overall pressure recovery (geometric data: 2% = 15 deg; //h, = 3.0)
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Fig. 15 Influence of turbulence on the velocity distribution inside the prediffuser (geometric data: 2® = 25
deg; I/h, = 3.0; upper diagrams: d/h, = 0.74; lower diagrams: d/h, = 2.51)

prediffuser have been used as boundary conditions. The length
scale was assumed to be 3 percent of the channel height at this
reference position. The turbulent kinetic energy was calculated
based on the measured fluctuating velocities and based on the
assumption of isotropic turbulence. Furthermore, at the exit of
the flame tube channels, the gradients were set to zero, and for
most of the geometries under examination symmetric conditions
were specified along the centerline of the diffuser models for
reasons of simplicity.

In the following, the results for a combustor diffuser having
a total opening angle of 2® = 15 deg, a length-to-height ratio
of {/hy = 3.0, resulting in an area ratio of AR = 1.78, and a
flame tube distance of d/h, = 1.26 are presented. The grid used
for this calculation had 46 X 30 lines in the x and y directions,
respectively. The computed flow field clearly demonstrates ex-
cellent agreement between the calculated and the visualized
flow field (see Fig. 16). An even better illustration of the capa-
bility of the numerical code is the flow field inside the predif-
fuser. This region is of special importance for the entire flow
field in the combustor diffuser. Therefore, a numerical code to
predict the flow inside a combustor diffuser should predict the
flow in this dominating region with relatively high accuracy.
The comparison of the calculated results with the results of the
LDV measurements show that the code used here basically is
able to fulfill this task. The calculated profiles of the time-
averaged velocities shown in Fig. 17 are in excellent agreement
with the measured values. The transformation of the velocity
profile passing through the prediffuser as well as the upstream
effect of the flame tube dome and the relative acceleration of
the flow in the near wall region is predicted correctly even
though no special attempts were made to discretize the near-
wall region. Other effects, for example the correlation between
inlet blockage and intensity of the flame tube’s upstream effect;
were also verified numerically. This is valid for all flame tube
distances under examination and for diffuser angles up to 2@
15 deg. However, up to now, the phenomenon found in
the experiments, that two similar flow situations may occur
in diffusers with large opening angles, could not be predicted
correctly. Currently, calculations are under way dealing with
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this problem using an advanced version of the computer code
as described in Benz and Wittig (1992). We plan to publish
the results of these computations.

Conclusions

Both experimental and numerical results of the flow field in
a model combustor diffuser are presented. Emphasis has been

Fig. 16 Comparison of the computed and visualized flow field for a
model diffuser with d/h, = 1.26, 2® = 15 deg, //h, = 3.0
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directed toward the flow field inside the prediffuser, which is
of special importance for the flow field in the entire diffuser—
combustor system. Both the experimental and the numerical
results show the dominating effect of the flame tube. For a
prediffuser length of I/h, ~ 3.0, flow separation inside the
prediffuser can be prevented up to opening angles of about 22
deg by decreasing the flame-tube distance. The largest opening
angle under investigation was 25 deg, corresponding to an area
ratio of about 2.3. At this opening angle, the flow can be forced
to reattach inside the prediffuser only for small flame tube dis-
tances, but is strongly distorted at the prediffuser’s exit due to
a separation bubble inside. At increased turbulence levels at the
prediffuser’s entry, the flow remains symmetric for small flame
tube distances even with large opening angles.

A comparison of the experimental data with the results of a
numerical computation demonstrates the capability of predicting
the flow field in combustor diffusers with reasonable accuracy,
at least for diffusers with an included total opening angle less
than 18 deg.

Future work will be directed toward the continuation of our
systematic investigations of inlet flow effects and will include
the investigation of contoured diffuser walls.
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Calculation of Two-Phase Flow
in Gas Turbine Combustors

A method. is presented for computing steady two-phase turbulent combusting flow in
a gas turbine combustor. The gas phase equations are solved in an Eulerian frame
of reference. The two-phase calculations are performed by using a liquid droplet
spray combustion model and treating the motion of the evaporating fuel droplets in
a Lagrangian frame of reference. The numerical algorithm employs nonorthogonal
curvilinear coordinates, a multigrid iterative solution procedure, the standard k— e
turbulence model, and a combustion model comprising an assumed shape probability
density function and the conserved scalar formulation. The trajectory computation
of the fuel provides the source terms for all the gas phase equations. This two-phase
model was applied to a real piece of combustion hardware in the form of a modern
GE/SNECMA single annular CFM56 turbofan engine combustor. For the purposes
of comparison, calculations were also performed by treating the fuel as a single
gaseous phase. The effect on the solution of two extreme situations of the fuel as a
gas and initially as a liquid was examined. The distribution of the velocity field and
the conserved scalar within the combustor, as well as the distribution of the tempera-
ture field in the reaction zone and in the exhaust, were all predicted with the combustor
operating both at high-power and low-power ( ground idle ) conditions. The calculated
exit gas temperature was compared with test rig measurements. Under both low and
high-power conditions, the temperature appeared to show an improved agreement
with the measured data when the calculations were performed with the spray model
as compared to a single-phase calculation.

A. K. Tolpadi

Fluid Mechanics Program,

General Electric Corporate
Research & Development,

P.0. Box 8, Mail Stop K1/ES-208,
Schenectady, NY 12301

Introduction

A gas turbine combustor is a complex combustion device
within which there exists a wide range of coupled, interacting
physical and chemical phenomena. Some of these phenomena
are fuel spray atomization and vaporization, turbulent transport,
finite-rate chemistry, NO, and CO emissions, radiation and par-
ticulate behavior. Depending on the issues being addressed,
models of varying degrees of sophistication have been em-
ployed. The level of sophistication is dictated by the computing
capabilities available and physical understanding of the flow.
Generally speaking, in order to model three-dimensional flows,
a compromise has to be made between the complexity of the
model and the speed of the computers available.

The prediction of hydrodynamic and thermal characteristics
of the flow in a gas turbine combustor requires consideration
of the two phases in the flow field, which are closely coupled
through mass, heat, and momentum exchange mechanisms. The
main task is associated with the modeling of the discontinuous
liquid phase and the coupling between the two phases. Another
issue is the assumption that is made about the characteristics
of the spray. In a gas turbine engine, it is generally believed
that under low power idle conditions, the residence time of the
liquid fuel droplets within the combustor is significant enough
to warrant a need for a two-phase computation. However, under
high-power conditions, the fuel may be assumed to be in a fully
vaporized state and therefore a single-phase calculation would
suffice.

Two approaches have been used in the literature to predict
the flow properties in situations where a spray of droplets is
injected in a turbulent gas field. In the first approach, Eulerian
conservation equations are applied to the gas phase with the
assumption of insignificant influence of local flow discontinu-
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by the International Gas Turbine Institute October 1992. Associate Technical
Editor: G. S. Samuelsen,
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ities induced by the presence of droplets in the gas phase. La-
grangian equations of the droplet motion and the thermal bal-
ance equations are applied to a finite number of droplet size
ranges representing the size distribution within the spray. The
trajectory computation of the droplets provides the source terms
for all the gas phase equations. The gas phase calculation
provides the updated velocity, temperature, and turbulence
field required by the Lagrangian analysis. This is the so-called
liquid droplet spray model. Crowe et al. (1977) investigated
this approach and illustrated its applicability by analyzing a
steady two-dimensional spray cooling problem. Banhawy and
Whitelaw (1980) calculated the flow properties of a confined
two-dimensional axisymmetric kerosene-spray flame. The com-
puted temperature and axial velocity profiles were found to be
in good qualitative agreement with measured experimental data.
They found the initial spray conditions and the initial velocity
of the droplets to be important. Gosman and Ioannides (1983)
included a stochastic treatment of turbulent dispersion effects.
In this treatment, the gas turbulence is randomly sampled during
each droplet’s flight, which influences its motion, and the gross
spray behavior is obtained by averaging over a statistically sig-
nificant sample of droplets. This same approach was employed
earlier for diesel engine sprays by Dukowicz (1980) and
O’Rourke and Bracco (1980). Sabnis and de Jong (1990) com-
pared the calculated flow field of an evaporating spray of liquid
freon with corresponding experimental data. The agreement was
found to be quite good. Aggarwal and Chitre (1991) computa-
tionally studied the structure of turbulent evaporating sprays
and examined the sensitivity of their vaporization behavior to
transient liquid-phase processes.

In the second approach developed by Williams (1962), the
spray was modeled through a conservation equation for a statis-
tical distribution function, defined as the number of droplets per
unit droplet diameter and velocity and spatial volume. This
equation is integrodifferential in character and its solution to-
gether with the gas conservation equations provides the required
model of the spray. This approach is costly in terms of computer
storage and time unless simplifications are introduced, such as
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Fig. 1 Geometry of a GE/SNECMA CFM56 single annular turbofan en-
gine combustor

the assumption of no slip between the droplets and the gases
or the representation of the spray by a very limited number of
droplet sizes. This method was further applied by Westbrook
(1977) and Ganesan and Spalding (1979).

This paper describes the development of a spray combustion
model that was used in analyzing the flow within an aircraft
engine gas turbine combustor. The gas phase equations are
solved in an Eulerian frame of reference. A fully elliptic three-
dimensional body-fitted computational fluid dynamics (CFD)
code based on pressure correction techniques has been devel-
oped for the gas phase. The numerical algorithm employs a
standard k- ¢ turbulence model and a combustion model com-
prising an assumed shape probability density function and the
conserved scalar formulation. This CFD code has the capability
of analyzing the complex geometric details of a modern gas
turbine combustor, including the swirl cup, splash plate, primary
and secondary dilution holes, film cooling slots, and multihole
cooling zones.

The liquid phase calculation is performed by using a droplet
spray model. The motion of the fuel droplets is treated in a
Lagrangian frame of reference. This provides the source terms
for all the gas phase equations. The gas phase calculation pro-
vides the updated velocity, temperature, and turbulence field
required by the trajectory analysis. Thus, the overall calculation
procedure iterates alternately between the CFD analysis of the
gas phase and the fuel spray computation until a converged
solution is obtained.

In a broader context, this segment of work is part of an
ongoing effort to validate computational tools being used by
aircraft engine combustor designers. As computing costs have
dropped over the years, CFD is being increasingly used by
combustion specialists to study phenomena such as droplet va-
porization, fuel —air mixing, particulate emissions, pattern factor
studies, etc. While CFD will never replace ‘‘hard core’’ testing,
itis a very powerful tool that can provide a good initial guidance
to design. It is therefore always essential to verify computations
against experimental data. The phenomenon of two-phase flow
in a complex piece of combustion hardware such as an aircraft
engine combustor is very complex; to this end this work was
undertaken to calculate the flow in such a configuration and to
examine the effect on the flow field of the two extreme scenarios
of (1) the fuel in the gas phase and (2) the fuel initially in
the liquid phase. The combustor analyzed was a modern GE/
SNECMA single annular CFM56 combustor (schematically
shown in Fig. 1) operating under both high-power and low-
power conditions. The flow field, fuel distribution, and the tem-
perature field within the combustor were all calculated using
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both the single-phase and the two-phase model. Comparisons
were made with test rig measurements of the exhaust gas tem-
perature field. The calculated exhaust gas temperature field ap-
peared to show better agreement with test data when the spray
combustion model was used.

Methodology

Mathematical Description of the Gas Phase. The govern-
ing equations are those representing the conservation of mass
and momentum in the three coordinate directions. Turbulence
is modeled using the standard k— ¢ model along with the wall
function treatment for near-wall regions. The combustion model
utilizes a conserved scalar variable for the fuel mixture fraction
with assumed probability density function (PDF) and a fast
chemistry approach for the turbulence/chemistry interaction
(Shyy et al., 1986, 1988). A conservation equation is also writ-
ten for the fluctuation in the mixture fraction (Jones and
Whitelaw, 1982). This fluctuation is modeled as the variance
of the mixture fraction. The equilibrium temperature and density
for the fuel are initially obtained as a function of the mixture
fraction. Assuming a beta PDF, and convoluting this equilib-
rium distribution with the PDF, a look-up table is generated
that contains the density and the temperature as a function of
the mixture fraction and variance (Shyy et al., 1986). The fully
elliptic form of the three-dimensional conservation equations
may be written in general for a conserved variable ¢ in
Cartesian coordinates as

9 9 9 _9 (00
oy (pud) + B (pvd) + o2 (pwe) = e (F 6x>

O (r0¢) 08 (. 0¢
+ay<r ay) +az<r 62) F Ry, 2 (1)

where p is the fluid density, I is the effective diffusion coeffi-
cient, u, v, and w are the three Cartesian velocity components,
and R is the source term, which depends on the equation being
considered. Eight equations were solved, with the dependent
variable ¢ representing each of the variables u, v, w, pressure
correction (corresponding to the continuity equation), turbulent
kinetic energy k, turbulent dissipation e, mixture fraction, and
the variance of the mixture fraction. The temperature field is
obtained from the thermochemical look-up table by linear inter-
polation based on the calculated values of the mixture fraction
and its variance.

Using a coordinate transformation, these equations are trans-
formed from, in general, an arbitrarily shaped physical domain
to a rectangular parallelepiped. The equations are solved in this
boundary-fitted coordinate system, A staggered grid system as
described by Patankar (1980) is used for the calculation. The
scalar variables are located at the center of the control volumes,
while the velocity components are located at the control volume
faces. After making finite difference approximations to the
equations, they are solved by a SIMPLE-like algorithm (Pa-
tankar, 1980) extended to the curvilinear coordinate system.
The governing equations together with their discretization and
the numerical algorithm have been described in detail by Tol-
padi and Braaten (1992) and Shyy and Braaten (1986). The
finite differencing scheme used here is a hybrid differencing
scheme (Patankar, 1980).

Mathematical Description of the Liquid Phase. This
model assumes the fuel is injected into the combustor as a
fully atomized spray, which consists of spherical droplets. The
droplet size distribution function used is one developed by
Rosin and Rammler (1933) and is given by the relation
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where Q = fraction of the total volume contained in drops of
diameter less than D; SMD = Sauter mean diameter of the
spray; ¢ = drop size spread parameter. Figure 2 shows the
droplet size distribution function for two different values of the
SMD. The maximum droplet diameter is approximately 2.5
times the SMD of the spray. The magnitude of g for most
sprays is 2.5 (Lefebvre, 1989). A finite number of size ranges
is selected and for each size range, the droplet trajectories,
velocities, size, and temperature history are obtained by solving
the momentum and thermal balance equations.

The equation of motion of a spherical droplet is given by the
following equation, where the dynamic mechanism of the mo-
tion is based on the concept of relaxation time:

4y, V.-,
dt Td

(2)

(3)

where V, = velocity vector of droplet; V. = velocity vector of
continuous gas phase; 7, = dynamic relaxation time of the
droplet. The dynamic relaxation time of the droplet, 7, is de-

fined as
4 ( p,D? 1
Tyg==|—
3 He Cp Re

where D = droplet diameter; p, = droplet density; p, = density
of continuous phase; Cp = viscous drag coefficient; u, = viscos-
ity of the continuous phase; Re = relative droplet Reynolds
number. An important quantity here is the drag coefficient Cp.
There are several expressions available in the literature, each
of which has an experimental basis. In this study, Cp is taken
from Wallis (1969):

(4)

Cp = ;—4 (1 + 0.15 Re®®), Re = 10°
e

Cp =044 Re > 10° (5

The mass transfer rate from the liquid to the gas for a station-
ary droplet is given by (Spalding, 1953):

Kc

pe

m, = 2wD In (1 + B) (6)
where #1, = droplet mass transfer rate; K, = thermal conductiv-
ity of gas phase; C,. = specific heat of gas phase; B = mass
transfer number = C,,(7.. — T,)/L; C,, = specific heat of
vapor; T, = temperature of gas phase; T, = droplet surface

Journal of Engineering for Gas Turbines and Power

temperature; L = latent heat of vaporization at temperature T,.
By combining Eq. (6) and the lumped parameter expression
for the droplet mass transfer, the rate of change of droplet
diameter is obtained. A correction factor has to be included for
a moving droplet (Williams, 1973) and the final equation for
the droplet evaporation rate becomes

D__ Gy e
dt D
where
C, = 4K. In(1 + B)
PpCpe

K, =1+ 028 Re®

The droplet temperature during the preheating period is deter-
mined by a lumped parameter analysis. A thermal balance equa-
tion is written for a droplet moving in a gas stream assuming
no evaporation takes place during preheating. This equation is
given by

dr, _6n(T. — T,) (8)
dr 2,CppD

where C,, = specific heat of the liquid; 7, = liquid temperature;
h = heat transfer coefficient. The heat transfer coefficient is
given by the following correlation for the Nusselt number Nu
(Ranz and Marshall, 1952):

Nu =2 + 0.6 Re'? Pr'? 9)
Equation (8) is solved only during the preheating period until
the droplet temperature reaches the boiling point. Subsequently
the droplet temperature remains constant.

Equations (3), (7), and (8) form a closed set of equations
that are solved with appropriate initial conditions. These equa-
tions are solved by a Runge—Kutta method and provide the
variation of the droplet position, velocity, size, and temperature
as it moves in the gas stream. These equations written above
in the time domain are transformed to the space domain in
which incremental length steps (As) are taken sequentially as
a droplet traverses the calculation region. This step size is dy-
namically adjusted based on the droplet velocity, grid cell size,
and evaporation rate.

As stated in the Introduction, the effect of turbulence on the
droplet motion is simulated using a stochastic approach. This
essentially requires the knowledge of the instantaneous gas ve-
locity in Eq. (2). This is obtained from the computed mean
velocity and the turbulence kinetic energy. The turbulence is
assumed to be isotropic and to possess a Gaussian probability
distribution in the fluctuating velocity, whose standard deviation
is (2k/3)'? (Gosman and ITaonnides, 1983). The distribution
is randomly sampled to get the instantaneous gas phase velocity.

Results

A modern General Electric/SNECMA CFMS56 turbofan en-
gine combustor is analyzed in this study. The combustor is
annular with 20 swirl cups equally spaced along the circumfer-
ential direction. Within a single-cup sector of 18-deg span, there
are five dilution holes (two primary and three secondary) on
both the top and bottom surfaces. There are also seven and six
film cooling slots on the top and bottom surfaces, respectively.
The calculations are conducted for the flow in a single-cup
sector with periodic boundary conditions being imposed on the
two side planes. All of the numerical results presented in this
paper were obtained on a grid of 58 X 26 X 34 nodes along
the £ (inlet/outlet; I-direction), n (top/bottom; J-direction),
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Fig. 3 Three-dimensional view and grid of a single cup sector of an
annular combustor

and vy (left/right; K-direction) coordinates. Figure 3 shows the
grid with several grid lines removed and this was done to avoid
cluttering up the figure. The dilution holes and film cooling
slots on the top wall can be clearly seen in this figure. This grid
containing 51,272 nodes was the maximum size that could be
used within the available computing resources. In previous work
(Shyy et al., 1988; Tolpadi and Braaten, 1992), grids with
50,000-60,000 nodes have been used successfully. Numerical
diffusion is always present with very coarse grids but is mini-
mized as the grid is made finer.

Calculations were performed at full (high) power and low-
power conditions of operation. The fuel used is Jet A. The
operating conditions at high power correspond to that at sea
level take off. The distributions of the mass flows through the
swirl cup, splash plate, film cooling slots, and dilution holes
are 18, 13, 39, and 30 percent, respectively. This distribution
was obtained with a semi-empirical one-dimensional flow anal-
ysis code used at GE-Aircraft Engines. The low power situation
corresponds to the one at ground idle. The distribution of the
mass flows in this case were 23, 12, 35, and 30 percent, respec-
tively. All solutions were obtained on a Cray Y-MP. A single-
phase solution typically required about 45—-50 minutes of CPU
time with the stated grid while a two-phase calculation took
60-70 minutes for a converged solution. The solutions obtained
were declared converged when the maximum residue in the
Eulerian transport equations solved was driven below 0.001.

High-Power Conditions. All calculations were performed
with a turbulent Schmidt number of 0.5. Figure 4 shows the
velocity vectors on a sideview plane obtained using the spray
combustion model. The complicated and strong interactions be-
tween the flow out of the main dome inlet, holes, and slots is
quite evident. The opposing dilution jets impinge on each other,
resulting in a multiple core structure of the hot gas in the central
part of the combustor. Very strong recirculatory patterns are
produced in various cross sections that persist through the exit
plane. The film cooling fluid and the dilution jets create large
temperature gradients in the flow field and will be seen later.

Comparison will now be made in the predictions of the distri-
bution of temperature and the conserved scalar between the
single-phase calculations and the computations with the spray
model, which were found to show significant differences. It is
important first to understand the differences in the initial and
boundary condition specification between the two cases. There
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are differences in the inlet fuel field. For the single-phase calcu-
lation, a finite conserved scalar distribution is specified at a
selected number of nodes at the inlet whose profile is based on
the inlet swirl cup parameters (the maximum value of the inlet
conserved scalar was 0.1258 for the high power case and 0.0566
for the low power case). Thus the fuel is assumed to come into
the chamber in a fully vaporized state. With the spray model,
the fuel is assumed to enter from the inlet (left boundary) as
liquid droplets. The physical locations at the inlet plane where
the liquid fuel enters are the same as those where the gaseous
fuel entered in the single-phase model. It is very difficult to
specify the spray initial conditions as it leaves the atomizer. In
this work, the first calculation plane chosen was the swirl cup
exit plane, thus eliminating the need to know the exact spray
conditions at the atomizer exit. Both experimental (Wang et
al., 1992) and computational (Tolpadi et al., 1995) studies are
presently being performed to understand the complex two-phase
flow in the swirl cup of an engine. These studies are expected
to give a better representation of the spray at the inlet plane of
this calculation. However, in this work, the initial droplet size
distribution was assumed to be the Rosin—Rammler function.
In the absence of any experimental evidence, the initial droplet
velocity is assumed to be the same as the corresponding gas
phase. This is justified considering that the very high droplet
velocities at the pressure atomizer would be quickly reduced
due to drag by the time the droplets reach the inlet plane of
this calculation. A zero conserved scalar field was specified at
the inlet, but as the fuel vaporizes within the combustion cham-
ber, the conserved scalar gets set as internal sources of fuel.
The fuel mixture fraction variance is set at its maximum possible
value. Care was taken to ensure that the flow rate of air at the
inlet as well as the dilution holes/slots were identical for both
calculations. Also, the inlet mass flow rate of gaseous fuel in
the single-phase analysis was the same as the total flow rate of
liquid fuel in the two-phase analysis. With these specifications,
the calculated exit average fuel to air ratio was found to be
identical in both cases, as expected.

The spray parameters were SMD = 50 pym and five size
ranges. This value of 50 um was arrived at by referring to the
work of Simmons and Harding (1990) in which among others,
SMD measurements have been reported as a function of the
injector nozzle pressure difference. From a knowledge of the
atomizer pressure drop at high power, and using the appropriate

Fig. 4 Velocity vectors in the side view plane K =28, high power condi-
tions, spray model

Transactions of the ASME

Downloaded 02 Jun 2010 to 171.66.16.102. Redistribution subject to ASME license or copyright; see http://www.asme.org/terms/Terms_Use.cfm



the spray model. The overall exit temperature field may be seen
to have slightly decreased with the spray model. The explana-
tion of this observation lies in the nature of the fast chemistry
combustion model used in this study. As stated earlier, there is
a significant difference in the specification of the mixture frac-
tion and its variance between the single-phase analysis and
the spray calculation. This results in differences in the mixing
patterns as seen, for instance, in Figs. 6(a) and 6(b). The
fuel gets redistributed when the spray calculation is performed.
Although the total quantities of both fuel and air exiting the
combustor are identical in the two cases, differences in the
mixing result in differences in the field of the local conserved
scalar (mixture fraction) and its variance at the exit. Therefore,

Fig. 5 Fuel droplet trajectories projected on the midplane, high power
conditions

0.
1.09e-02
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32702
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SMD versus nozzle pressure curve, the SMD for this work was
estimated to be 50 m. Both deterministic (where the gas phase
turbulence is assumed to have no effect on the droplet motion)
and stochastic calculations were performed. The flow solutions
obtained were practically similar under the inlet conditions used.
In the stochastic calculation, ten computational droplets were
used per size range and per fuel inlet cell. Qut of the 768
computational cells in the inlet plane, the fuel enters from 248

N\
ZEZTRCTZOTOTOD >

of these locations. Figure 5 shows the deterministic trajectories ;FDF-MEAN

of the fuel droplets. These trajectories are in three-dimensional Jpata range: 0 - 0.1268
space but this figure shows a projection of the paths in a vertical jfcontour interval: 0.0109
midplane. To avoid cluttering up this figure, only a few trajecto- .o r::‘:f’;“s’ 1

ries are shown here. The trajectories stop once a fuel droplet Tot max: 0.1417,

vaporizes. It may be observed that most of the fuel vaporizes
in the combustion zone over the beginning 15-20 percent length
of the combustor. It is not evident from Fig. 5 but it must
be remembered that along a trajectory, the droplet diameter
is continuously decreasing before full vaporization. The spray
model thus gives one an idea of the distance traversed by the e
fuel before vaporization. Any unburned fuel leaving the back
end of the combustor would be predicted. This calculation was
also repeated by using ten size ranges; the results obtained did
not change significantly.

An interesting effect observed with the spray model was the
redistribution of fuel within the combustion chamber. Figures
6(a) and 6(b) show contours of the mean conserved scalar in
a vertical plane without and with the spray model. The peak
value of the conserved scalar is 0.142 with the spray model and Mg
is 0.126 without the spray model. This fuel re-distribution re-
sults in differences in the temperature field. Figures 7(a) and
7(b) show contours of the nondimensional temperature in a
different vertical plane. In the fast chemistry model used here,
the temperature at any location is a function of the mean con-
served scalar and the variance of the mean scalar. With the
spray model, the redistribution of the field of mixture fraction

Fig. 6(a) Contours of the mean conserved scalar in the side view plane
K = 11, high power conditions, single phase model
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zZr"t‘-"':nﬂNan>\
(=3

values together with its variance results in a higher peak temper- e

ature within the reaction zone. It also results in a lowering of gﬂ:m range: 0 - 0.141738
the temperature field near the upper and lower walls. The cool- ; -

: : . . [ Jcontour interval: 0.0109
ing fluid entering from the primary and secondary dilution holes 1o of intervars: 13

and the film slots causes a lowering of the overall temperature fPot min: 0

near the walls in both cases. JP1ot mex: 0.1417,

Of most interest to designers is the temperature distribution v

in th? eXit. plane. Figures 8_(‘1) and. 8(b) ShO_W contours .Of Fig. 6(b) Contours of the mean conserved scalar in the side view plane
nondimensional temperature in the exit plane without and with K = 11, high power conditions, spray model
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Fig. 7(a) Contours of non-dimensional temperature (7/Tiqet) in the side
view plane K = 17, high power conditions, single phase model
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Fig. 7(b) Contours of non-dimensional temperature (T/ Tinter) in the side
view plane K = 17, high power conditions, spray maodel

the temperature field, which in this fast chemistry approach is
obtained from a look-up table (based on local values of the
mixture fraction and its variance), also changes. Physically,
the difference in the calculated mixture fraction field results in
differences in the reaction heat release rate (which has a nonlin-
ear dependence on the mixture fraction). This means that there
is a difference in the energy of the gas stream leaving the
combustion zone. This results in the lower temperature of the
exhaust gas.

The measured isotherms for this case are shown in Fig. 9.
These measurements were obtained in a full annular test rig
using thermocouple rakes at a testing facility at GE-Aircraft
Engines. Reasonable agreement may be observed between Figs.
8(b) and 9 in terms of the salient features of the flow field such
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Fig.8(a) Calculated contours of non-dimensional temperature (T/Tinet)
in the exit plane, high power conditions, single phase model
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Fig. 8(b) Calculated contours of non-dimensional temperature (T/Tiniet)
in the exit plane, high power conditions, spray model

as the wavy pattern and the hot/cold gas distribution. In making
a comparison, it should be remembered that there are uncertain-
ties associated with both the experimental and numerical results.
The errors in the numerical results are due to the uncertainty
of the velocity and mass flow specified at various inlets, the
assumption of fast chemistry, the assumption of a standard k—
¢ turbulence model, and neglect of radiation effects. The numer-
ical error may also be associated with the uncertainty in the
conditions of the incoming spray, and the fluid flow amounts
specified at all inlets. The experimental errors are due to cup-
to-cup nonuniformity, radiation losses from the thermocouples,
and those caused by the intrusion of the probes into the flow.
It should also be noted that the thermocouples can only be
placed up to a finite distance from the walls; thus the lower
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Fig. 9 Experimentally measured isotherms (7/Ti..1} in the exit plane

temperature near wall isotherms cannot be captured by the mea-
surements. A fairer method of comparing results is to average
the temperature distribution in the circumferential direction and
obtain an average profile of the temperature field between the
inner and outer end of the annulus. Figure 10 shows the tempera-
ture profile in the exit plane. While the calculation with the
single-phase model consistently overpredicts the temperature
over the entire cross section, the calculation with the spray
model overpredicts the temperature in certain regions and un-
derpredicts it in other regions but overall appears to show better
agreement with the test data. Considering that several numeri-
cal and experimental uncertainties (listed earlier) exist, the
agreement obtained here between test data and the calculations
is quite encouraging.

Low-Power Conditions. Similar calculations were per-
formed at low-power conditions. The spray parameters were
SMD = 100 pum (Simmons and Harding, 1990) and five size
ranges. Out of the 768 computational cells in the inlet plane,
the fuel enters from 152 locations. Figure 11 shows a few of
the trajectories. Comparison with Fig. 5 shows that the fuel
traverses a much greater distance before vaporizing when the
combustor operates under idle conditions. In fact, some of the
fuel remains unburned and escapes through the back end of the
combustor, although this is only 0.355 percent of the incoming
fuel. Some of the fuel reaches the combustor walls, where it is
assumed to evaporate fully upon contact. (It must be noted that
even though there are quite a few trajectories in Fig. 11 getting
through the back end or reaching the combustor walls, the final
diameter of the fuel droplets is significantly less than the initial
size.)

The effect of the spray model on the temperature field in the
combustor under idle conditions was found similar to the effects

0.8

1 - Single phase model
2 - Spray model
3 ~ Measurements

0.6 +

£
>
0.4 I R
o2t e
0.0 ! . : ; L e
1.6 1.7 1.8 1.9 2.0 2.1 2.2 2.3 2.4
T/Tinlet
Fig. 10 Profile of circumferentially averaged temperatures in the exit
plane-calculated and ed, high power
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Fig. 11 Fuel droplet trajectories projected on the midplane, low power
conditions

observed at high power. Figures 12(a) and 12(b) show con-
tours of nondimensional temperature in a particular vertical
plane obtained without and with the spray model. Again, the
peak temperature in the reaction zone is found to be higher and
the fluid temperature near the upper and lower walls decreases
when the spray model is used.

Exit plane temperature data were also obtained at simulated
low-power conditions in a full annular test rig. These data were
circumferentially averaged and Fig. 13 compares the calculated
temperature profile with the measurements. Again, it may be
seen that the exit temperature field decreases when the spray
model is used. The calculations show a better agreement with
the test data with the spray model. Thus, both at high and low-
power conditions, the calculations appear to compare better
with the measurements when the spray model is employed. The
differences observed in the exit temperature profile in going
from a single-phase to a two-phase model are no doubt small
under both power conditions, but the shifts in both Figs. 10 and
13 are clearly in the direction of better agreement with the
data. In a number of two-phase flow situations with droplets,
researchers have observed a greater impact on the flow field by
using a spray model; a gas turbine engine, however, operates
at very high temperatures, which is the reason why smaller
differences have been observed in this work.

Conclusions

A liquid droplet spray combustion model has been developed
for studying the flow within gas turbine combustors. This model
uses an Eulerian—Lagrangian approach whereby the gas phase
equations are solved in an Eulerian frame of reference and the
liquid phase equations are solved in a Lagrangian frame of
reference. The motion of individual fuel droplets is tracked as
they vaporize within the combustor; this provides the source
terms for the gas phase equations. A typical single annular
(CFM56) combustor was analyzed. Calculations were per-
formed at both high and low-power conditions. The flow field,
fuel distribution, and the temperatures within the combustor
were computed. The fuel distribution showed a change between
a single-phase and a two-phase calculation. The calculations
indicate that the temperature in the reaction zone increases and
the temperature of the fluid near the walls decreases when the
spray model was used. The exhaust gas temperature field was
found to be lower with the two-phase analysis. This reduction
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may be attributed to differences in the calculated mixing pat-
terns, as explained earlier. The spray model also gives a measure
of the vaporization distance for the fuel within the combustor.
The experimental information available was limited but a com-
parison revealed that the exit temperature field showed slightly
better agreement with the test data when the calculations were
performed with the spray model. This was observed for both
high and low-power regimes of combustor operation.

Past experience (Shyy et al., 1988, 1986) has indicated that
the physical models used have the greatest impact in the model-
ing of gas turbine combustor phenomena. Although factors such
as grid size, entering air, fuel boundary conditions, etc., are
important, these do not have as much of an influence on the
results as the physical models themselves. The primary contri-
bution of this paper is the application of a two-phase liquid
spray physical model to a real piece of combustion hardware,
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Fig. 12(a) Contours of non-dimensional temperature (7/Ty.) in the
side view plane K = 10, low power conditions, single phase model
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Fig. 13 Profile of circumferentially averaged temperatures in the exit
plane-calculated and measured, low power

and its evaluation in the calculation of the corresponding flow
and temperature field. With the spray model, the circumferen-
tially averaged exhaust gas temperature field showed a small
change relative to the single-phase model but certainly indicated
closer agreement. Under most modes of operation of aircraft
engine combustors, the assumption of fully vaporized fuel is
not a bad one, but under conditions of very low power, a two-
phase flow model may have to be used to get more accurate
results,
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Numerical Computation and
Validation of Two-Phase Flow
Downstream of a Gas Turbine
Combustor Dome Swirl Cup

The two-phase axisymmetric flow field downstream of the swirl cup of an advanced
gas turbine combustor is studied numerically and validated against experimental
Phase-Doppler Particle Analyzer (PDPA) data. The swirl cup analyzed is that of a
single annular GE/SNECMA CFM56 turbofan engine that is comprised of a pair of
coaxial counterswirling air streams together with a fuel atomizer. The atomized fuel
mixes with the swirling air stream, resulting in the establishment of a complex two-
phase flow field within the swirl chamber. The analysis procedure involves the solution
of the gas phase equations in an Eulerian frame of reference using the code CON-
CERT. CONCERT has been developed and used extensively in the past and represents

A. K. Tolpadi

General Electric Corporate Research
and Development,

P.0. Box 8, Mail Stop K1-ES 206,
Schenectady, NY 12301

D. L. Burrus a fully elliptic body-fitted computational fluid dynamics code to predict flow fields in
practical full-scale combustors. The flow in this study is assumed to be nonreacting
and isothermal. The liquid phase is simulated by using a droplet spray model and

R. J. Lawson by treating the motion of the fuel droplets in a Lagrangian frame of reference.

Extensive PDPA data for the CFM56 engine swirl cup have been obtained at atmo-
spheric pressure by using water as the fuel (Wang et al., 1992a). The PDPA system
makes pointwise measurements that are fundamentally Eulerian. Measurements have
been made of the continuous gas phase velocity together with discrete phase attributes
such as droplet size, droplet number count, and droplet velocity distribution at various
axial stations downstream of the injector. Numerical calculations were performed
under the exact inlet and boundary conditions as the experimental measurements.
The computed gas phase velocity field showed good agreement with the test data.
The agreement was found to be best at the stations close to the primary venturi of
the swirler and to be reasonable at later stations. The unique contribution of this
work is the formulation of a numerical PDPA scheme for comparing droplet data.
The numerical PDPA scheme essentially converts the Lagrangian droplet phase data
to the format of the experimental PDPA. Several sampling volumes (bins) were
selected within the computational domain. The trajectories of various droplets passing
through these volumes were monitored and appropriately integrated to obtain the
distribution of the droplet characteristics in space. The calculated droplet count and
mean droplet velocity distributions were compared with the measurements and
showed very good agreement in the case of larger size droplets and fair agreement
for smaller size droplets.

General Electric Aircraft Engines,
1 Neumann Way,

Mail Drop A309,

Cincinnati, OH 45215

under both coswirl and counterswirl conditions, a closed recir-
culation zone is created at the centerline. The recirculation zone
was found to contain low-velocity fluid with large turbulence
intensities and high dissipation rates.

More recently, experiments have been conducted to charac-
terize the droplet and continuous phase flow fields within a
swirling air stream introduced co-annularly around a liquid at-
omizer (Wang et al., 1992a, 1992b, 1991; Bachalo et al., 1990).
Droplet sizes and droplet velocities were measured at several
axial stations using a Phase-Doppler Particle Analyzer (PDPA),
which provided information regarding the degree and efficiency
of atomization. The droplets were found to recirculate together
with the continuous phase. Also, significant slip velocities were
observed that were greater for larger size droplets.

Introduction

Imparting of swirl to the incoming air stream is an essential
feature of modern gas turbine combustors. By introducing swirl,
mixing is enhanced and a recirculation zone is established that
improves flame stabilization. This mixing can be further en-
hanced by having a pair of coaxial swirling streams that are
counterrotating. The injected fuel, the oncoming air stream, and
the hot reaction products would all get well mixed.

Much work has been done to understand the nature of both
reacting and nonreacting single-phase swirling flows (Mehta et
al., 1989; Habib and Whitelaw, 1980; Ramos and Somer, 1985;
Gouldin et al., 1983). All of these studies have been of experi-
mental nature wherein the mean velocities, turbulence intensit-
ies, and Reynolds stresses within the swirl region have been
measured using hot wires, five-hole probes, and Laser-Doppler o
Aneometry (LDA). These measurements have revealed that Motivation

While on one hand, there is a fair amount of droplet spray
data available in the literature, unfortunately not much of it has
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been used to validate computational fluid dynamics (CFD)
codes directly. The goal of this present study is to perform a
numerical analysis of the two-phase swirling flow in a real
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combustor swirl cup and to compare the calculated results
against corresponding experimental PDPA data. What makes
this work unique is the effort to perform a numerical/experi-
mental verification of both the gaseous and liquid phases in a
real piece of combustion hardware.

In a broader context, this segment of work is part of an
ongoing effort to validate computational tools being used by
aircraft engine combustor designers. As computing costs have
dropped over the years, CFD is being increasingly used by
combustion specialists to study phenomena such as droplet va-
porization, fuel—air mixing, particulate emissions, pattern factor
studies, etc. While CFD will never replace ‘‘hard core’’ testing,
it is a very powerful tool that can provide a good initial guidance
to design. It is therefore essential to verify computations contin-
uously against experimental data. The phenomenon of two-
phase flow in an aircraft engine combustor is very complex; to
this end, this work was undertaken to calculate both the continu-
ous and discrete phases present in a combustor dome swirl cup
with the objective of comparing them against test data.

The combustor chosen for this purpose is a GE/SNECMA
single annular CFM56 engine combustor and is shown schemat-
ically in Fig. 1. The encircled portion is the swirl cup region
that is shown separately further below in the figure. The swirler
is a dual-stage counterrotating swirler assembly shown in
greater detail in Fig. 2. The swirler assembly is comprised of
four principal components. Air flow from the primary swirler
is injected through eight equally spaced holes drilled into the
part at a compound angle, 24 deg relative to vertical and 20
deg tangential. The primary swirler component also contains
the retainer for the fuel injector. The flow coming out of the
primary swirler is strictly three dimensional, but is approxi-
mated to be two dimensional axisymmetric to simplify the anal-
ysis. This approximation is done by matching the mass flow
and by forcing the axial, radial, and swirl velocity components
to scale in proportion to the flow angles of the swirler hardware.
The inlet velocity distribution is thus determined based on conti-
nuity. The secondary swirler is of the radial inflow type. It
contains ten equally spaced vanes at an angle of 70 deg relative
to the radial. The flow coming out of the secondary swirler is
actually two dimensional. A venturi section is used to separate
the two counterrotating air streams initially. Fuel from the injec-
tor nozzle is initially sprayed onto the surface of the venturi
where it forms a thin film. As the fuel film travels to the end
of the venturi, it encounters the shear generated between the
two counterrotating air streams. The high-intensity turbulence
in this shear layer serves to re-atomize the fuel film at the
trailing edge of the venturi into fine droplets that then exit the
swirler assembly through a 90 deg conical exit flare. The flare
controls the radial dispersion of the mixture as it leaves the
swirler and enters the combustion chamber. PDPA data for this
swirl cup have been obtained by Wang et al. (1992a). The air
was at atmospheric pressure and water was used in lieu of liquid
fuel. The flow conditions and other details of the experiments
have been described by Wang et al. (1992a) and will not be
repeated here. Droplet size and velocity information have been
obtained at three axial stations downstream of the injector.

The flow field was calculated under the same experimental
conditions by assuming that it is two-dimensional and axisym-
metric. An Eulerian—Lagrangian approach was used. The gas
phase equations are solved in an Eulerian frame of reference
by using the two-dimensional version of the CONCERT code.
CONCERT is a fully elliptic body-fitted CFD code based on

Nomenclature

CFM56 ENGINE COMBUSTOR SWIRLER COMPONENTS

Fig. 1 Schematic diagram of a GE/SNECMA CFM56 engine combustor
that shows the swirler

pressure correction techniques (Patankar, 1980) and has been
developed extensively (Shyy et al., 1988; Tolpadi, 1992) at
General Electric. It represents a comprehensive algorithm that
combines reasonable combustion models with good numerical
procedures to yield a modeling capability for flows in practical
gas turbine combustor geometries. In this work, since the experi-
ments did not involve combustion, the flow was assumed to be
isothermal and nonreacting. The liquid phase is modeled by
treating the motion of the fuel droplets in a Lagrangian frame
of reference. The gas phase calculation provides the updated
velocity and turbulence field required by the trajectory analysis.
To make a one-on-one comparison with the measurements, a
numerical PDPA scheme was set up wherein several sampling
volumes were selected, and the trajectories of the different drop-
lets passing through them were monitored and appropriately
integrated. The development of this numerical PDPA scheme
is the major contribution of this paper.

Methodology

Mathematical Description of the Gas and Liquid Phases.
The governing equations for the gas phase are those representing

U = axial velocity
V =radial velocity

dn/n = normalized droplet number
count
R = radial distance from the center-
line
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Fig. 2 Details of the CFM56 swirl cup

the conservation of mass and momentum in the two coordinate
directions. All three velocity components, including the swirl
velocity, are considered, but they are each functions of only
two coordinates. Turbulence is modeled using the standard k-
¢ model along with the wall function treatment for near-wall
regions. Using a coordinate transformation, these equations are
transformed from an arbitrary physical domain to a rectangular
parallelepiped. After making finite difference approximations
to the equations, they are solved using the SIMPLE algorithm
(Patankar, 1980). The numerical algorithm details are available
from Tolpadi and Braaten (1992) and Tolpadi (1995).

The treatment of the liquid phase has been described in detail
by Tolpadi (1995) and only the important details will be given
here. A droplet spray model is used. The trajectories of the fuel
droplets that are assumed to be spherical are obtained within
the calculation region based on the gas phase velocity and turbu-
lence field obtained from CONCERT. Ordinary differential
equations are written for the droplet motion that are integrated
to give the drop velocity and position during its travel. The
integration is performed using a Runge—Kutta method. It is
assumed that there is no evaporation, thus implying that the drop
diameter does not change with position. The drag coefficient on
the droplet is obtained from experimental correlations taken
from Wallis (1969).

Numerical PDPA Scheme. The Phase-Doppler Particle
Analyzer makes pointwise measurements that are essentially
Eulerian, that is, the PDPA focuses on a point in the flow field
and makes measurements of the droplets as they pass through
the point, Various droplet characteristics are measured. The
PDPA makes measurements over several size ranges. For each
size range, the following are measured (among others): (1) the
droplet number count, i.e., the number of droplets detected per
unit time, (2) the mean droplet velocity, and the (3) rms veloc-
ity. The PDPA system used by Wang et al. (1992a) measured
two perpendicular velocity components simultaneously. The
third velocity component was obtained by rotating the PDPA
by 90 deg. This procedure was used to obtain the droplet infor-
mation at various selected locations in the flow.

Comparison of the droplet phase data with the results from
a CFD code is very challenging. This is because of the fact
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that while on one hand the PDPA makes pointwise Eulerian
measurements, on the other hand the numerical calculation of
the droplets in any CFD code is usually performed in a Lagran-
gian frame of reference. Thus, in order to make a one on one
comparison of the discrete liquid phase that is meaningful, it
is necessary to either transform the PDPA information to the
Lagrangian frame of reference or convert the droplet informa-
tion from the CFD code to the format of the experimental PDPA.
In this paper, the latter approach is chosen. Wang et al. (1992a)
obtained experimental data at three axial locations at distances
of 17 mm, 26 mm, and 36 mm from the end of the venturi (Fig.
2). At each of these axial positions, PDPA measurements were
made at several radii. To compare the calculated droplet param-
eters against this data, the initial condition of the droplets as
they leave the swirler assembly is required. Obviously this was
not measured and is generally the biggest unknown in such
droplet studies. Therefore, the best that can be done is to use
the experimental data at the first station (17 mm) as the initial
condition for the trajectory analysis. Measurements were made
over six droplet size ranges: 1-10.56 pm, 10.57-20.26 pm,
20.27-29.95 pm, 29.97-39.65 um, 49.37-59.04 um, and
73.61-88.14 um. It may be noted that in the work of Wang et
al. (1992a), the data in the two size ranges 39.66-49.36 um
and 59.05-73.60 pm were not reported even though they were
measured. This was done because from a physics standpoint,
these two size ranges did not reveal anything that was different
from the other adjacent size ranges. Each size range was consid-
ered separately, and a mean droplet size was assigned for the
trajectory analysis. The droplet number count information at
the first station (which can be thought of as the droplet source
station) was normalized, which provided the initial droplet dis-
tribution along the radius. A statistically large number of trajec-
tories were initialized at the source station in the same propor-
tion as the normalized distribution. Their initial velocities also
corresponded to the measurements.

The second station (26 mm) can be thought of as the detection
station. At this station, the radial extent from the centerline to
the outer boundary was divided into a number of equally spaced
cells (bins) adjacent to each other. Some parametric studies
were conducted to determine the best bin size, which was ulti-
mately chosen to be about 100 um. By following each droplet
trajectory from the first station, the bin through which it passes
at the detection station was obtained. Every single droplet initi-
ated from the source station would pass through some bin or
the other at the detection station. Thus, a similar number count
distribution was obtained at the second station, which also nor-
malized and directly compared to the measured number count
distribution at this station. In addition, the velocity components
of the droplets as obtained from the trajectory calculation at the
second station were averaged and compared to the measure-
ments. The experimental PDPA bin size corresponding to the
probe volume (Wang et al., 1992a) was about 350 pm. It should
be pointed out that the experimental and numerical PDPA bin
sizes do not have to be the same because it is the profiles of
information that are compared at the detection station. The drop-
lets originating from the source station were followed all the
way to the third station (36 mm) as well where the same detec-
tion procedure was repeated.

There are certain sources of error that need to be kept in
mind when performing such a comparison. For each droplet
size, the trajectories are assumed to start at the first station (x
= 17 mm) at precisely those radial locations corresponding to
the PDPA measurements. In reality, the droplets originate at all
other intermediate locations as well but information about these
locations is unknown since measurements were made at only a
finite number of points. In the absence of the ‘‘complete’’ initial
droplet description, the assumption has to be made that these
drops start at discrete locations. Also, the PDPA makes point
measurements of the flow field in sequence as opposed to mea-
suring the flow field simultaneously. The CONCERT code per-
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Fig. 3 Grid model of the swirl cup (144 X 93 nodes) together with a
close-up view near the cup

forms the calculation to determine the entire steady state flow
field. There is an obvious discrepancy in comparing the results
from a steady-state calculation with data from a measurement
technique that is sequential.

In an earlier piece of work (Tolpadi, 1994), the two-phase
flow field present in a simple methanol fuel spray was computed
under both nonreacting and reacting conditions. PDPA data for
this configuration were also available (McDonell et al, 1992a,
1992b). The calculated droplet attributes showed excellent
agreement with the data for the case of the nonreacting spray
over all size ranges; with the reacting spray only the larger size
droplets showed good agreement. The work described for the
simple geometry by Tolpadi (1994 ) serves as an excellent vali-
dation of the overall comparison procedure used in this paper
in which the hardware and the flow field are far more complex.

The effect of turbulence on the droplet motion was accounted
for by using a stochastic approach, which essentially requires
the knowledge of the instantaneous gas phase velocity at every
position along the droplet trajectory. This is obtained from the
computed mean velocity and the turbulence kinetic energy. The
turbulence is assumed to be isotropic and to possess a Gaussian
probability distribution in the fluctuating velocity, whose stan-
dard deviation is (2k/3)'? (Gosman and Ioannides, 1983). The
distribution is randomly sampled during the flight of a droplet
to get the instantaneous gas phase velocity.

Results

Comparison of the Gas Phase Results. As mentioned ear-
lier, calculations were performed under the same conditions as
the measurements. Figure 3 shows the grid for the swirl cup
corresponding to the hardware shown in Fig. 2. This grid has
144 points in the axial and 93 points in the radial direction.
This very dense grid was found to be sufficiently fine for the
purpose of these types of swirl cup calculations. The grid was
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mm.

generated by using an elliptic grid generation procedure by
treating the swirl cup as an internal obstacle and by suitably
meshing around it. The finite differencing scheme used was
QUICK (Leonard, 1979). The air flow rate through the primary

; swirler is 0.0070 kg/s and through the secondary swirler it is

0.0100 kg/s. The inlet turbulence intensity was assumed to be
8 percent. The experiments of Wang et al. (1992a) were per-
formed by placing this swirl cup in a large chamber in which
the outer flow was axial and uniform. This outer flow was
modeled by specifying a velocity of 0.495 m/s at the boundary
as shown. The radial outer boundary is modeled as a wall, which
represents the side wall of the plenum tank within which the
experimental data was taken. The air was at atmospheric pres-
sure and isothermal (temperature = 289 K). Figure 4 shows
the calculated streamlines and indicates the presence of a strong
recirculation zone just beyond the swirler close to the centerline.
This recirculation zone is produced as a consequence of the
counterswirling air streams coming out of the primary and sec-
ondary swirler. There is another relatively weak recirculation
zone on the outside, which is to be expected since the outer
boundary is a wall. However, this outer recirculation zone did
not affect the calculated spray characteristics since the location
of this zone is axially well beyond and radially well outside the
region of the measurements. Zero normal gradient were used
used at the exit boundary, which was far removed to ensure
that its position did not influence the solution close to the swirler
where the measurements were made.

PDPA measurements of the gas phase flow field were made
by switching off the fuel injector and by seeding the flow with
an agent of size one micron. Figure 3 indicates the locations of
the three stations where the axial, radial, and swirl velocity
components were measured. The radial profiles of these three
velocity components at x = 17 mm have been compared against
the corresponding calculated profiles in Fig. 5 The calculated
axial and radial velocity profiles show excellent agreement with
the measurements. Both the calculations and the measurements
show negative values of the axial velocity near the centerline,
indicating the presence of a recirculation zone there. The pro-
files of the swirl velocity, although similar in shape, show some
disagreement; an explanation of this observation will be given
later.
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Fig. 4 Computed streamlines of the flow in the swirler
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Fig. 5 Calculated and measured radial profiles of the gas phase axial,
radial and swirl velocity components at x = 17 mm

Figure 6 compares the profiles of the three velocity compo-
nents at x = 26 mm. Clearly, the agreement is still good but
perhaps not as good as the agreement at x = 17 mm. To under-
stand this fact, it is important first to understand that the compu-
tations were performed by assuming that the swirler geometry
is axisymmetric, as evidenced from Figs. 5 and 6, in which the
calculated radial and swirl velocity components decrease to zero
at the centerline. However, the data indicate a nonzero value of
the radial and swirl velocity showing that the measurements are
nonaxisymmetric. This means that the geometric and aerody-
namic centerlines are not coincident. This lack of axisymmetry
in the measurements could be due to several reasons. Imperfec-
tions in the hardware could be a definite reason. Also, the flow
from the swirler enters an open space, creating secondary flows
that could certainly displace the aerodynamic center from the
geometric center. Since the flow is at atmospheric pressure,
gravity could be a factor causing this displacement. This dis-

708 / Vol. 117, OCTOBER 1995

placement of the two centerlines has also been observed in
the LDA measurements of Mehta et al. (1989) and the PDPA
measurements of Wang et al. (1991, 1992b). Ideally, at the
centerline of an axisymmetric flow, a PDPA system should
measure a nonzero axial velocity component and zero radial
velocity (the swirl velocity, of course, has no meaning). In
reality, because of displacement of the two centerlines, the
PDPA would be able to make a meaningful axial velocity mea-
surement close to the centerline, but the perpendicular velocity
component measured would be some combination of the radial
and swirl velocity components. Away from the centerline, all
three velocity components are clearly distinguishable and there-
fore the PDPA measurement of the radial and swirl velocities
would be more reliable. The measured radial and swirl velocity
at the centerline may be seen to increase with distance from the
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Fig. 6 Calculated and measured radial profiles of the gas phase axial,
radial, and swirl velocity components at x = 26 mm
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15 v ¥ T r v has two peaks, which are still present at x = 26 mm, showing
that the fluid velocity field has a lesser influence on the trajec-
tory of this particular size droplet. The mean axial and radial
velocity distribution almost precisely follows the PDPA mea-
surements. The mean swirl velocity distributions do not agree
as well, which may again be attributed to the deviation between
the aerodynamic and geometric centerlines of the flow. In Fig.
8, the swirl velocity shows better agreement away from the
centerline. The data again show nonzero velocities near the
centerline, indicating once again the shift between the geometric
and the aerodynamic centerlines. Figure 9 shows the same com-
parisons at x = 26 mm for the intermediate size droplet of 34.81

o 4. 1. 1 i 1 l 5 o
0 5 10 15 20 25 30
R (mm) Calculations
Fig. 7 Normalized initial number count distribution at x = 17 mm for 10
droplets of mean size 5.78 um obtained from PDPA data (Wang et al.,,
1992a) ]
~
=]
o]
5

venturi indicating that there is greater deviation between the
geometric-and aerodynamic centerlines as one moves further
away from the swirler. At x = 26 mm, the calculated radial and
swirl velocities show better agreement with corresponding data
at larger radii consistent with the explanations just given. Al-
though not shown here, similar observations were made when
the data were compared at x = 36 mm.

Comparison of the Liquid Phase Results. As explained
earlier, the liquid phase results were compared by establishing
a numerical PDPA scheme. The experimental PDPA data at x
= 17 mm were used to obtain the initial conditions for the
trajectory calculations. Six mean droplet sizes were chosen cor-
responding to each of the six droplet size ranges. These droplet
sizes were 5.78 um, 15.42 pm, 25.11 pm, 34.81 um, 54.20 um,
and 80.88 um, respectively. For each drop size, a total of 1000
trajectories were initialized. The distribution of the initial posi-
tions along the radius corresponded to the normalized number
count (dn/n) data obtained by Wang et al. (1992a). Figure 7
shows, for example, the percentage distribution of the initial
trajectory locations (dn/n) for the 80.88 um and 5.78 um size
droplets. Their initial velocities are taken from Wang et al.
(1992a) and will not be repeated here. In what follows, the
normalized number count and mean droplet velocities calculated
at the next two stations, x = 26 mm and x = 36 mm, will be
compared with the PDPA measurements. A calculation was also
performed by initializing a total of 10,000 droplets, but the
results obtained were essentially identical to those obtained with
1000 droplets. Thus, a total of 1000 droplets in each size range
was considered to be statistically sufficient. As can be seen
from the two profiles given in Fig. 7, fewer larger size droplets
are injected near the centerline and more are injected on the
outside, which is vice-versa for the small droplets.

Figure 8 compares the calculated number count, mean axial
velocity, mean radial velocity, and mean swirl velocity with the
measurements at x = 26 mm and for the droplets of mean size
80.88 um. To avoid any confusion between the plots, it may
be noted that the ordinate of each plot is different and is appro-
priately indicated. The agreement between the number counts
and the axial and radial velocity profiles may be seen to be
excellent. The normalized number count shows two peaks in
the measurements that can be seen in the computations as well. 0 10 20 30 30 50
Generally speaking, the larger size droplets are less affected by “ R (mm)
the fluid flow field and tend to follow a more independent path,
whereas smaller size flroplets tend. t(,) fol]ow the. fluid ﬂow ﬁe.ld. Fig.8 Calculated and measured radial profiles of the normalized droplet
It may be seen from Fig. 7 that the initial normalized distribution  number count and mean droplet velocity components for droplets of
of the droplet count for the 80.88 um droplet at x = 17 mm  mean size 80.88 um at x = 26 mm
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Fig.9 Calculated and measured radial profiles of the normalized droplet
number count and mean droplet velocity components for droplets of
mean size 34.81 um at x = 26 mm

pm. Again, other than the swirl velocity distribution, which
shows poor agreement, the other three droplet attributes show
excellent agreement.

Figure 10 makes the corresponding comparisons for the case
of the smallest droplet of size 5.78 pm at the axial station of x
= 26 mm. What is immediately noticeable is that the droplets
in the calculations are detected only over the radius interval of
approximately 25 to 35 mm, whereas the measurements have
detected droplets over the entire range of 0 to 45 mm. Several
possible reasons could be hypothesized to explain this discrep-
ancy. An important assumption being made in the spray compu-
tations is that the droplets do not evaporate. Strictly speaking,
vaporization does occur. Vaporization is caused by gradients in
concentration but it has not been accounted for in the computa-
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tions at the present time. Since the vaporization rate is much
greater for droplets of smaller size, this assumption of no evapo-
ration would be less applicable for small droplets and hence the
discrepancy in Fig. 10. Another possible reason was alluded to
earlier, which is that all droplets are assumed to start at the
station x = 17 mm at exactly those radial locations correspond-
ing to the PDPA data. These radial locations can actually be
seen in Fig. 7. In reality, the droplets originate at all other
intermediate locations as well. This assumption could be a prob-
able reason for the detection over a much shorter range in Fig.
10. Thus, a plausible scenario is that droplets of size slightly
greater than 5.78 um originate from several intermediate loca-
tions at x = 17 mm, partially vaporize (due to concentration
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Fig. 10 Calculated and measured radial profiles of the normalized drop-
let number count and mean droplet velocity components for droplets of
mean size 5.78 um at x = 26 mm
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Fig. 11 Calculated and measured radial profiles of the normalized drop-
let number count and mean droplet velocity components for droplets of
mean size 80.88 um at x = 36 mm

gradients) along their path and become smaller droplets, get
trapped in the recirculation zone, and get detected at x = 26
mm. It was seen from Fig. 8 that the calculated normalized
number count distribution for the 80.88 pm droplet more closely
followed the corresponding initial condition of Fig. 7. The fact
that for the 5.78 um droplet, the distribution is clustered more
around a finite radius interval, shows that these droplets follow
their way around the outside of the recirculation zone.

The number of comparison plots that can be presented is
endless; however, one more figure will be shown that is repre-
sentative of the comparisons obtained at x = 36 mm. Figure
11 shows the droplet attributes for the 80.88 yum droplet. The
comparison between the calculations and the data may be seen

Journal of Engineering for Gas Turbines and Power

to be quite good but not as good as the matching obtained for
this droplet size at x = 26 mm. This is again because of greater
and greater deviation between the aerodynamic and geometric
centerlines further and further downstream from the venturi.
The comparisons obtained were found to be relatively poorer
for smaller size droplets at x = 36 mm, as expected.

Conclusions

In this work, the gas phase flow field and the spray character-
istics have been calculated for a CFM56 engine swirl cup, which
represents a real piece of combustion hardware. The calculated
gas phase flow field showed the presence of a large recirculation
zone near the centerline, which was confirmed by the PDPA
measurements. Barring the switl velocity, the gas phase velocity
profiles obtained from the computations compared quite well
with the PDPA data. As for the comparison of the liquid phase,
the computations of droplet number count and mean droplet

- velocities showed very good agreement with the PDPA data for

large and intermediate size droplets. However, the comparison
was poor for small droplets; the corresponding reasons were
given earlier. All comparisons of both the gas and liquid phases
were found to be best at the initial stations close to the venturi
but got worse further downstream because of the deviation ob-
served between the geometric and aerodynamic centerlines in
the measurements. Smaller droplets were found to have a ten-
dency to recirculate and follow the gas phase flow field. Larger
droplets were observed to be less affected by the flow field.

The primary contribution of this paper is in the development
of the numerical PDPA scheme for the purpose of comparing
calculations of the liquid phase with corresponding measure-
ments. This technique has been used in the study of the flow
field present in a real combustor swirl cup. The problems associ-
ated in validating a two-phase flow CFD code against experi-
mental PDPA data have been brought out in this work. Funda-
mentally, the experimental data are taken from point to point
that is essentially Eulerian whereas droplet calculations from a
CFD code are made in a Lagrangian frame of reference. Ideally,
it would be most beneficial (from the standpoint of CFD) if
the droplet characteristics are also measured using a Lagrangian
technique, i.e., a single drop is tracked in the flow field and its
position, velocity, and other attributes are measured as a func-
tion of time. It would also be very useful if the initial conditions
of the droplets as they leave the injector are somehow obtained
either through direct measurements or by extrapolation from
first station PDPA data. These suggestions would make the
comparisons a lot easier. It is hoped that this work will provide
useful guidance to those that are attempting to model flows
using PDPA data and also those that are taking PDPA data for
the purpose of establishing CFD model inputs.
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Medway: A High-Efficiency

D. M. Leis

Black & Veatch,
Kansas City, MO 64114
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Combined Cycle Power
Plant Design

The Medway Project is a 660 MW combined cycle power plant, which employs two

M. P. Melsert

GE Industrial and Power Systems,
Schenectady, NY 12345

of the world’s largest advanced technology MS9001 FA combustion turbine generators
and an advanced design reheat steam turbine generator in a power plant system
designed for high reliability and efficiency. This paper discusses the power plant
system optimization and design, including thermodynamic cycle selection, equipment
arrangement, and system operation. The design of the MS9001FA combustion turbine

generator and the steam turbine generator, including tailoring for the specific applica-
tion conditions, is discussed.

Medway’s Objective: High Efficiency

The Medway Power Station, a 660 MW combined cycle
power plant about 44 miles/70 km east of London, is a first of
its kind in the United Kingdom. The plant is the first to install
two General Electric (GE) 9FA advanced technology combus-
tion turbines coupled to two triple pressure reheat natural circu-
lation heat recovery steam generators (HRSGs), which feed
steam to a reheat steam turbine.

The combustion turbines, rated at 228 MW each, will produce
the highest output of any operating combustion turbines in the
world, a combination that will result in one of the highest effi-
ciency combined cycle plants in the world.

Medway Power Limited, a joint venture company formed by
Applied Energy Services Electric Ltd. (AES) and subsidiaries
of Seeboard and Southern Electric, is jointly developing the
Medway Power Station on the Isle of Grain, Kent, on the River
Medway, east of London. AES Medway Operations (AESMO)
will operate and maintain the station. The Medway Station is
under construction and commercial operation is planned for 1
August 1995.

In April 1992, Medway Power Limited (MPL) awarded an
engineering, procurement, and construction contract for the
plant to a consortium of Europower Development Ltd. and TBV
Power Ltd. The consortium is providing a turnkey nominal
660 MW gas fired combined cycle plant. Europower, Marubeni
Corporation’s European branch, is providing the turbines. TBV
Power is providing the balance of the plant using its joint ven-
ture partners, Tarmac Construction Ltd. for civil construction
and Black & Veatch International for engineering and procure-
ment. The mechanical and electrical erection packages are being
executed by European Community contractors. MPL has sepa-
rate contracts for the switchyard with the National Grid Com-
pany and for fuel gas with British Gas.

Factors Influencing Selection of the Combined Cycle

MPL chose a gas-fueled combustion turbine combined cycle
plant because of the economic advantage of the highly efficient
advanced technology over the alternative solid fuel plant op-
tions. This selection was reinforced when MPL secured one of
the limited long-term fuel gas supply contracts with British
Gas. The fuel gas delivery date dictated the overall project
completion schedule of 40 months.

Contributed by the International Gas Turbine Institute and presented at the 39th
International Gas Turbine and Aeroengine Congress and Exposition, The Hague,
The Netherlands, June 13—16, 1994, Manuscript received by the International
Gas Turbine Institute February 19, 1994. Paper No. 94-GT-434. Associate Techni-
cal Editor: E. M. Greitzer.
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The ‘‘two-on-one’’ combined cycle turbine generator ar-
rangement gives MPL greater operating flexibility. Three gener-
ators will feed the grid, allowing turndown or prompt surge
capability. MPL economic studies included the regional grid
limitation of 660 MW connected load at the National Grid
Company intertie.

The pro forma economic evaluation excluded bypass stacks
and simple cycle operation from the baseload plant operating
model.

A reserve fuel oil facility offers revenue stream security and
high plant availability to MPL in case the fuel gas supply is
cut off for any reason.

Medway Power Block

. The Medway Plant is the site of a previous World War 11
vintage oil storage depot. The 11 acre site, shown on Fig. 1,
has provisions for additional capacity beyond the initial 660
MW power block and is elevated above the 200 year flood
plain.

The three turbines in the power block are contained in a
common expandable generation building. The plant cooling wa-
ter makeup is taken from the River Medway intake structure,
and heat is rejected to the wet mechanical draft cooling tower.
Demineralized water for steam cycle makeup and combustion
turbine NO, control is produced in an on-site water treatment
plant. An on-site tank battery stores process water and reserve
fuel oil. The fuel gas used to supply the combustion turbines
is conditioned in an in situ gas compound.

Site effluents are collected, monitored, and treated to meet
permitted standards before release. The plant stack emissions
are designed to be lower than current United Kingdom stan-
dards. The permitted values are 45 ppm NO, on gas fuel.

The plant is designed for a boundary noise level of 65 dBA.
To stay within this level, the turbines are acoustically enclosed,
and the HRSGs are also treated and partly enclosed. Plant exte-
rior walls are treated to achieve safe operator noise levels.

Performance and Efficiency. The new and clean net plant
overall efficiency, based on lower heating value (LHV), exceeds
53 percent while burning natural gas. The Medway combined
cycle baseload efficiency parameters are as follows:

CTG output = 228 MW at 11°C.

CTG heat rate = 10,180 kJ/kWh, LHV.

CTG efficiency = 35 percent.

STG output = 247 MW.

STG heat rate = 7934 kJ/kWh.

STG efficiency = 88.7 percent HP isentropic/91.8 percent
IP/LP isentropic.

OCTOBER 1995, Vol. 117 / 713
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Fig. 1 Medway plant site arrangement

Auxiliary power and transformer losses = 2.5 percent.
Net output available = 682 MW.

Net heat rate = 6800 kJ/kWh.

Net plant efficiency = 53 percent.

These are conservative values, which are subject to normal
wear as the plant matures. These parameters illustrate that the
Medway Plant is highly efficient relative to the traditional com-
bined cycle plants preceding it.

The plant also includes an on-line performance monitoring
system, which will further improve overall efficiency as op-
erating procedures are optimized.

The combined cycle block contains the turbines and the fol-
lowing major balance-of-plant equipment, all designed to in-
crease the plant efficiency:

Two Nooter/Eriksen natural circulation, triple pressure,
reheat-type HRSG modular packages. Each HRSG vents
into a separate 65 m steel stack at an operating tempera-
ture of 113°C. The HRSGs are unfired. The selection of
the reheat design is key to the high plant efficiency. The
HRSGs are fitted with inlet duct acoustic lining instead
of the traditional stack silencer. The reduced pressure drop
improves cycle efficiency by reducing combustion turbine
back-pressure.

Three GEC-Alsthom generator step-up transformers rated
for 290 MVA at 15 kV/420 kV, for transmission to the
National Grid via the on-site switchyard. Two 20 MVA
main auxiliary transformers power the unit auxiliary
loads.

One Hamon twelve-cell mechanical draft, low drift, low-
noise, concrete structure evaporative cooling tower. These
features will minimize the environmental impact to the

humidity. The tower is designed for 1.4 cycles of seawater
concentration and is chlorinated from an adjacent elec-
trochlorinator.

One two-train, two-bed Glegg demineralizer plant. The
water plant has 4670 lpm capacity for maximum NO,
control water injection to the combustion turbine combus-
tors while burning reserve fuel oil.

One Senior Thermal surface condenser designed for full
steam turbine bypass, fitted with titanium tubes and tube-
sheet. The water box is coated for brackish cooling water.
The condenser is sized to supply 41 mm HgA back pres-
sure to the steam turbine at steam conditions of 538°C
and at 97 bar abs for main steam, 355°C at 28 bar abs for
hot reheat, and 260°C at 6.7 bar abs low-pressure steam,
while condensing 655,000 kg/h using 21°C cooling water.
One Graham/Crane vacuum-type feedwater deaerator and
storage tank common to both HRSG feedwater pumping
systems, The vacuum deaerator selection contributes to
the improved cycle efficiency. The deaerator will operate
at 150 mm Hga and will exhaust to the condenser.

Two Graham water-to-gas heat exchangers sized to ele-
vate the fuel gas temperature from 27°C to 150°C. These
units were selected to add sensible heat to the fuel gas at
the combustor inlet. The heat is taken from the HRSG
economizer recovering the available flue gas energy dur-
ing operation.

Three Alfa-Laval plate-type heat exchangers sized to cool
the plant auxiliary cooling loop, including all of the com-
bustion and steam turbine lube oil and generator coolers
heat rejection. The titanium metallurgy is selected for the
brackish cooling water.

Combustion Turbine Technology

At the heart of the power plant are two GE MS9001FA
combustion turbines. These machines, site rated at 228 MW

plant neighbors. The cooling tower provides 1.614 X 10°
kJ/h of heat rejection capability at a flow rate of 612,000 I/
min, ambient temperature of 11°C, and 80 percent relative
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Fig. 2 MS9001FA combustion turbine

on gas fuel, are the latest in high-efficiency, low-emission
50 Hz power generation equipment, which have been scaled
up from the 160 MW class MS7001FA 60 Hz combustion
turbine.

The packaged arrangement developed for the MS7001FA and
MS9001FA combustion turbines and accessories maximizes the
efficient use of space within the building and reduces installation
cost while maintaining high reliability and redundancy for key
components.
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Similar to the MS7001FA, the MS9001FA uses advanced
aircraft engine technology throughout its design for a rated
baseload firing temperature of 1288°C (2350°F). The two-bear-
ing, cold-end drive machines are well suited for combined cycle
applications because the axial exhaust to the heat recovery
equipment optimizes the plant arrangement. The turbines them-
selves, shown in cross section on Fig. 2, feature an 18-stage
axial flow compressor with modulated inlet guide vanes and a
three-stage turbine.

Fig. 3 First-stage bucket cooling passages

Journal of Engineering for Gas Turbines and Power
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Fig. 4 First-stage nozzle cooling

Fuel, either natural gas or distillate, is provided to 18 combus-
tion chambers. A dry low-NO, system controls NO, emissions
to 45 ppm while operating on natural gas. NO, control for
operation on distillate fuel is accommodated by water injection
to a level of 65 ppm.

A reverse flow, multiple-combustion system similar to “‘E’’
class machines is utilized. The combustion liners for the
MS9001FA are slightly thicker and shorter than those for the
MS9001E, providing increased high-temperature strength. A
slot cooling method, which is the standard cooling method for
aircraft engines, provides reduced liner metal temperatures com-
pared to that of an equivalent louver system.

The first stage bucket is convectionally cooled by serpentine
passages with turbulence promoters formed during casting.

Cooling air exits at the bucket tip as well as at the trailing
edge, as shown on Fig. 3. The second stage bucket is also
convectionally cooled. All of the cooling air exits these buckets
radially through drilled holes at the bucket tip.

The first-stage nozzle, as shown on Fig. 4, is cooled by a
combination of film, impingement, and convection in both the
vane and sidewall regions. The second-stage nozzle is convec-
tionally cooled.

The advanced cooling techniques used on the MS9001FA are
the result of extensive aircraft engine developments.

Generator. The generator is connected to the compressor
(cold) end of the combustion turbine by a solid load coupling.
The GE Model 3248 generators for the gas and steam turbines

Fig. 5 Accessory module (GT23196)

716 / Vol. 117, OCTOBER 1995
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Fig. 6 Interconnecting module

are hydrogen cooled and rated at 291 MVA/15,000 V at 0.85
power factor.

A low-speed turning gear is on the collector end of the gener-
ator for breakaway, low-speed operation and cooldown. A static
starting system, shared by the two combustion turbines, nses
the generator as a synchronous motor to accelerate the units to
self-sustaining speed.

Inlet Air. A ‘‘down flow” style self-cleaning inlet filter
was selected for this project. In this design, the filter cartridges
are mounted horizontally. The filtration effectiveness is thereby
enhanced by the incoming air flowing down over the cartridges,
using gravity to carry pulsed dirt away from the cartridges.

This design provides a more compact filter house arrange-
ment, which enables the entire inlet duct to be shortened, which
in turn reduces the system inlet pressure drop and its effect on
turbine performance. The inlet system rated pressure drop is 89
mm of H,O. A compressor water wash skid, capable of off-line
and on-line washing, cleans deposits and reduces fouling to
retain combustion turbine compressor efficiency close to new
conditions.

Packaging/Enclosures. Adjacent to the combustion tur-
bine is the accessory module, which contains the lube oil reser-
voir as well as the components for the lube oil, liquid fuel, and
atomizing air systems as shown on Fig. 5. The majority of the
accessory system components are factory assembled, tested, and
shipped as integral parts of the accessory and interconnecting
modules.

The base of the accessory module houses the lube oil reser-
voir, which has an operating capacity of 30,280 kL (8000 gal).
Dual lube oil filters and heat exchangers with transfer valves,
two full size AC motor driven lube oil pumps, AC/DC motor
driven seal oil pump, and redundant AC motor driven hydraulic
and rotor lift oil pumps are supplied.

This module contains dual low-pressure fuel oil filters, three
50 percent capacity AC motor driven fuel oil pumps, and two
100 percent capacity AC motor driven atomizing air compres-
5018,

The interconnecting module (Fig. 6) is a recently introduced
packaging concept for the ‘‘FA’’ product line to house, in a

Journal of Engineering for Gas Turbines and Power

factory-assembled compartment, the majority of components
and interconnecting piping, which historically have been
shipped loose and field assembled.

This module houses the gas stop ratio control, splitter, and
purge valves for the natural gas and purge systems, the water
injection staging isolation valve for the NO, control system, the
flow divider for the liquid fuel system, and the associated piping
necessary to connect the accessory module to the combustion
turbine. This module and the accessory module and combustion
turbine have the full complement of enclosure features including
lighting, receptacles, CO, fire protection, access doors, ventila-
tion, and acoustic insulation. Acoustic insulation and silencing
is employed as required to meet a near-field noise level of 85
dBA at 1 m.

The electrical equipment associated with the combustion tur-
bine is packaged in a factory assembled compartment and la-
beled as PEECC™ (Packaged Electrical Equipment Control
Compartment). This enclosure houses the Mark V Speedtronic
turbine control, generator control panel, AC motor control cen-
ters, unit battery with dual chargers, and the excitation system.

Steam Turbine Technology

The development of the GE Model F combustion turbines,
with their higher exhaust temperatures, has made the steam
reheat cycle an attractive option. The reheat cycle benefits ther-
modynamic performance by adding heat to the cycle at higher
average temperature than for the nonreheat cycle and by reduc-
ing the moisture loss in the low-pressure turbine expansion.

The drier low-pressure steam expansion reduces the potential
for last-stage bucket moisture erosion down to that experienced
in solid fossil fueled boiler steam plants. This permits the use
of longer last stage buckets, and thus the exhaust annulus area
can be optimized for maximum efficiency.

The Medway steam turbine is a GE single reheat turbine with
a double flow exhaust. There is an admission to the 18-stage
from the HRSG. The steam turbine operates in boiler-following
mode, which is without control of the main and admission steam
flow during normal operation. All valve gear is mounted away
from the turbine shell.

OCTOBER 1995, Vol. 117 / 717
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Fig. 7 Crass section of combined HP/IP section of steam turbine
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Normal operation is with the valves fully opened, and the
inlet steam pressure varying with load. Heating and cooling of
the admission parts is uniform, minimizing thermal stresses and
facilitating rapid startup and load following.

Steam Turbine Design Features. The Medway steam tur-
bine is designed with an opposed flow high-pressure and inter-
mediate-pressure turbine casing. This design results in a sig-
nificantly more compact turbine and station arrangement than
that of a separate high-pressure and reheat pressure casing (Fig. 7).

The cross-sectional view shows the high-pressure (HP)/inter-
mediate-pressure (IP) section of the Medway steam turbine in
detail. Both the HP section to the left and the IP section to the
right are of single shell construction. The use of the off-shell
valves and full-arc admission results in simple shell geometry.
A smooth continuous transition is made in the shell between
the HP steam path and the larger diameters needed by the IP
stages. The inlet bowls of the HP and IP inlets are formed by
the inner surface of the shell, the packing head in the center,
and the first diaphragm of the respective section. This design
permits free thermal expansion of these highest temperature
regions.

The HP/IP shell employs a horizontal joint with bolted
flanges, which are designed with optimum proportions to sup-
port the shell and to accommodate the required bolting sizes.
The shell horizontal-joint faces are precisely machined to ensure
uniform contact between the upper and lower halves and to
eliminate opportunities for steam leaks. In addition to the hori-
zontal joint flanges, only flanged pipe connections need to be
disassembled to remove the upper half of the outer shell. The
entire shell is supported near the centerline, and the internal
diaphragms are centerline supported to minimize the distortion
and alignment change effects.

Steam Path. For effective resistance to corrosion and ero-
sion, the steam path components are constructed of 12-chrome
steels. Rugged impulse-type turbine staging is used, which in
turn leads to a construction known as wheel and diaphragm
design. With impulse-type staging, the stage pressure drop is
nearly all taken across the nozzle or fixed blade. Only a small
percentage of the pressure drop occurs across the bucket or
moving blade in order to improve the flow characteristics
through the bucket. This low-pressure drop on the moving blade
results in low leakage loss across the bucket and, therefore, an
efficiency advantage, as well as reduced thrust relative to a
reaction stage.

Greater pressure drop occurs across the stationary blade;
however, the leakage diameter is greatly reduced by machining
the rotor shaft diameter down to a small leakage diameter. The
diaphragms, which hold the stationary blades, extend down to
the rotor and hold a spring-backed packing with generous provi-
sion for radial movement and a large number of labyrinth pack-
ing teeth.

To attain maximum thermal efficiency, the steam path of the
HP/IP section has been designed in a conical fashion. This
allows the use of slant root and tip buckets and maximizing the
blade lengths in the smaller volume flow stages. Each bucket
has root axial seal strips and tip radial seal strips to give addi-
tional sealing control and maximum stage efficiency. The radial
tip seal strips are set into the diaphragm, and thus they are
unaffected by any distortion of the outer shell.

Double Flow Low-Pressure Section. The Medway double
flow low-pressure section has been meticulously designed using
CFD codes to analyze the exhaust steam flow in the complicated
geometry of a down flow hood. The hood design uses diffusing
flow plates of the GE ‘‘Herzog’” hood design concept. This
concept involves the use of structural support plates inside the
hood to partition the flow areas into passages that have been
designed to maximize the diffusion of the exhaust steam.
Streamlined steam guides and flow guide vanes are used to

720 / Vol. 117, OCTOBER 1995

improve the aerodynamic performance of the flow passages
further and minimize flow separations. Figure 8 shows the de-
tails of the double flow low-pressure section.

Last-Stage Bucket. The exhaust annulus area of the Med-
way steam turbine has been optimized for this steam cycle and
it employs a 1067 mm (42 in.) last-stage bucket. This last-stage
bucket design is a result of a series of development programs
that have resulted in a superior design of a highly efficient
continuously coupled last stage bucket. The latest technology,
along with proven concepts, have been used to design an effi-
cient aerodynamic blade with a robust mechanical design, supe-
rior structural damping, and vibration control.

The aerodynamic profile of all of the stationary blades as
well as the rotating buckets of the low-pressure turbine stages
have been carefully developed using computational fluid dy-
namics programs. These programs accurately predict the three-
dimensional flow field found in the low-pressure turbine and
account for the large radial component of velocity. The low-
pressure steam path must be designed to account for the rapidly
expanding volume of steam. The cross-sectional view of the
Medway LP turbine on Fig. 9 illustrates this expansion.

The last-stage buckets have continuously coupled side entry
covers. These covers provide structural coupling and damping,
as well as controlling the vane tip flow passage geometry. This
vane tip flow passing geometry has been carefully designed
to provide a converging—diverging passage to allow for the
supersonic expansion and the reduction of secondary flow and
shock losses. The side entry cover also employs a rib on its tip,
which acts as a radial spill band and ensures a tight radial
seal, to minimize steam leakage. Figure 9 shows these design
features.

The last-stage bucket diaphragm design employs the “‘over-
shot’’ design, where the outer portion of the diaphragm extends
out over the last-stage bucket. This allows a flow path for the
moisture droplets in the steam, yet preserves the integrity of
the tip seal strip. The moisture droplets will adhere to and run
out along the stationary wall of the diaphragm.

The last-stage bucket designed for this Medway turbine uti-
lizes a self-shielding alloy steel for the entire vane section.
This self-shielding design provides moisture erosion resistance
comparable to Stellite shields. The overshot diaphragm design,
used in conjunction with the self-shielding bucket design, results
in a highly erosion-resistant designed last stage.

Plant Control

The plant is controlled through a Bailey distributed control
and information system (DCIS) designed with redundant archi-
tecture. The redundant architecture is intended to minimize the
effect of a single point failure on the capability of the DCIS to
provide data acquisition and control functions. Operator inter-
face is accommodated through interactive graphic displays and
alarm annunciation presented on five 48 cm diagonal CRT (non-
touch-screen) operating consoles and keyboards.

The DCIS is a modular microprocessor-based system, which
provides modulating control, digital control, monitoring, and
indicating functions for the following:

¢ Operator interface to the steam turbine and combustion
turbines Mark V contro! systems.

* Control signal outputs to the generators in response to
unit load demands.

¢ Operator interface displays and control functions for the
balance-of-plant systems,

¢ Controlled plant equipment and controlled process param-
eters, with information available to plant operators.

¢ Historical data storage and retrieval.

The DCIS employs foreign device interfaces for the steam
and combustion turbine Mark V control systems, the demineral-
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Fig. 9 Last-stage bucket

izer programmable logic controller (PLC) based control system,
and the on-line performance monitoring (OPM) computer. All
foreign device interfaces are bidirectional data links, capable of
originating and receiving points from the system data highway.
The data links for the Mark V control systems are designed for
full redundancy, including redundant hardware at either end of
the link and redundant communications cable. The DCIS soft-
ware is intended to duplicate the operator interface functions
available on the Mark V operator interfaces except that the
presentation of information to the operator (status colors, sym-
bol shapes, etc.) is more consistent with the balance-of-plant
displays.

Redundancy has also been designed into the Mark V control
system for high reliability. During normal operation, three com-
puters share responsibility for control of the combustion turbine.
Should one of the triple redundant sensors or one of the comput-
ers fail, internal voting logic redirects control of the turbine to
the two functioning computers and sensors.

Further redundancy has been provided for this project by
placing an additional Mark V operator interface processor in
the main control room and providing dual AC power supplies.

)
B

Power Block Plant Arrangement

The generation building houses the combustion turbine gener-
ators (CTG) and steam turbine generator (STG), turbine acces-
sory modules, isophase bus, switchgear, overhead cranes, feed-
water condensate/steam cycle process components, STG lube
oil modules, common turbine oil coolers, control room, and
auxiliary systems. These are shown on Figs. 10 through 12,
which illustrate the plant arrangement.

The HRSGs, transformers, gas heaters, deaerator, and CTG
inlet air filters are outdoors. All turbine shafts are oriented in a
parallel configuration. The CTG units are each configured in
duplicate same hand arrangements. The CTG inlet air duct is
routed parallel to and above the generator shafts. The inlet air
filter is roof mounted. The CTGs and generators are pedestal-
mounted on elevated concrete foundations. The CTG auxiliary
modules are elevated on structural frames.

The HRSGs are also duplicate same hand arrangements, ar-
ranged to flange directly to the axial exhaust combustion tur-
bines parallel to the rotor shaft. The HRSG inlet duct has an
acoustic enclosure surrounding the inlet duct transition.
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Fig. 10 Ground floor plan
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Fig. 11 Combustion turbine elevation

The isophase bus duct is routed under and parallel to the Combined Cycle Operation
generator centerline directly to the elevated generator breaker.

Step-up transformers are located on the isophase bus centerlines. Combined cycle plant startup is initiated with the combustion
The deaerator is mounted above the roof, providing maximum  turbine, which is started using the generator as a motor. The
boiler feed pump suction head. power grid feed is converted to a variable frequency supply to

The steam turbine and generator are mounted on an elevated ~ drive the generator. Prior to initiation of the starting sequence,
concrete pedestal at the operating floor level. Steam turbine  auxiliary systems such as the circulating water system, cooling
auxiliaries are arranged on the mezzanine and ground floors tower, closed cooling water system, and compressed air system
below the steam turbine generator. The DCIS is housed in the are placed into operation.
plant control room at the operating level and directly below in When the combustion turbine has reached 10 percent op-
the electronic room. erating speed, fuel gas is admitted and firing begins. The turbine

The combustion turbines are maintained from a common accelerates until it reaches a self-sustaining speed. At that point,
overhead crane using a common laydown space. The STG is the variable frequency supply to the generator is shut down and
serviced from an overhead crane using a dedicated access portal  the turbine continues to accelerate.
and the operating floor laydown space (Fig. 13). Soon after starting the combustion turbine, the turbine ex-

The plant arrangement developed from these innovations haust gas begins heating the HRSG. There is no turbine exhaust
yields a compact building overall volume, and thus a competi-  bypass for the HRSG or auxiliary steam supply, so the entire
tive, cost-effective solution for the owners. system must be brought up simultaneously, Initially, steam gen-

While the plant is operating, the indoor turbines provide suf- erated in the HRSG is relieved through vents and drains. When
ficient building heating to replace the installed domestic heating.  main steam pressure reaches a point where the steam turbine

sl
| 1 R

Fig. 12 Steam turbine elevation
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Fig. 13 Steam turbine maintenance laydown

seals can be applied, the condenser exhausters are started and
a vacuum is established in the condenser. Once the condenser
vacuum is significantly increased, the steam dump valves from
the HRSG to the condenser may be opened and the steam tur-

Journal of Engineering for Gas Turbines and Power

bine can begin warming. Based on the HRSG and steam turbine
allowable warmup rates, the combustion turbines can be syn-
chronized and begin ramping to the selected load. The steam
turbine follows the output of the HRSGs, throttled to hold a
constant boiler pressure to 80 percent load, then a sliding pres-
sure up to 100 percent load.

Electrical power is sent to the grid through three stepup trans-
formers, one for each generator. The generator switchgear is
closed through the site switchyard, which is connected to a
nearby grid substation. The grid switching occurs at the substa-
tion switchgear. During normal operation, plant power output
to the grid is adjusted by varying the combustion turbine firing
rate. The steam turbine follows the combustion turbine loading.

In the event of a steam turbine trip, the steam generated by
the HRSGs will be diverted to the condenser through a series
of letdown and desuperheating stations, allowing the continued
operation of the combustion turbines. If the eventual circum-
stances allow a restart of the steam turbine, one of the combus-
tion turbines will be run back in load and a restart of the steam
turbine completed.

If the steam turbine cannot be restarted, the combustion tur-
bines may continue generating power as required, dumping the
generated steam energy to the circulating water system.
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In cooperation with U.S. Department of Energy’s Morgantown Energy Technology

Center, a Westinghouse-led team is working on the second part of an 8-year, Ad-
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vanced Turbine Systems Program to develop the technology required to provide a
significant increase in natural gas-fired combined cycle power generation plant effi-

ciency. This paper reports on the Westinghouse program to develop an innovative
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Oriando, FL 32826

natural gas-fired advanced turbine cycle, which, in combination with increased firing
temperature, use of advanced materials, increased component efficiencies, and re-

duced cooling air usage, has the potential of achieving a lower heating value plant
efficiency in excess of 60 percent.

Introduction

Today’s gas turbine systems feature high fuel-to-electricity
efficiencies. Efficiencies, on a lower heating value (LHV) basis,
for large natural-gas-fired combined-cycle systems for the utility
market have been demonstrated at 54 to 55 percent. Even though
manufacturers will make improvements in the 1990s, efficiency
levels will reach a plateau. Cycle innovations, plus gas turbine
design changes, will achieve LHV efficiencies in the 60 percent
range for natural-gas-fired utility machines.

Advanced Turbine Systems (ATS) is a highly efficient, envi-
ronmentally superior, and cost-competitive gas turbine system
for baseload application in the utility, independent power pro-
ducer, and industrial markets. For the post-2005 power-genera-
tion market the design must be fuel flexible in that it will operate
on natural gas, but also be capable of being adapted to operate
on coal, coal-derived, or biomass fuels. Reliability-availability-
maintainability (RAM) is to be equivalent to current turbine
systems and water consumption is to be minimized to levels
consistent with cost and efficiency goals.

Westinghouse, a pioneer of gas turbine development, has
developed a product line that mirrors the general gas turbine
inlet temperature trend shown in Fig. 1. Combined cycle effi-
ciency improvements have followed the general advance in gas
turbine technology reflected in this inlet temperature trend.

For example, in 1970 a Westinghouse supercharged, evapora-
tive cooled, Model 301 (1450°F [788°C] turbine inlet tempera-
ture) gas turbine exhausting into a heavy fired, reheat boiler
achieved an annual average efficiency (LHV) of 39.6 percent.
This West Texas Utilities, San Angelo Power Station reportedly
held the distinction of achieving the highest operating efficiency
in the U.S. for a number of years (Stephens et al., 1990).

Today, with a gas turbine burner outlet temperature (BOT)
of about 2460°F (1350°C) [2300°F (1260°C) rotor inlet temper-
ature (RIT)], a Westinghouse 501F based combined cycle is
in the range of 54—55 percent (LHV) plant efficiency, ISO
with: (1) dry low NO,; (2) three-pressure level, reheat, heat
recovery steam generator (HRSG); (3) rotor cooling; and (4)
fuel gas heating.

The bottoming cycle has been fine tuned to convert as much
of the turbine’s exhaust heat into electricity as possible. Addi-

Contributed by the International Gas Turbine Institute and presented at the 39th
International Gas Turbine and Aeroengine Congress and Exposition, The Hague,
The Netherlands, June 13-16, 1994, Manuscript received by the International
Gas Turbine Institute March 9, 1994. Paper No. 94-GT-388. Associate Technical
Editor: E. M. Greitzer.
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tionally, the gas turbine incorporates all the material, aerody-
namic and cooling technology gains of the last 25 years.

As suggested by the Department of Energy (DOE), the target
of 60 percent combined cycle efficiency by the year 2000 is
shown to be a challenging target in Fig. 2, where cycle effi-
ciency is plotted against the turbine inlet temperature trend of
Fig. 1.

Proposed Reference System

In the first phase of the ATS program, the effect on efficiency
of reconfiguring the gas turbine based combined cycle was stud-
ied, to see if a step gain in efficiency was possible. As reported
in a previous paper (Little et al., 1993), it was found that a
significant increase in combined cycle efficiency could indeed
be expected by reconfiguration into an intercooled, recuperative
combined cycle, with closed-loop steam cooling as shown in
Fig. 3. All rotating components will be directly coupled to form
a single shaft running at 3600 rpm, and the generator rotor will
be double ended so that the steam turbine and gas turbine can
drive from opposite ends.

Intercooling could take the form of: (1) surface heat transfer,
where heat is extracted from air, leaving a compressor section
and transferred to cooling water; (2) evaporative intercooling,
where the temperature of air leaving a compressor section is
reduced by evaporation of water into the air stream; (3) either
one intercooler [low pressure (LP) and high pressure (HP)
compressors], or two intercoolers [LP, intermediate pressure
(IP), HP compressors ]; or, (4) continuous evaporative cooling
in all stages of a single compressor.

Recuperation could take the form of: (1) surface heat transfer
between turbine exhaust gas and HP compressor delivery air;
(2) evaporative recuperation where heat extracted from turbine
exhaust would both heat and evaporate water into HP compres-
sor delivery air; and (3) chemical recuperation whereby turbine
exhaust energy would be transferred back into the turbine
through a reformed natural gas fuel. In most cases, intercooling
and recuperation would not entirely displace the bottoming cy-
cle, but would instead reduce its size.

The initial ATS study, although preliminary in nature,
showed increases in advanced turbine system efficiencies rang-
ing from 0.5 to 4.0 percentage points depending on the cycle
configuration and assumptions made. A change in configuration
from the basic single shaft gas turbine to that of the reference
system is thus anticipated to provide about 2.0 percentage points
increase in system efficiency. Closed-loop steam cooling of hot
gas path components is anticipated to improve cycle efficiency
approximately 1.5 percentage points.
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Fig. 1 Gas turbine inlet temperature trend

Within the reference system configuration, additional effi-
ciency gains can be made by: (1) high temperature develop-
ments in materials, coating systems, and cooling techniques to
allow the attainment of a 2600°F (1427°C) rotor inlet tempera-
ture; (2) reduction in cooling air requirements; (3) application
of advanced aerodynamic design techniques to further enhance
component efficiencies; and (4) reduction in leakages, clear-
ances, and parasitic losses. ’

It is expected that higher firing temperature in combination
with cooling air reduction should yield about 2.5 percentage
points in efficiency, while advanced aerodynamics, and reduced
leakages, clearances, and losses would give a further 1.0 per-
centage point. Therefore, within the reference system structure,
60 percent (LHV) target ATS efficiency is obtainable.

Cycle Studies

Intercooling between compressor stages to reduce compres-
sion power has long been a feature of centrifugal compressor
installations. The radial delivery of compressor air from each
impeller lends itself to flow through an external water-to-air
cooler before being introduced to the following impeller. Stages
in the axial compressor of the industrial gas turbine are ex-
tremely close coupled, as shown in the 501F longitudinal (Fig.
4), making intercooling impossible without significant config-
uration changes.

Intercooling between separate axial compressors has been
done successfully in the past, where air is ducted from the
LP compressor to a large water-spray evaporative cooler, and
returned to the HP compressor inlet. More recently the compact
water-to-air surface intercooler configuration, shown in Fig. 5,
is being developed by Westinghouse/Rolls-Royce for the U.S.
Navy intercooled, recuperative (ICR) engine program (Crisall
and Parker, 1993).

In the ATS program, either of these concepts may be adopted,
depending upon the results of detailed thermodynamic cycle
analysis comparing evaporative to surface intercooling. Addi-
tionally, the number of positions through the compressor where
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air is intercooled will be studied. It may be that double intercool-
ing could prove most effective.

The major problem in the entire intercooling area is the con-
flicting requirements of the compression and intercooling func-
tions. Velocity through the blading is high, approximately 640
ft/s (195 m/s) between stages, while for cooling (either evapo-
rative or surface) velocity must be very low to reduce pressure
loss and maximize residence time. In surface intercooling, a
face velocity of approximately 32 ft/s (9.8 m/s) would result
in a AP/P for the core elements of about 1 percent, and an
effectiveness of over 90 percent. Diffusing, turning, and reaccel-
erating air through a 20:1 area ratio will require careful engi-
neering to minimize loss, as pressure loss cuts cycle efficiency
and defeats the purpose of intercooling. A trade-off between
area ratio, loss, and effectiveness will have to be taken.

Evaporative intercooling requires an enormous pressure ves-
sel. It would be a great advantage if evaporation could be done
in a shorter length; in fact, the ultimate scheme could be to
evaporate in the compressor itself.

There is the possibility of introducing a water mist into the
air flowing through the compressor. If the droplet size were of
the order of 5 um, collisions with the compressor blades would
be minimized; such droplets would follow the flow streamlines.
(It should be noted that the LP ends of steam turbine expanders
have coped well with water droplet concentrations of up to 14
percent of the total flow.) A continuous cooling of the compres-
sion process by droplet evaporation might then be achieved. A
preliminary analysis of such a compression process indicates a
25-30 percent reduction in the work of compression; a corre-
sponding reduction in the temperature increase over the com-
pressor; and, perhaps surprisingly, a reduction in the water used
over a staged inter- and after-cooler process.

Techniques have recently been developed to produce such
fine droplets, to maintain a uniformly distributed spray, and to
avoid droplet coalescence. Incorporation of the water distribu-
tion system within the thin stationary aerofoils is an obvious
means of access into the tightly spaced compressor stages,
which will not disrupt the main flow. Spraying of these tiny, 5
wm droplets into the air stream with minimum momentum mix-
ing penalty would be the objective.

Designing the aerofoil shapes to account properly for the
evaporation of the water mist in a finite distance downstream
of the introduction points will require careful analysis of the
time required for evaporation. Vaporization will be a function
of water droplet temperature, injection velocity, air temperature,
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Fig. 3 Proposed reference system (ICRCC)

pressure, velocity, and humidity. The modeling and experimen-
tal verification of the processes just described will be key pre-
requisites to being able to incorporate a design procedure into
existing compressor blading design systems. Continuous evapo-
ration within the compressor appears to be an attractive innova-
tion, which could improve the performance and reduce the cost
of the ATS.

In the last 30 years, Westinghouse has supplied recuperative
gas turbines from 5000 hp (Model 52) to 35,000 hp (Model
352) to the industrial market; thus, although recuperation is an
innovation to the 2600°F (1427°C) RIT combined cycle, the
surface recuperator itself is tried and proven. AiResearch, a
Westinghouse team member, who will size, specify, and supply
the recuperator for the ATS, has designed and produced recuper-
ators for large industrial gas turbines ranging in power levels
from 6000 to 60,000 hp. Gas turbines with AiResearch recuper-
ators are being used for gas pipeline pumping, electric utility
peaking power, and chemical plant power generation.

The standard core shown in Fig. 6, utilized by AiResearch
for large industrial recuperators, has a stainless-steel, brazed,
plate fin construction. It is designed for 5000 start/stop cycles

and 120,000 hours of operation with exhaust gas temperatures
up to 1200°F (650°C). The design has proven to be completely
compliant by extensive laboratory tests and over 1,000,000
hours of field experience.

Higher temperature capabilities, if needed in the ATS engine,
will be facilitated by the substitution of a new material, which
has 1300°F (704°C) temperature capability. Material develop-
ment work is currently being done at 1500° to 1800°F (815 to
980°C).

AiResearch has performed a rough sizing for the ATS recu-
perator, at possible system operating conditions to achieve an
effectiveness of 0.942 with a combined pressure drop of no
more than 3.45 percent at an exhaust flow rate of about 1146
Ib/s (520 kg/s). The high effectiveness, low pressure drop,
and high flow rates dictate the size of the design, as shown in
Fig. 7. The requirements can be met by a system of counterflow
heat exchangers, each handling part of the total flow of air and
of gas.

The temperature drops and pressure losses in the piping lead-
ing from the combustor shell to, and from, the recuperator must
be added to the estimated core performance to assess the full

Fig. 4 Westinghouse 501F gas turbine
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Fig. 5 WR21 engine system with compact surface intercooler

impact on the cycle efficiency. In the case of the Westinghouse
Model 352 unit, air leaves the combustor shell, and returns to
the unit through pipes located both above, and below, the hori-
zontal split line on the shell (as shown in Fig. 8 for the lower
half). Within the shell itself, hot and cold air are separated by
a flexible dividing wall. Turbine casing structural connectivity
was obtained by the use of ribs (struts), each bolted at one end
to the compressor cylinder, and at the other end to the turbine
cylinder. The horizontally split combustor shell could thus be
designed to contain the pressurized gases, yet be flexible.

Additionally the lessons learned in the Model 352 unit that
will be factored into the ATS design include the absolute neces-
sity of sealing all clearances in the dividing wall and in the
transition-basket, and transition-row 1 vane interfaces to ensure
that compressor delivery air is actually forced to flow to the
recuperator. Often in the past, when recuperated engine effi-
ciency targets were not met, the cause was determined to be
the bypass of air around the recuperator (in the combustor shell
region). Also, the minimization of (using closed-loop steam
cooling in combination with thermal barrier coatings) and ac-
counting for, heat pickup by compressor delivery air as it flows
around the hot transitions while heading to the recuperator,
needs to be considered. Every Btu picked up by compressor air
reduces the heat that can be transferred from the exhaust, and
thus, reduces cycle efficiency.

Initial studies suggested the possibility that evaporative recu-
peration may improve ATS efficiency, since more exhaust heat
could be transferred into the topping Brayton cycle through
moisture evaporation. In the current study, if the detailed ther-
modynamic cycle evaluation confirms this idea, then the possi-
bility of water injection in the recuperator cores (either within
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the air side fin sections, or in the outlet headers) will be investi-
gated.

Thermochemical recuperation of gas turbine exhaust energy,
as shown in Fig. 9, was also considered. Here only the gas
turbine would produce power (no longer a combined cycle) by
burning reformed, recuperated fuel. Methane and sufficient
steam in the presence of a catalyst, and at appropriate tempera-
ture, will reform into a fuel consisting of H, and CO. None of
the latent heat of vaporization of steam generated in the HRSG
is lost to the cycle, and so the potential exists for efficient
exhaust energy recuperation.

In current reforming technology, methane conversion effi-
ciency is a function of pressure, temperature, and excess steam/
methane ratio. Therefore, the reformed fuel could consist of CO,
H,, and CH, in various ratios depending on process variables.

Cooling Requirements and Possible Alternatives

Currently the first three (of four) stages in the 501F turbine
are cooled. First-stage vane cooling is accomplished by a combi-
nation of impingement, film, and convective cooling. First-stage
blade cooling incorporates serpentine, ribbed, and pin passages
with external film. Both of these highly complex cooling
schemes may be further refined, but potential cooling air reduc-
tions may be small. Alternatively, several approaches that have
been investigated in the past may be reconsidered.

One of the most promising of these is shell/spar construction.
Shell/spar vanes and blades may be formed by bonding a thin
nonporous aerofoil-shaped metal sheet (the shell) to an inner
hollow cast support member (the spar), or by casting. Cooling
air for the assembly is supplied from alternate cavities within the
spar (the supply cavities). It flows along chordwise convection
cooling channels between the spar and the shell and returns to
the remaining spar cavities (the discharge cavities). The heated
or spent cooling air is then routed. from the discharge cavities
to the main gas stream through exit holes in the shrouds or
aerofoil.

Westinghouse, together with Allison/General Motors (GM),
made an extensive study of air cooling approaches suitable for
industrial size gas turbines at the elevated firing temperature of
2650°F (1454°C) and 3000°F (1650°C) under a U.S. Energy
Research and Development Administration High Temperature
Turbine Technology program. This work identified the feasibil-
ity of reaching these temperature levels using an advanced tran-
spiration-type air cooled technology.

One candidate for the row 1 vane is shown in Fig. 10. This
transpiration design consists of two layers of sheet material
diffusion bonded to a hollow, cast spar. In the leading edge
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Fig. 8 Model 352 recuperated gas turbine

region, the sheet material is solid to minimize susceptibility to
erosion and deposition. It is cooled by a multiple diffusion
bonded scheme. In the trailing edge region, the outer layer of
the sheet material is solid for aerodynamic and fabrication rea-
sons and is cooled via chordwise channels located in the inner
layer of the skin. Over the rest of the airfoil, the skin is tangential
injection Lamilloy®, which is a porous material that produces
quasi-transpiration cooling. A cutaway drawing of a typical
Lamilloy geometry is shown in Fig. 11 (Lamilloy is a registered
trademark of Allison Division/GM). Preliminary studies have
demonstrated the improved heat transfer effectiveness of Lamil-
loy over conventional multipass cooling.

Spanwise holes that taper from hub to midheight represent an
improvement over constant-diameter holes used in rotor blade cool-
ing. With this technique, increased cooling in the critical midheight
region is obtained by reducing over cooling in the hub region re-
sulting from the lower coolant temperature as the cooling air enters
the hub region. Increased hub region flow area obtained by tapering
reduces heat transfer in that region, thus reducing temperature rise
in the coolant as it flows radially outward.

Another variation in cooling hole geometry is integrally to
cast circumferential ribs periodically spaced along the length
of each cooling hole. These act as flow turbulators to produce
turbulent rather than laminar heat transfer for the cooling air.
Field tests have been run on a Model 501 engine comparing
smooth and turbulated holes. These tests verified that the heat
transfer coefficient doubled by the use of the turbulators. A
combination of turbulators and tapered holes could provide a

very significant improvement in the cooling effectiveness re-
quired for the first-stage rotating blade and possibly the second-
stage rotating blade.

Westinghouse policy has been to use high-strength ferritic
steel for rotating parts such as disks and torque tubes. The
advantages of the low-alloy, time-proven NiCrMoV turbine disk
material over Ni-based alternatives are better fracture tough-
ness, lower cost, availability in industrial size forgings, and
higher strength at the 750°F (400°C) design temperature. This
material can only be used up to approximately 800°F (427°C)
for temper embrittlement concerns.

For the ICR cycle, the HP compressor discharge temperature
will always be sufficiently low so that it can be used, uncooled,
for rotor cooling. The use of compressor discharge or interstage
bleed air to cool engine parts reduces engine efficiency by up
to 0.5 percent for each percent of cooling air utilized, depending
on the coolant source and flow path entrance conditions. In the
501F engine, some 60 percent of the cooling air is used for
aerofoil cooling. Most of the remainder leaks into the turbine
hot gas flow through clearances in the parts that bound the
coolant flow path as it proceeds to its destinations throughout
the engine. These clearances are required to permit differential
expansion of parts during temperature transients in order to
avoid low cycle fatigue damage.

Another area that has a large potential for cooling air reduc-
tion is the reduction of the combustor outlet hot spot that the
turbine blading must account for during design. In the case of
the stage 1 vane, some vanes in the row will be directly impacted
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Fig. 9 Intercooled, thermochemical recuperative cycie
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by the hot spot. This hot spot will be carried downstream, but
will be attenuated somewhat by the averaging process due to
blade rotation. Even so, the hot spot temperature may also have
a special effect on the first rotating blade due to time-averaged
migration to the pressure side. Once the amount of hot spot
reduction is known, the amount of cooling flow reduction can
be estimated and the improvement in cycle efficiency predicted.
Hot spot reduction will be estimated from ongoing tests of
premix lean-burn combustors employing reduced cooling.

Closed-Loop Steam Cooling

Another innovation that will provide increased ATS cycle
efficiency at constant RIT is closed-loop steam cooling. Closed-
loop steam cooling involves directing a portion of the dry steam
raised in the HRSG through the walls of hot end components,
such as combustor baskets, transitions, and vanes, prior to ex-
panding it through the steam turbine. The steam is superheated
as it removes heat radiated and convected from the hot gas path.
The idea of using steam to cool a gas turbine was suggested in
the 1960s (Arsen’er et al., 1990).

When a comparison is made of the implications of replacing
cooling air with bottoming cycle steam, while maintaining con-
stant RIT, it is found that temperatures in the combustion reac-
tion drop significantly because the same quantity of fuel is
burned with much more air (original quantity, plus all the air
that was used for basket wall, transition wall, and row 1 vane
wall cooling). Thus, emissions may drop because the premix
lean-burn, dry low NO, combustion will be even more lean
provided flame stability is maintained.

The total pressure available at the first rotor inlet for expan-
sion through the turbine will be higher, because no momentum
mixing loss between cooling air and mainstream gas flow will
have occurred. Therefore, extra power will be produced by the
gas turbine. Also, the hot spot temperature from each basket
will be reduced since much less AT/T was required. This will
reduce both row 1 vane and blade cooling requirements. Addi-
tional kilowatts will be generated in the steam turbine from
the higher temperature (but lower pressure) steam expanding
through the steam turbine.

Use of steam cooling in the row 1 vane would raise ATS
efficiency 0.8 percentage points. Inclusion of the heat extracted
from the baskets and transitions would further raise efficiency.
Steam cooling for row 2, 3, and 4 vanes would also produce
more power, and would additionally boost ATS efficiency, since
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exhaust temperature would rise, thus reducing fuel consumption
(roore heat transferred across recuperator to compressor deliv-
ery air), and recuperator exhaust temperature would also rise,
resulting in the raising of more steam in the HRSG. The net
effect could be to raise ATS efficiency another 0.5 percentage
point or more.

Closed-loop steam cooling is a very attractive means of
boosting ATS combined cycle efficiency. The technical chal-
lenges are significant, but are all understood and lend them-
selves to design and analysis. Factors that must be considered
include: (1) control requirements to ensure an uninterrupted
supply of steam; (2) steam pressure loss minimization and leak-
age elimination; (3) heat transfer requirement and steam capaci-
ties; (4) steam cooling paths through components and casting
lirnitations; and (5) maintaining constant thermal stress to as-
sure required low cycle fatigue life.

The possibility of applying closed-loop steam cooling to the
rotating blades should also be investigated. A conceptual design
of steam transfer into, and retrieval from, the shaft, as well as
routing through the disks and blades, will be investigated. The
complexity and development effort will be weighed against the
potential gain in cycle efficiency to determine the advisability
of pursuing this option.

Advanced Aerodynamic Design

The 501F compressor was designed between 1986 and 1988
by Westinghouse using 20 years of successful design experience
on the 501 frame (501 AA to 501D5). The experimental knowl-
edge gained in the 501 compressor was incorporated into a
design system using appropriately prescribed aerofoil shapes
with their loss and deviation characteristics incorporated into a
compressible flow. The key element in the design process was to
achieve a compressor design, which could be built and applied
confidently in the engine without developmental testing. This
target was achieved using the base of experience that grew as
the 501 evolved from the 501AA to the 501DS5. The total experi-
ence was developed into compatible parts of a system for design
and performance analysis, which provided the necessary confi-
dence to develop the new 501F compressor.

The design was successful, and resulted in the high-effi-
ciency, low-loading, high surge margin, 16-stage compressor.
For the compressor(s) of the ATS it is anticipated that this
traditional Westinghouse approach will be strengthened.

The 501F turbine aerodynamic design benefited from turbine
design experience and the application of advanced three-dimen-
sional design techniques. The resulting high-efficiency four-
stage turbine configuration contributed greatly to the success of
the 501F. Within this basic four-stage turbine philosophy, it is
anticipated that further aerodynamic refinement can be incorpo-
rated.

Fig. 11 Schematic of typical lamilloy geometry
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Reduction in Leakages, Clearances, and Mechanical
Losses

Additional gains in ATS efficiency can be realized through
more efficient utilization of cooling and sealing air, and reduc-
tion in mechanical losses. It is intended to incorporate ideas
that have in many cases been formulated, but not implemented
in the past.

Improvement of component performance is possible by re-
ducing clearances in both the compressor and turbine. The use
of knife edge seals on disk seal arms that wear into abradable
material such as felt metal or filled, honeycomb surfaces that
are mounted on the stationary compressor and turbine seal hous-
ings, is a method of minimizing running clearance. The process
of rubbing the knife edge into the abradable surface during both
steady-state and transient operation will produce a groove in
the abradable material and establish both a minimum radial and
axial running clearance. The final steady-state clearance will be
smaller than when seals are designed not to rub. With the knife
edge seal rubbing into the abradable material, the frictional heat
generated by rubbing is not large enough to cause structural
distortion.

Innovative brush seals, which are gradually finding accep-
tance in gas turbines, will be considered for the ATS engine.
These seals restrict the flow of air through a gap between sta-
tionary and rotating components by filling the gap with a brush
of very fine (0.0025 in. [0.0064 cm]) alloy wires. The wires
are oriented at 45 deg to the radial direction so they can bend
and accommodate transient reduction of radial clearance. Cost
versus benefit from reduced leakage flow is the major tradeoff
to be considered.

Further clearance reduction beyond wear-in type seals would
be to utilize an active clearance control design that would reduce
the running clearance caused by transients. It is well docu-
mented that the largest clearance required between rotating and
stationary parts occurs during startup of a cold engine. If a
method can be developed to minimize or eliminate this added
clearance, then operation with a running clearance set only by
steady-state operation can be achieved. Reduction of the tran-
sient clearance is important because, in most cases, especially
for the blade tips, the transient clearance requirement is more
than double that required for steady state. The effect of elimina-
tion of the transient allowance is to reduce the steady-state
leakage area and resulting flow by one half.

Some improvement in overall cycle efficiency is possible
with a reduction in mechanical and/or windage losses. The use
of a directionally lubricated thrust bearing to replace the more
conventional flooded design will reduce the mechanical loss.
These bearings are being used commercially and could be used
for this application. If a concern exists that a sudden loss in oil
supply would cause damage to the bearing and rotor, an oil
reservoir could be designed to protect the bearing during an
emergency shutdown.

Another area for even greater improvement would be the
application of active magnetic thrust and radial bearings in place
of the conventional oil lubricated bearings. These types of bear-
ings are currently being used in small gas turbines (~2 MW),
and special applications, and are under development for large-
size applications such as gas turbines. This system would elimi-
nate the need for an oil lubrication system. It would benefit the
cycle by reducing mechanical losses for the turbine bearings,
oil system pumps, oil cooler fans, etc., and would also eliminate
the oil cooler, piping, fire protection, controls, etc.

Another area that translates into a mechanical loss is windage
created by any rough or protruding surface, such as uncovered
coupling bolts, blade root projections, etc. In any design, atten-
tion to minimizing areas that create windage must always be
considered.
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Fig. 12 Temperature advantage of Westinghouse DS and Westinghouse
SC alloys

High-Temperature Material Requirements and Needed
Development

Materials play a critical role in the design of engines with
higher firing temperatures, since the temperature capability of
materials establishes the cooling requirements, which in turn
affects the engine efficiency. Hot section components for land-
based engines typically require materials with superior mechani-
cal properties and good corrosion/oxidation resistance at ele-
vated temperatures. Ni and Co-base superalloys with high Cr
content are extensively used for this application, the chemistry
of these alloys having been adjusted to yield an optimum combi-
nation of strength and corrosion/oxidation resistance. At higher
firing temperatures, additional protection of hot section super-
alloy components by coatings has become an absolute necessity.
It may not be possible to adjust the composition of superalloys
further to obtain higher strength and better hot corrosion and
oxidation resistance at elevated temperatures without adversely
affecting their stability. The high-temperature strength of super-
alloys arises from a combination of various hardening mecha-
nisms, the most potent being precipitation hardening. The com-
mercial superalloys are solution treated (around 2050° to 2300°F
[1121° to 1260°C]) and aged to obtain optimum elevated tem-
perature properties. Thus, the ultimate temperature capability
of these materials is limited by the solution treatment tempera-
ture. The advent of single crystal casting, which eliminates
the need for grain boundary strengthening elements, makes it
possible to increase the solution treatment temperature.

The third and fourth-generation Ni-base single crystal alloys
offer a temperature advantage of about 200°F (111°C) com-
pared to conventionally cast IN-738, which is used as a blading
material in land-based engines. The French have developed a
single crystal alloy with 16 percent Cr, which offers a 90° to
100°F (50° to 56°C) temperature advantage at about 22 kpsi
(1547 kg/cm?) stress level when compared to conventionally
cast IN-738.

Westinghouse has been developing corrosion resistant direc-
tionally solidified (DS) and SC Ni-base superalloys for land-
based engine applications (Cr levels around 16 percent). At
typical row 1 blade operating stress levels, these new alloys in
the DS condition offer a temperature advantage of around 75°
to 100°F (42° to 56°C) when compared to equiaxed IN-738, as
shown in Fig. 12. Westinghouse SC alloys are expected to
exhibit 50° to 100°F (28° to 56°C) higher temperature capability
than that of the corresponding DS alloys.

Coatings used for land-based hot section components fall intc
the categories of corrosion resistant and thermal barrier. As
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Fig. 13 MCrAlY coating degradation

the name implies, the former is applied for corrosion and/or
oxidation protection, while the latter is used to reduce the heat
transfer between the gas stream and the substrate of the coated
component. It is known that when corrosion-resistant MCrAl'Y
coatings are exposed to elevated temperature, they degrade due
to inward and outward diffusion of elements present in the
coating. The extent of degradation depends both on service
temperature and time. Figure 13 shows MCrAlY coating degra-
dation as a function of service exposure at a temperature of
around 1700°F (927°C). After 9000 hours of operation, the
coating structure reveals denuded zones at the outer surface as
well as at the coating—substrate interface. The coating was also
locally corroded/oxidized at its outer surface. After 19,000
hours of operation, the coating was almost completely corroded/
oxidized, and the substrate was oxidized significantly. These
results show that current MCrAlY type coatings do not offer
reliable protection at ATS target metal temperatures.

Advanced coatings are needed to realize the full potential of
new DS and SC alloys. At present, thermal barrier coatings
(TBCs) are being used in service on static components and are
being evaluated for application to rotating parts. The TBC is
needed to lower the substrate temperature and to improve the
reliability of MCrAlY coatings. Although these coatings are
being used industry wide, development work is needed to in-
crease their temperature capability for reliable service in ATS
engines.

For both corrosion-resistant and TBCs, programs to evaluate
all available coatings, select candidate coatings, perform screen-
ing tests, and outline long term development plans will be estab-
lished.

The target RIT for an ATS engine requires implementation
of SC and DS components coupled, with advanced coatings
(including TBC) to minimize cooling air/steam usage in the
ATS engine. The key is to take advantage of increasing creep
strength by letting the 